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THEME

The problems arising from secondary flows remain unresolved and continue to be a major source of reduced
performance in advanced turbomachinery. Optimization of blade design with regard to secondary flows is still done on an
empirical basis. The meeting was intended to assemble specialists on computational and experimental methods for dealing
with questions associated with these flows. The meeting was concerned with secondary effects in both compressors and
turbines and considered the flows in blade passages and in clearances,

Les problkmes cr66s par les 6coulements secondaires restent sans solution et sont l'une des causes principales de la
diminution des performances dans les turbomachines avanc~es. L'optimisation de la conception des aubes par rapport aux
kcoulements secondaires se fait encore de faqon empirique. L'objet de la reunion fut de rassembler les sp~cialistes dans le
domaine des m~thodes exp~rimentales et de calcul qui permettent de rdsoudre les diffdrentes questions soulevdes par Ces
6coulements. La rdunion a examind les effets secondaires cr66s dans les compresseurs et les turbines, ainsi que les effets des
6coulements dans les canaux des aubes et les d6gagements.

I
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TECHNICAL EVALUATION REPORT
on PEP 74th-B Specialists' Meeting

on SECONDARY FLOWS IN TURBOMACHINES

by

Dr A.J.Wennerstrom
Air Force Wright Aeronautical Laboratoiies/POTX

Wright Patterson Air Force Base
Ohio 45433
United States

1. SUMMARY

The main objective of this meeting was to assemble specialists on computational and experimental methods who are
concerned with secondary flows in advanced turbomachinery to establish the state-of-the-art and to see in which direction
present and future research is and should be heading. The meeting accomplished this objective.

It was concluded that computational fluid dynamics (CFD) was now providing useful design guidance, gave a very good
qualitative picture of secondary flows, but still had some quantitative deficiencies. Hybrid methods, now regularly applied to
multi-stage compressor design, are still undergoing useful refinement and appear applicable also to the design of multi-stage
turbines. Current experimental work is often characterized by great detail and will aid in evaluating existing secondary flow
models as well as in the conception of new models.

Recommendations made included more emphasis on those aspects of CFD which will improve quantitative predictions,
more use of CFD for heat transfer computations, application of %hat is described as the third level of CFD computation to heat
transfer in cooled rotors, and continued refinement of hybrid methods including greater emphasis on their application to multi-
stage turbines. Another meeting on this or a closely allied topic was recommended five or six years hence.

2. INTRODUCTION

AGARD's first meeting devoted exclusively to the topic of secondary flows in turbomachines was held in March 1977. A
closely related topic was addressed six years later when AGARD sponsored a meeting on viscous flow in turbomachines in June
1983. Now, returning once again to the subject of secondary flows, several pronounced new developments can bc observed.
First, computational fluid dynamics, conspicuous by its absence in the first two meetings, now played a role in over half of the
papers comprising the present meeting. On the other hand, applications of classical secondary flow theory and boundary layer
analyses were far fewer. Second, hybrid flow models such as introduced by Adkins and Smith (1982) and Gallimore and
Cumpsty (1986) now appeared in four papers. By a hybrid model, I am referring to semi-empirical models of secondary flow
features superimposed on an axisymmetric solution to obtain a practical design approach suitable for multi-stage
turbomachines. Third, secondary flow effects on heat tranfer, a subject not addressed at all in the first two meetings, was
discussed in three papers of the present meeting.

3. CONTENT OF THE MEETING

Of the twenty-seven numbered papers in the meeting, twenty-four were presented. Paper Nos. 11, 14 and 22, were
withdrawn. No manuscript was available for Paper No. 4 at the time of the meeting.

A total of thirteen papers dealt with computational fluid dynamics (CFD). These were comprised of Paper Nos. 4, 5, 7,8,
9,2,!3,16,!8, 2!, 23, 25 and 26. Of these, Paper No, 5, 7,g, Q, 12, 16, 1 R 21 and 26 showed comparisons with experiments.
Paper Nos. 4, 13, 23 and 25 were computational only. The authors oi Paper Nos. 4, 5 and 21 used parabolized methods. The

authors of Paper Nos. 8, 16 and 18 showed comparisons with previously established experimental results; the other six authors
showing comparisons with data included new experimental results.

Four papers dealt with hybrid through-flow calculations for multi-stage turbomachinery. Paper Nos. 1, 3 and 17 were
compressor oriented. Paper No. 15 was focused on turbines. Six papers dealt with experiments only. These papers, all
concerning turbines, were Nos. 6, 10, 19, 20, 24 and 27. Eleven papers presented new experimental results. These were
comprised of Paper Nos. 5, 6, 7,9, 10, 12, 20, 21, 24, 26 and 27.,

Three papers dealt with heat transfer. Paper No. 24 was experimental only. Paper No. 25 was computational only. Paper
No. 26 included both computational and experimental results.

ix
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Seven papers dealt with compressors. These were Paper Nos. 1, 2, 3. 12, 16, 17, and 18.

Eighteen papers dealt with turbines. Of these, Paper Nos. 25 and 26 dealt with flow internal to the blades within cooling
passages. All the rest dealt with external flow around the blades; these were comprised of Paper Nos. 4, 5, 6, 7,8, 9, 10, 13, 15,
16, 19,20,21, 23,24 and 27.

The reader will observe from the above that the papers could be grouped in many different ways. Because no particular
grouping ,eemed clearly superior to any other, I have chosen to present a short synopsis of each paper in numerical order
according to Paper No. as they are arranged in this Conference Proceedings.

Session I - Basic Flow Phenomena
1. Secondary Flows and Radial Mixing Predictions in Axial Compressors

by J.De Ruyck, Ch.Hirsch, P.Segaert

De Ruyck et al. present a hybrid axisymmetric through flow computation which uses a modified Gallimore and Cumpsty
turbulent mixing concept plus convective transport mechanisms incorporated into an S3-surface computation. The convective
model is treated explicitly while the diffusive mixing is modelled empirically. Three test cases are evaluated; a cascade and two
compressor rotors. It is concluded that reasonable agreement is generally obtained but some radial velocities on the suction side
are under-estimated. Turbulent diffusion appears important in all cases while convective mixing only becomes significant under
certain conditions.

2. The Effects of Compressor Endwall Flow on Airflow Incidence and Deviation

by R.P.Dring and H.D.Joslyn

Dring and Joslyn discussed different ways of defining the average flow angle in the blade-to-blade plane downstream of a
blade row. They made the point that only one definition is consistent with the formulation of through flow theory. The end-wall
regions are particularly sensitive to this and they showed that different averaging methods could lead to discrepancies in
incidence and deviation angle of as much as 13 degrees.

3. A Study on Secondary Flow and Spanwise Mixing in Axial Flow Compressors
by M.Eriklet and A.S.OUer

Eriklet and U0er present a hybrid axisymmetric through flow computation using the finite element method which
combines the Gallimore and Cumpsty spanwise mixing model, two-dimensional loss and deviation correlations and a three-
dimensional secondary flow loss correlation. Comparisons are made with both low and high speed compressor data. They
conclude that the mixing model appears to behave correctly when given the right data, but that the empincal two and three-

dimensional loss, deviation, and end-wall blockage calculations do not yet lead to reliable predictions of radial distributions for
multi-stage compressors.

4. Calculs Parabolisds d'Ecoulements Turbulents Tridimensionnels dans tine Turbine
par P.Ferrand, ELeboeuf, EPaumel, E.Parkinson, J.Bernard et A.Ribert

Ferrand et al. presented results of some preliminary calculations using a parabolized three-dimensional Navier-Stokes
computation to calculate the flow through two curved ducts. One example was a rectangular 90 degree bend, and the second
was a two-dimensional turbine-shaped passage lacking periodicity. Results presented were tentative and qualitative; no written
manuscript was available. Results with the 90 degree bend illustrate the correct trends. Those with the turbine-shaped passage
had some problems. The usual difficulty of parabolized methods treating separation, i.e. reverse flows, was acknowledged.

3. Numerical Study on Basic Phenomena of Secondary Flows in Tirbincs
by R.Niehuis, P.LUcking and B.Stubert

Niehuis et al. examined an annular cascade of turbine nozzle guide , anes of medium aspect ratio both experimentally and
computationally. The computations were done with an Eule code and also a partially-parabolized Navier-Sokes code. Two
other model configurations were examined computationally with and without finite blade thickness. Neither type of code used
could directly treat reverse flow and separation. These, and also other authors at this meeting, concluded that proper simulation
of the inlet conditions, particularly the boundary layer profiles, have a strong influence on computed solutions and must be well
modelled if good agreement with experiments is to be obtained. The Euler code provided surprisingly good solutions in spite of
its inability to simulate the horseshoe vortices. The partially-parabnlized Navier-Stokes code could only partially simulate the
horseshoe vortices but also compared well with experiment. The authors concluded that the passage vortex was th, dominant
secondary flow near the endwalls and the horseshoe vortices appeared to be of minor importance. The additional model
configuration calculations also supported this conclusion. Although inlet boundary layers are caused by viscous effects, it was
observed that the rolling up process to form secondary vortices is primarily an inviscid effect thus explaining the success of the
Euler computations.

6. Secondary Flows and Reynolds Stress Distributions Downstream of a Turbine Cascade at Different Expansion Ratios
by A.Perdichizzi, M.Ubaldi and P.Z:iino

Perdichizzi et al. presented results of an experimental investigation using hot wire measurements of secondary flows and
turbulence behind a turbine nozzle cascade. Turbulence kinetic energy distributions were determined among other things.



Session I1 - Experimental Results

7. An Investigation of Secondary Flows in Nozzle Guide Vanes
by R.G.Dominy and S.C.Harding

Dominy and Harding made an experimental and computational investigation of low aspect ratio turbine nozzle guide
vanes having three different spanwise stacking philosophies. They showed that three-dimensional considerations allow
considerable design control over spanwise loss distributions and can be used to advantage. They conclude that three-
dimensional viscous flow calculations are indispensible for reliable analysis of such configurations. Codes used were by Moore,

3Dawes, and Denton.

8. Secondary Flow Predictions for a Transonic Nozzle Guide Vane
by G.C.Horton

Horton analyzed a similar turbine nozzle guide vane with the Dawes three-dimensional viscous code, and compared his
results with experimental data. He also obtained relatively good agreement between computation and experiment, and
suggested that the code might be used to predict loss as an integral part of the turbine design process.

9. Secondary Flow in a Turbine Guide Vane with Low Aspect Ratio
by D.Wegener, J.Quest and W.Hoffmann

Wegener et Ia. also used the Dawes codes to model another similar turbine nozzle guide vane and compared the
calculation with extensive experimental results. They also achieved good correspondence between measured and calculated
velocities but described the loss prediction as not yet satisfying. They suggested that optimizing the mesh geometry at the
trailing edge and in the downstream region might lead to further improvement.

10. Measurement of the Flow Field in the Blade Passage and Side-Wall Region of a Plane Turbine Cascade
by E.Detemple-Laake

Detemple-Laake presented an experimental study of s%;veral features of a linear cascade of highly loaded turbine rotor
blades. The secondary flow characteristics observed were described. However, the results presented were part of a much more
comprehensive program and no conclusions were drawn.

11. Paper is cancelled.

12. Centrifugal Impeller Geometry and its Influence on Secondary Flows
bu H.Krain and W.Hoffmann

Krain and Hoffmann provided one of only two papers dealing with centrifugal compressors. Experimental data for two
backswept impellers was presented along with results of supporting three-dimensional viscous computations using the Dawes
code. Experimental and computational results both showed significant differences in the secondary flow between the two rotors
and were qualitatively in good agreement. The authors suggest that a three-dimensional viscous code can be used for secondary
flow control in the design of future impellers.

Session III - Three-Dimensional Computation and Comparison with Experiments

13. Calcul de 'Ecoulement Tridimensionnel Turbulent dans un Aubage Rectiligne de Turbine
par L.Cambier et B.Escande

Cambier and Escande discuss a three-dimensional Navier-Stokes computation of turbulent flow through a linear turbine
cascade. A unique feature of this work was a multi-grid scheme employing on 0-type subdomain around the blades and H-type
subdomains up and downstream in order to model accurately the rounded leading and trailing edges while maintaining up and
downstream boundaries sufficiently far from the blades. Results are shown to be qualitatively similar to experimental results
obtained at a lower flow velocity.

14. Paper is cancelled.

15. Calcul des Ecoulements Secondaires dans une Turbine Axiale
par J.Bemard et EFalchetti

Bernaid and Falchetti have introduced probably the first published hybrid axisymmetric through flow computation aimed
at multi-stage turbines. It employs boundary-layer concepts and is aimed at incorporating secondary-flow effects in this type of
calculation. Examples were shown for a low pressure turbine nozzle and a low pressure turbine stage. Results were promising;
angic prcdictiorf looked good, losses and blockago need further refinement.

16. Generation and Decay o- Secondary Flows and their Impact on Aerodynamics Performance of Modem
Turbomachinery Comn, nents
by CMah
Hah used a three-dimensional Navier-Stokes code to study two turbine nozzle designs and two centrifugal compressor

impeller designs. In both cases, one design performed significantly better than its counterpart. Hah's objective was to see if such
a code could predict the observed differences which are often not evident from axisymmetric design methods supported by
correlations. He concluded that such a code can make valid comparisons between candidate designs and thus can be used as a
practical design aid to shorten the component development process.



17. Secondary Flow Calculations for Axial and Radial Compressors
by D.Douvikas, J.Kaldellis and K.D.Papailiou

Douvikas et al. have presented a new formulation of secondary flow features incorporated into a hybrid axisymmetric
through-flow computation. "he notion cf a peripheral blockage is introduced. A total kinetic energy equation is substituted for

an entrainment equation. Sample results are shown for application to a compressor cascade, a radial impeller, and two single-
stage axial compressors. Results appear good. It is suggested that the methodology might be extended to turbines.

18. The Numerical Simulation of Multistage Turbomachinery Flows
by JJ.Adamczyk, T.A.Beach, M.L.Celestina, R.A.Mulac and W.M.To

Adamczyk et al. presented an approach applicable to computational fluid dynamic modelling which raises the level of
sophistication to a third level. Early three-dimensional models examined only a single blade row, rotating or stationary. A
second level of sophistication was introduced by Denton and subsequently others which took into account the effects of
adjacent blade rows by circumferentially averaging the spanwise parameter distributions of adjacent, primarily upstream, blade
rows in order to provide better steady flow boundary conditions for the blade row analyzed in three dimensions. Adamczyk et
al. have now illustrated an approach to incorporate non-steady terms heretofore neglected. Examples are presented to indicate
the importance of these terms.

Session IV - Tip Clearance Flows

19. Research on Cascade Secondary and Tip-Leakage Flows - Periodicity and Surface Flow Visualization
by L.S.Langston

Langston has focused on the achievement of periodicity in testing large linear cascades having few airfoils and also on
surface flow visualization techniques and their interpretation. He indicates how certain experimental techniques combined with
a potential flow solution can help to achieve periodicity in a cascade of as little as four blades. He describes three surface flow
visualization techniques all employing oil and describes their features as well as some precautions concerning their use.

20. Losses in the Tip-Leakage Flow of a Planar Cascade of Turbine Blades
by M.I.Yaras and S.A.Sjolander

Yaras and Sjolander present experimental results associated with tip leakage flow in a linear cascade of turbine rotor
blades with stationary end walls. They conclude that the largest part of the loss is associated with the kinetic energy of the flow
discharging from the gap, but that much of this loss did not appear in exit plane measurements until about one chord length
downstream.

21. Computational Prediction and Measurements of the Flow in Axial Turbine Cascades and Stages
by H.E.Gallus, K.Weskamp and J.Zeschky

Gallus et al. present a comparison between results obtained experimentally with a turbine nozzle cascade and a full turbine
stage with computations made using a three-dimensional, partially-parabolized Navier-Stokes code. The paraboiized code
limits the computation to cases involving no flow separation and the H-grid employed required a sharp trailing edge. Rotor
clearance was not yet included. In spite of these limitations, the computation could describe the principal three-dimensional
effects and achieved good agreement with the pitch-averaged stator exit flow.

22. Paper is cancelled.

23. Analysis of the Rotor Tip Leakage Flow with Tip Cooling Air Ejection
by W.Koschel, H.Schmidt and A.Vornberger

Koschel et a). present a numerical simulation of turbine rotor tip leakage flow occurring with three similar configurations.
One has a plain square-cut tip; the other two have a trenched tip and are analyzed with and without coolant ejection. Results
show that the coolant flow injection had a minor effect on the discharge mass flow in the presence of wall motion but that a
pronounced influence of wall motion is observed for the blade with coolant flow injection.

Session V - Secondary Flow Effects on Heat Transfer

14. Detailed Heat Transfer Measurements in Nozzle Guide Vane Passages in Linear and Annular Cascades in the Presence
of Secondary Flows
by N.Wiiarvey, Z.Wang, P.Tlreland and l:VJones

Harvey et al. present the results of heat transfer measurements in turbine nozzle guide vanes using liquid crystals in a linear
cascade and using thin-film gauges in an annular cascade. Both experiments used transient techniques; however, the annular
cascade test was accomplished at engine representative Reynolds numbers and Mach numbers. The liquid crystals
demonstrated the capability of providing great detail in contours of heat transfer coefficient. A fluorescent dye flow
visualization technique was used in the annular cascade test to aid in interpretation. Detailed measurements also proved
possible with the thin film gauge technique and could be interpreted in terms of the secondary flow features. A computational
technique introduced achieved a reasonable prediction of the streamline pattern.



25. Effects of Secondary Flow on Heat Transfer in Rotating Passages
by J.G.Moore and J.Moore

Moore and Moore have addressed the question of heat transfer through a rotating 180 degree bend using the Moore
elliptic three-dimensional Navier-Stokes code. This problem is important for predicting cooling flows in the interior of a cooled
turbine blade. The analysis was compared with data from a rotating square channel. Predicted and measured heat transfer rates
for rotating channels were substantially higher than for stationary channels. However, some disagreement among different
investigations was noted.

26. Etude Th6orique de l'Ecoulement dans un Canal en Rotation. Approche Exp6rimentale par la Visualisation
de I'Ecoulement dans un Canal Courbe
par J.Guidez, P.-J.Michard, D.Dutoya et J.Perucchini

Guidez et al. have also evaluated flow through a rotating channel simulating the interior cooling passage of a cooled
turbine blade. Their results concur with the Moores' in that rotation increases the heat transfer coefficient. Experimental
evidence is provided and is supported by three-dimensional Navier-Stokes computations. The secondary flow features are
d. cribed.

27. The Effect of Secondary Flow on the Redistribution of the Total Temperature Field Downstream of a Stationary
Turbine Cascade
by W.E.Carscallen and P.H.Oosthuizen

Carscallen and Oosthuizen prcsented results of a cold turbine linear cascade test which, for a uniform inlet total
temperature, produced a non-uniform total temperature at the cascade exit. They speculated on possible reasons for this.

4. CONCLUSIONS

(1) With respect to computdtional fluid dynamics (CFD), opinions varied concerning how much one could rely on it at the

present time. The views expressed can be summarized roughly as follows:

• - There was unanimous agreement that CFD can provide usefu, design guidance.

-- All authors felt that CFD could represent qualitative secondary flow features well.

- All authors concerned with turbine blades felt that it was vital to model inlet boundary layers adequately.

- Pressures or velocities seemed reasonably well predicted by all CFD codes discussed.

- There is generally much more disagreement or skepticism concerning how accurately they now predict losses and exit
flow angles.

- Three authors used partially-parabolized methods. Recognizing that these codes cannot directly treat separated flows,
the authors still felt that the codes modelled the most important secondary flow features to a useful degree.

- CFD appears ready to make significant contributions to heat transfer.

- The paper presented by Adamczyk introduced a third level of three-dimensional CFD modelling. I define the first
level of modelling as the study of an isolated blade row in three dimensions and steady flow. The second level of
modelling was introduced by Denton and subsequently others wherein the effect of adjacent blade rows is taken into
account by circumferentially averaging, particularly the inlet flow, and again treating the problem as a steady flow. The
third level of modelling now included some non-steady terms formerly neglected as input data to a succeeding blade
row. The fourth level would be the complete three-dimensional non-steady multi-blade row problem.

(2) With respect to hylrid through-flow analyses for multi-stage turbomachines, three authors introduced refinements
aimed at improving these methods for compressor design. However, the most notable event which occurred in this area was the
SNECMA work presented by Bernard applying this concept to multi-stage turbine design This is the first attempt of this type
which I have become aware of. The importance of this is the following. The state-of-the-art for multi-stage turbine design is a
purely axisymmetric through-flow computation, just as it was for compressors until recently. Many of the papers presented at
this meeting have illustrated how important secondary flows are in turbines. Yet, it is totally impractical to make extensive use of
C'FD in the de.%ign of a mlti-stage turhine because of the time and expense required. What is needed for routine design is a
hybrid computation conceptually similar to those we now use for compressor design. The models used for turbine secondary
flows may be different and they may take some time to develop, but any reasonable model or models will be better than none at
all. The paper presented by Papailiou also commented on the applicability of the hybrid approach to turbines as well as
compressors.

I',) Many papers dealt either partially or exclusively with experimental work. These experiments which in many cases
included exceptional detail, are obviously essential for evaluating the quality of existi ig secondary flow models as well as for
aiding in the conception of new models.

(4) This meeting covered a good cross-section of secondary flow topics and was well attended. Several new ideas were
presented which should stimulate future research. I believe the meeting served a useful purpose.

xiii



5. RECOMMENDATIONS

(1) Research on improved CFD models should concentrate on those weaknesses which cause inaccJrate or questionable
predictions of losses and exit flow angle. This deficiency may be closely coupled with the state-of-the-art of turbulence
modelling.

(2) More future work should focus on the application of CFD to heat transfer prediction. Efforts consistent with
recommendation (1) above will also contribute to this area.

(3) The third level of CFD computation presented by Adamczyk may also have significant impact on the prediction of heat
transfer in coo' ed high pressure turbinn rotors. An effort should be made to explore the influence of the non-steady terms on
this heat transfer problem.

(4) The refinement of hybrid computation schemes for through-flow computations in multi-stagc compressors should
continue.

(5) Efforts should be increased for the development of hybrid computation schemes applicable to through-flow

computations in multi-stage turbines.

(6) Another AGARD meeting on this or a closely allied topic would be appropriate in five or six years.
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SUMMARY

A radial mixing computation method is presented in the framework of an integrated Quasi-3D
approximation method for turbomachinery flow computations. The radial mixing computation is performed on
a transverse surface S3, the only type of streamsurface hitherto not considered in the Quasi-3D
computation. Both convective and diffusive mixing mechanisms are taken into account : the convective
mixing due to secondary flows is computed explicitly, while the diffusive mixing due to the random effects
of turbulence is modeled by empirical coefficients. The flow field on the S3-surface is reconstructed
from the knowledge of axial vorticity contributions for different flow regions, which are added to
constitute the right-hand side of a quasi-harmonic Poisson-type streamfunction equation. These axial
vorticity components are obtained through vorticity equations for the inviscid flow region, combined with
integral methods for the 3D end-wall boundary layers, 3D profile boundary layers and 3D asymmetric wakes.
The validity of the secondary flow computation is assessed through comparisons between computational
results and experimental data. The method is applied to predict the redistribution of radial temperature
profiles for three axial turbomachines : a linear cascade and two single-stage compressor rotors.

SYMBOLS

b blockage factor, ar radial flow angle

boundary layer velocity defect parameter 0 tangential flow angle
a chord 0' blade angle
f wake profile model (Pohlhausen polynomial) Y stagger angle
g wake profile model (bridging function) 6 physical boundary layer thickness
h static enthalpy 9 skewing angle
H total enthalpy Et turbulent diffusion mixing coefficient

Hr relative total enthalpy Cw wall skewing angle

I rothalpy C vorticity
L axial stage length n lean angle,
n boundary layer power law exponent non-dimensional distance u/6
N number of blades p dynamic viscosity
q heat flux V kinematic viscosity
r radius p density
s pitch, streamwise coordinate a angle between meridional and axial directions
T static temperature
T total temperature

Tt relative total temperature

T' rotary total temperature

U wheel speed
V absolute velocity
W relative velocity (blade row reference system)
y normal or circumferential distance from wall

Subscripts
abs absolute Inv inviscid region
p pressure side viso viscous region
s suction side, streamwise direction ewbl end-wall boundary layer region
Q3D component from Quasi-3D computation pbl profile boundary layer region
S3 component from 83 computation wake wake region
m,n,u meridional coordinates

(meridional, normal, circumferential)
zr, cylindrical coordinates

(axial, radial, circumferential)

Superscripts
- geometrical pitch-average

denslty-weighted pitoh-average
deviation from geometrical pitch-average
deviation from density-weighted pitch-average
invisold or 'freestresm' value
(density-weighted pitch-average)

Notations

C • difference between suction and pressure side
u p
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I. INTRODUCTION

As the design requirements for turbomachines (in particular axial compressors) have increased
considerably during the last twenty years, aerodynamic designers are continuously compelled to analyse the
complex flow patterns inside theae machiner in greater detail. This necessity, together with the advent
of powerful digital computers, has led to an enormous progress in the development of computational methods~for such internal flows.

Although fully three-dimensional inviscid or Navier-Stokes codes for turbomachinery flow computations
are emerging, such computations are, even for steady flow, at the present time too time-consuming to
enable them to be used currently in the industrial design process. Therefore, the most widely used
methods today are the so-called 'Quasi-3D' methods, which allow efficient and fast computation of
turbomachinery flows including the threedimensional aspects of the flow.

These methods all have a common basis, namely the streamsurface theory of Wu [1]. In this theory, a
general three-dimensiona2 turbomachinery flow is decomposed Into two families of interacting
two-dimensional flows on intersecting streamsurfaces t flows on hub-to-shroud surfaces or S2-surfaces and
flows on blade-to-blade streamsurfaces or Sl-surfaces. The reduction of the flow to an assembly of
2D-flows represents a large simplification with respect to computational procedures, while the
three-dimensional charc.ter of the flow is conserved through the interaction process between the two
families of 2D-flows.

Nearly all the current operational Quasi-3D computation codes contain the simplifying assumption that
the blade-to-blade Sl-streamsurfaces are surfaces of revolution, i.e. the flow remains on geometrically
axisymmetric surfaces as it passes through the machine. However, in a real turbomachinery flow this
assumption is not valid. Several physical effects generate a secondary flow pattern in a transverse
surface, roughly perpendicular to the main flow direction, thereby destroying the geometrical axisymmetry
of the Sl-streamsurfaces. In addition, the Si-surfaces are also distorted by the random motions
associated to turbulence.

These different interactions result in a transfer of flow properties (In particular energy and
losses) between the S1-streamsurfaces, i.e. a process of radial redistribution of flow properties. This
phenomenon is called radial mixing.

The present paper proposes a computational method to integrate the effects of radial mixing into a
Quasi-3D method for the computation of turbomachinery flows, in order to obtain more accurate predictions
of the distribution of flow properties inside a turbomachine.

II. RADIAL MIXING : PHYSICAL MECHANISMS AND COMPUTATIONAL METHODS

As indicated in the introduction, the radial redistribution of flow properties in turbomachines can
be attributed to two different physical mechanisms

a) Convective mixing : the macroscopic transport due to the radial components of the
deterministic flows in a transverse surface

b) Diffusive mixing : the microscopic transport due to the radial components of the

random motions associated to turbulence

A convective mixing computation method was proposed by Adkins and Smith [2], who were the first to
recognize the importance of incorporating the effects of radial mixing Into computational methods for
multistage axial compressors. They put forward the concept that radial mixing is caused exclusively by
secondary flows and model the mixing as a diffusion process, determining the local values of the mixing
coefficient from computed secondary radial velocities. The secondary flow computations are based on
Smith's inviscid secondary flow theory and include the effects of mainstream non-free vortex flow,
end-wall boundary layers, tip clearances, blade end shrouding, and profile boundary layer and wake
centrifugation.

A diffusive mixing model was introduced by Gallimore and Cumpsty [3,43, who concluded from
experimental research that turbulence is the dominating mixing mechanism. They compute the radial mixing
effects by introducing transport terms of diffusive nature into a streamline curvature computation method,
the intensity of these terms being determined through semi-empirical turbulence-dependent coefficients.

Despite the fundamental difference between their basic mixing mechanisms, both methods give results
that compare favorably with experimental data. This Is perhaps due to the use of empirical coefficients
in both methods, the fine-tuning of which can obscure possible shortcomings of the theoretical mixing
model with respect to the physical reality.

Recently, Wisler et al. (5] conducted a comprehensive measurement program to determine experimen-
tally the nature of the mixing mechanism. They concluded that both secondary flows and turbulent
diffusion play an important role in the mixing process, their relative importance depending on the
location in the blade row : diffusive mixing is important everywhere and dominates in the so-called
'freestream' or 'core' flow region, while convective mixing is equally important in low-momentum flow
regions like end-well boundary layers, profile boundary layers and wakes.

De Ruyck and Hirsch [6,7,8) proposed a radial mixing computation method which presents a synthesis
between the aforementioned mixing models, since both convective and diffusive mixing are accounted for.
The results from the computations confirmed the experimental results of Wisler et al. [53 : turbulent
diffusion was founi to be an important mixing mechanism everywhere, while convective mixing takes place in
the low-momentum flow regions, especially at high blade loadings. However, as argued by Gallimore and
Cumpsty in their discussion of the results of Wisler et al. [5), this apparent convective mixing can also
be attributed to non-isotropic diffusion due to gradients in turbulence intensity, as computations of
diffusive mixing with non-uniform turbulent mixing coefficients (a high turbulence level In the viscous
regions and a lower turbulence level in the inviscid mainflow region) indicated, De Ruyck and Hirsch [6).
Finally, the computations showed that the mixing process inside a blade row is weak compared to the mixing

effects occurring in the wake region.

.1m



III. RADIAL MIXING IN THE FRAMEWORK OF A QUASI-3D COMPUTATIONAL METHOD

The present radial mixing computation method is a reformulation and extension of the model of Do
Ruyok and Hirsch [6,7,83, In order-to obtain a method that is adapted to the framework of an operational= Integrated Quasi-3D computation code f r, turbomehinry flows. which in based on a density-weighted

pitoh-averaging procedure, Hirsch and Warzee [9]. The main purpose of the method is therefore the
computation of the radial redistribution of flow properties for the axisymmetric throughflow on the
meridional S2-plane, through detailed computation of the flow effects occurring on a transverse S3-plane.

111.1 Quasi-3D turbomachinery flow computation
The current approach is a variant of the original Wu method t it consists in splitting the

turbomachlne flow into two families of interacting two-dimensional flows, using a density-weighted
pitch-averaging procedure, Hirsch and Warzee [9]. The first flow is the ciroumferentially averaged flow
on a merldional plane (82) or 'throughflow', the axisymmetric component of the flowfield. The second flow
Is the blade-to-blade flow considered on a streamsurface of revolution (SI), obtained by rotation of a
meridional streamline, which contains the circumferential distribution of the non-axisymmetric components.
The flows on the S1- and S2-surfaces are not independent, but influence each other in an iterative way;
the knowledge of the flow on one type of surface being required to solie the flow on the other type of
surface.

Although it is theoretically possible to represent a threedimensional flow through two families of
twodimensional flows on intersecting streamsurfacee, Yih [10), the current Quasi-3D approach does not give
the complete structure of the flowfield. Indeed, the method uses only one throughflow computation
(S2-surface) and a small number of blade-to-blade computations (SI-surfaces) in the iterative procedure.
Consequently, flow effects occurring in a third kind of surface - a transverse surface S, roughly
perpendicular to the main flow direction - are neglected, which means that radial mixing mechanisms are
not considered and radial redistributions are not accounted for in the flow computation.

111.2 Turbomachinery streaaurfaces
As axisymmetric geometry is a general feature of turbomachinery, an orthogonal meridional coordinate

system (mn,u) is especially suited to represent turbomachinery geometry (Figure 1).

hvb wall

Figure I Meridional coordinate system

In the context of a Quasi-3D method based on a pitch-averaging procedure, it is logical to define the

streamlines of the averaged axisymmetric flow on the S2-plane as meridional coordinate lines.
Consequently, using the curvilinear (m,n,u)-coordinates as intrinsic coordinates, the following threefamlies of orthogonal surfaces can be distinguished

(i) Merldional throughflow planes (S2-surfaces) (m,n)-surfaces containing the machine axis

(11) Blade-to-blade streamaurfaces (Sl-surfaces) (m,u)-surfaces of revolution

(iti) Transverse surfaces (83-surfaces) (n,u)-aurfaces of revolution

This clearly shows that the transverse S3-surface, orthogonal to the meridional direction, appears
naturally as a third kind of computational surface for the present Quasi-3D computation method.

The present Quasi-3D computation code has been developed in a cylindrical coordinate syrstem (zerte), with

the z-axis directed along the machine axis. The meridional 82-plane thus becomes an (r,z)-plane, but the
cylindrical coordinates form no intrinsic coordinate system for the S1- P'd S3-surfaces. However,although the 83-surface appears naturally in a mathemtical way, this surface is not suitable from a
physical and computational point of view. Indeed, most of the experimental data on secondary flows and
..o..ted pphencmena in axial coprestors Is obtained In measurement planes perpendicular to the machine~axis, while the computation stations fo throughflow computations are very often defined as stations with

a constant axial coordinate. Therefore, the information from a mixing computation should really be
obtained on an (r,e)-plane, perpendicular to the machine axis, whose intersection with the merldional~S2-plane As a th oughflow computation station. Hence, the computation will be directly performed on an
(r,e)-plane and the resulting flow field is considercd as the projection of the flow field on thi original
S3-surface onto this plane.

111.3 Convective mixing
The convective mixing Is defined a the mixing caused by the flow pattern on the S3-surfae. It Is

important to note that the S3 flow field Is considered as a correction with respect to the Quasi-3D flow

g N"
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Figure 2 : O1 thogonal surfaces in a turbomachine

field and is not the classical secondary flowfield, associated to the development of streamwise vorticity.

Accordingly, the total velocity W is considered to consist of two components : a Quasi-3D component WQ3D

and a transverse component W$3

W- w 3D +w 3 ()

It is important to observe that the Quasi-3D component does not only contain the traditional contributions
from the throughflow computation and the blade-to-blade computations , but also includes the 2D-effects of
viscous layers (end-wall boundary layers, profile boundary layers and wakes) in these surfaces. In other
words, the blockage effect of the viscous layers on the axial velocity profiles and the subsequent
influence on the continuity equation is taken into account in the Quasi-3D approximation.

By definition, the transverse component WS3 represents any deviation between the real flow and the

Quasi-3D flow. Following the discussion above, this means that the transverse flow field essentially
contains the crossflow components of the viscous layers (circumferential velocity profile for the end-wall
boundary layers, radial velocity profile for the profile boundary layers and wakes), i.e. the
three-dimensional effects of the viscous layers, occurring In a direction perpendicular to the computation
surface considered.

Through the use of a density-weighted, geometrical pitch-average, each of these components can be further
subdivided into an averaged, axisymmetric component and a 'fluctuation' component, representing the
deviations from axisymmetry, Hirsch and Warzee [9)

Q3D WQ3D+ WS3  WS3+ W (2)

with the geometrical pitch-average or 'passage average' defined by

1 s
A Y Ade ' - (3)

3s e p P

and the density-weighted pitch-average defined by

A- pA / p pAII- 0()

Through this approach, one can distinguish two types of non-axisymmetric contributions to the velocity
field

a) Non-axisymmetries due to the flow deflection induced by the blades: Wi3Dt

The deflection of a flow by a blade row Immediately Implies Lhe existence of a circumferential pressure
gradient, i.e. a turbomachinery flow is intrinsically non-axisymmetric. These non-axisymmetric compo-
nents are determined in the blade-to-blade computation on the SI-streamsurfaces and influence the
throughflow oomputation of the axisymetric flow components through interaction terms.

b) Non-axisymmetries due to flow patterns occurring in the transverse 33-surface:

These non-axisyimetries are hitherto not taken ir'o account in the Quasi-3D computation. This paper
presents a method to compute explicitly those non-axisymmetric components and their influence on the
axism-trio throughflow computation.

For a detailed discussion of the averaging process and averaging rules, the reader is referred to Hirsch
t [i13. +



III. Diffusive mixing
The diffusive mixing due to the high levels of turbulence in a turbomachinery flow contributes to theradial redistribution of flow properties in a kind of uniformis&tion process. The influence of the

turbulence level of the flow on the mixing process is modeled through the use of a 'turbulent mixing
coefficient' et , the values of which were found to correspond to the wake decay diffusion coefficient, De

Ruyck and Hirsch [61,

IV. CONVECTIVE MIXING COMPUTATION GENERAL PRINCIPLES

The flow field on the transverse S3-plane is computed explicitly by assuming that the flow effects in
this surface do not give rise to velocity components perpendicular to the surface, i.e. the S3 flow field
is assumed to be two-dimensional and the 33-surface forms a streansurface for this flow. In other words,
the flow effeuts only cause additional radial and circumferential velocities, which are associated to anaxial vortioity. Furthermore, the S3 flow field is assumed to be steady relative to the blade row
reference system, In accordance with the Quasi-3D framework.

IV.1 Tur 3machinery flow regions
A turbomachinery flow is always highly turbulent and viscous, but for fluids with very small

viscosity, Prandtl's boundary layer theory shows that viscous effects are only important in the vicinity
of material walls, On this basis, the turbomachinery flow can be considered to be composed of four
different flow reions :

(I) Inviscid flow r'gion ('core' region between viscous layers)
(ii) End-wall boundary layers region (viscous ragion near hub/tip wall)
(iii) Profile boundary layers region (viscous region near blades)
(iv) Wake region (viscous region, continuation of profile boundary layer)

Each of these regions is a potential source of flow components on the S3-surface, but the underlyinig
physical mechanisms are different in each case (Figure 3).

(DFlow: Oigin:
1 Main passage vortex Flow non-uniformities

t2 Trailing shed and filament vortex Spanwise changes in circulation
3 End wall boundary cross flow Boundary layer overturning
4 End wall b. 1. passage vortex Boundary layer overtmning
5 Tip clearane flow Tip clearance pressure difference
6 Profile boundary layer radial flow Centrifugation
7 Wake radial flow Centrifugaion
8 Radial diffusion Turbulence

Figure 3 : Sources of flow effects on the S3-surface

These physical mechanisms will be detailed In subsequent paragraphs, where the computation of the separate

contributions for each region will be described.

IV.2 Fundamental equations

Streamfunction *
Assuming the turbomachinery flow compressible and steady relative to a blade row, the continuity equation
(conservation of mass) for this flow is

- 0 ()

Substitution of the decomposition (1), taking into account that continuity is already satisfied by the
Quasi-3D flow field (including boundary layer axial blockage effects), leads to

- o (6)

Since the flow on the S3-plane Is assumed to be two-dimensional, a streamfunction *(re) can be intro-
duced to satisfy the continuity equation (6). In cylindrical coordinates, I is thus defined by
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wr,S3 * p r 3 (7)

We,S3 " p 3r

This reduces the problem of determining a two-dimensional flowfield to the determination of the
distribution of a scalar function.

Poisson-equation
Taking into account that the streamfui,otion * is independent of z and substituting the definitions of
equation (7), one can write in cylindrical coordinates I

1L1# 1 1r 8
p DrW8,S3) - L e(Wr,S3)(8

The axial relative vorticity due to the Quasi-3D flow field is given by

1 L ar 1 a (9

z,Q3D " -r(rWS,Q3D) - r (WQ3D) (9)

and Is a priori known from the Quasi-3D computations. Substituting equation (9) into equation (8), taking
into account decomposition (1), yields the following'final equation

' c ) " z z,3D z,S3 (10)

where ;z represents tne axial vorticity component of the total flow field.
The quasi-harmonic Poisson-type equation (10) determines the streamfunction distribution in the S3-plane
from the knowledge of the axial verticity components and is the basic equation to be solved.

IV.3 General computation strategy
For the computation of the 53 flow field, the following superposition principle is introduced

The axial vorticity component Cz,S3 can be decomposed as follows

z,S3 z,S3,inv + z,Szvisc (l)

CzS3,inv is the axial vorticity component associated to the S3 flows induced by the inviscid 'coret flow
region and is defined over the entire computational domain. 4zS3,visc is the axial vorticity component

associated to the viscous regions and consists of separate contributions for each type of viscous region.
All the axial vortioity components relevant to the flow on a certain S3-plane are superposed, and this
yields the axial vorticity ZzS3' the unknown right-hand side of the basic Poisson-equation, from which

the S3 flow field can be reconstructed.

This leads to the following sequence of computations

(I) Through flow computation

(it) Computation of end-wall boundary layers and the corresponding pitch-averaged axial vorticity

contribution ;zewbl
(iii) Computation of the pitch-averaged axial vorticity contribution C of the inviscid flow region

z,inv
(iv) Computation of the secondary flow field induced by the superposition of vorticity contributions

(it) and (Lit), through the solution of the basic equation (10)

(v) Superposition of the secondary flow field on the Quasi-3D flow field

(vi) Computation of the profile boundary layers or the wake and the associated axial vortiuity contri-
bution ;pbl or Czwake depending whether the S3-plane (whose intersection with the meridional
plane forms a throughflow computation station) is located inside the blade row or the wake region

(vii) Computation of the eucondar' flow field Induced by the vortcity contribution (v) through the
solution of the basic equation (10)

(viii) Superposition of the secondary flow field on the flow field obtained in (v)

(ix) Computation of the radial mixing effects, including the effects of turbulent diffusion, through a
stationary transport equation

The computational domain on which the basic equation (10) has to bi solved is delimited by the intersec-
tion of the S3-plane considered with the hub and tip end-alls and the surfaces of two adjacent blades or
their Imaginary extensions Into the wake region (periodicity of turbomachinery flow). For numerical
computations, a regular radial-tangential mesh allowing non-uniform spacings (i.e. clustering) is
generated.
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V. CONVECTIVE MIXING i INVISCID FLOW REGIO4

V.1 Phseal mechanism
T lnvlsold flow region contributes to the S3-flowfield %hrough the well-known lassical secordary

flow mechanism : deflection (through the presence of material walls) of a sheared flow generates flows in
a surface perpendicular to the main flow direction.
V.2 Analytical equations

The governing equation of motion for the inviscid part of the flow is the Helmholtz vorticity
eqt.-tion, written relative to the blade row (absolute frame of reference for a stator ; steadily rotating
frame of reference for a rotor) [12]

(0.0)c - [(*.M) - *.(U.) 1 + IPA W + e 2[(+.I)* - (12)
at * () pXV a~~e 2(.)

with

- x N relative vorticity (13)

= z  rotation vector

If one neglects the presence of volume forces and assumes the fluid to be a perfect gas with polytropic
behaviour, the Helmholtz equation can be written in a condensed conservative form, using the tensorial
product 0

I~bs + 'o[wlt -W -0 (14)
a~t abs ] +'[ )abs" ab ] "0("

Note that the vorticity appearing in the equation is the absolute vorticity (Cabs' C + 20) . Furthermore,

although the equation takes compressibility effects into account, the density does not appear in the
equation I

Since the method is developed in the framework of a Quasi-3D method based on an averaging procedure, it is
assumed that the axial vorticity contribution c can be adequately approximated by its

z,S3,inv
passage-averaged value Cz,S3,inv" Indeed, only spanwise passage-averaged profiles of all the Quasi-3D

flow properties are available, and In fact, the passage-averaged axial vorticity represents the 'trace' of
the unknown circumferential non-axisymmetric velocity distribution. It Is precisely from this trace that
the velocity field on the S3-plane will be reconstructed.
Therefore, the axial projection of equation (14) Is passage-averaged, yielding

- - a(bW) - E-(rbr)+ 1 n )W s
m : abs,z " abs,r b ar Fabs,z rar r b [(Cabs n)W zp~(15)

+ L L Crb(W' -wz'-;ab V1a~ )Jbrar 3 b ,r r abs,zr

where b Is the tangential blockage factor defined by e- p - 2wb/N and n, the vector perpendicular to the

blade surface S, is defined as

S( ) + -  tg

with the blade surface angles defined as

' , e B0 e baeage(7

tgn - r T lean angle tgo' - r z blade angle (17)

Simplifying equation (15) by neglecting the fluctuation terms and assuming constant blockage (which
amounts to an error of second order) yields

- - Z 1

W am abs,z Cabs,r ar abs,z r 3r r (18)

- ~ tt1~ - tgo')EW
bs (abs,r tg" - abs,b + labs,z z p

Furthermore, the flow on the Si-surfaces Is considered to be a potential flow. Hence, the absolute
vorticity component normal to any S1 surface is zero and this yields the following relation between radial
and axial vorticity components

4 n,ahs C r,abscOs z,abssn 0 > -r,abs - tgo -z,abs (19)

F
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where o is the angle between the meridional and axial directions. Equation (18) thus becomes

m - Zabsz (tga Fz - P Lrd)(Zabs., Z (20)__
1 Cabs,z(tgotgn + tgo') - )ab3,0)[W Zp

This equation describes the evolution in the meridJonal direction of the axial component of the absolute
total vorticity associated to the invisoid flow region.

The last term describes the generation of axial vorticity through the presence of a deflection [W z3

This deflection can either be obtained directly from a blade-to-blade computation or has to be estimated
from throughflow properties by expressing that the normal component of vorticity is zero (eq. 19), and
pitch-averaging this condition yields

CI - be 00803a VOQD (21)
zF rV,Q3D)

Of course, this deflection is considered in the inviscid approximation, since it would otherwise be zero
because of the no-slip condition.
The first term describes the generation of axial vorticity through radial velocity gradieents and
corresponds to the physical mechanism of vortex stretching. It is important to note that these velocity
components are total velocities, i.e.

Wr Wr,Q3 +WrS3 and Wz-. (22)

The passage-averaged tangential vorticity 9o,abs is computed directly from the definition

aab,8 3z Wr 3rZ - bs g~ 38 - tVIE[W 13 (23)

In which the velocity components are again total velocities.

V.3 Numerical solution
The basic equation to be solved is the pitch-averaged axial component of the Helmholtz vorticity

equation, equation (20), whereby the following parameters are considered to be known

1) Blade and blade row geometrical data

2) Pitch-averaged velocities ; Wr ,

3) Velocity jump [W Is : either known directly from a blade-to-blade computation or from eq. (21)z p
4) Averaged tangential vorticity component Cabs,e is estimated through eq. (23)

The only remaining unknowns are the averaged total vorticity Zabs,z * which is the main unknown variable

and the jump In radial velocity [W r] .  The latter unknown can be COMPI!t-d through an additional equationr

obtained by pitch-averaging the mass conservation law over a half pitch and assuming a parabolic
distribution for W8 and a linear distribution for Wr, which yields, neglecting density variations in the

circumferential direction :

dr'- rbrr3 ) +(Sn drbrW 3) 1L(br[W ) " - L -((rb)9W d' r p 3br b dr r p rp abs,z br3r 8b,Q3D(

This second-order linear ordinary differential equation is disoretized using second-order accurate central
finite differences for a regular mesh with non-uniform mesh spacings on the S3(r,O)-plane. This results
in a linear tridiagonal system, that can easily be solved using the Thomas-algorithm [12].

Remark however, that this computation of the velocity jump [Wr],3 is not necessary if its order of
magnitude is much smaller than the other terms in eq.(23).

The basic equation can now be written in the form

Wm -~ - f(m,~ - (25)
m absz * abs,z(

and will be numerically solved using a fourth-order Runge-Kutta integration method. The equation Is
thereby Integrated in the m-direction from the blade row inlet to the blade tow outlet in several
intermediate steps, and at each step the right-hand side of eq. (20) is recomputed. Each time, this

recomputatlon involves solving the additional equation (24) to estimate [W 3a and using linear
rp

interpolation to estimate Quasi-3D quantities between throughflow computation stations. The radial
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derivatives occurring In the rha of eq. (20) are again estimated using second-order accurate central
finite difference formulass for a regular mesh with non-uniform spacing.

VI. CONVECTIVE MIXING : END-WALL BOUNDARY LAYER REGION

VI.1 Physical mehanim
in an end-wall boundary layer (EWBL), orossflows are generated as a consequence of the higher

curvature of streamlines inside the EWBL, necessary to maintain equilibrium with the pressure gradient
between the pressure side and suction side of the blade passage while the mainflow velocity decreases from
its freestream value at the boundary layer edge to zero at the wall. These orosaflows then generate
radial flows through the presence of the blade walls.
Also included In this region is the influence from tip clearances, causing leakage flows from the pressure
side to the suction side of the blade.
The overall result is thus a 2D flow pattern in the S3-surface, which has not been taken into account in
the Quasi-3D computation, although the blockage effect of the EWBLs on the axial velocity profile has been
introduced in the Quasi-3D computation.

VI.2 Analtical euations
nd-wa undary layers (EWBL) are predicted through a 3D integral method where end-wall secondary

flows and clearance effects are introduced, De Ruyck and Hirsch 113,14,15]. The EWBL procedure
essentially solves 3D integral equations, i.e. the entrainment equation and the M- and n-projections of
the momentum equation, taking Into account extra relations like Ludwieg-Tillman's skin friction relation
and correlations for the defect force, De Ruyck and Hirsch [7]. Closure is obtained by the use of
passage-averaged velocity profile models. For the Quasi-3D computation, the axial velocity distribution
inside the EWBL and the corresponding circumferential velocity distribution are given by

z,ewbl - -b (I _- )nl

Wz,w3D (26)

W - W tgoWO.ewbl " z,ewbl

The circumfer, A;1 crossflow velocity profile, associated with the 3D effects of the EWEL and inducing

flows on the ,' -jrface, is modeled as

_____ 0,3eb e w,ewbl (1b)n~
e(S3ewb - e w 6 (27)

Wz,Q3D Wz,Q3D

where y is the normal distance from the end-wall. Observe that the EWBL crossflow is thus defined as the

non-collateral part of the boundary layer flow.

For a detailed description of the EWBL computation procedure, the reader is referred to De Ruyck [141.

VI.3 Vorticity contribution
The axial vorticity component associated to this EWBL-contribution to the $3 flow pattern is

estimated through the following equation, which has been derived by averaging the axial component of the
definition of vorticity

- -- W~. ) - (28)
-

zewbl e rW,, S3,ewbl b s 8,S3,ewbl p bs ( r,S3,ewbl p

The second term can be neglected with respect to the first In most cases (tgn small), but this is not the
case for the last term. For the numerical computation of the radial derivatives second-order accurate
central finite differences for a mesh with non-uniform spacing are again used.

VII. CONVECTIVE MIXING : PROFILE BOUNDARY LAYERS

VII.1 Physical mechanism
Boundary layers along turbomachine blades are three dimensional and contribute to both the radial

convection and turbulent diffusion. Physically, the low-momentum profile boundary layer fluid is
centrifugated by the rotary movement In a rotor and moves inward through pressure gradients in a stator.

VII.2 Analytical equations
In the present approach, the boundary layer equations are developed in the cylindrical coordinate

system, and not In a coordinate system associated to the profile walls, which is a rather unusual way to
proceed. It presents however some practical advantages such as an easier theoretical development and an
easier computation. The 3D integral boundary layer equations used can be found in De Ruyok and Hirsch
[7.8]. In order to obtain closure, models for the velocity distribution inside the profile boundary layer
are Introduced. In analogy with the EWBL profile models, the following model equation is used for the
radial velocity profile associated with the 3D-effects of the profile boundary layer

W W -W g
l- r bltEar - (1-b)tge (I - (29)

WS,Q3D Ws,Q3D
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wnere ar is the radial flow angle (induced by throughflow, and inviscid and EWBL region S3 flows), and y1/
is the non-dimensional circumferential distance from the profile wall. Wspbl denotes the streamwise

velocity profile inside the profile boundary layer (a lines are the projection of streamlines on an
axisymmetrio streamsurface), and is modeled by

W
. 1 - b (I X n (30)

WsQ3D

Observe that the profile boundary layer contribution to the S3 flowfield is modeled in such a way, that
the radial velocities induced by the invisoid and EWBL flow regions are already taken into account for the
PBL computation (through the radial flow angle), i.e. the PBL contribution is an extra radial velocity
component, to be superposed on the previous components.

VII.3 Numerical solution
Analogous to the EWBL procedure, the fundamental integral equations can be written in the following

form

(b, tgc', n) - F(m, b, tge', n) (31)

where b, tgc' and n are the unknown variables for which the system must be solved. However, in the

profile boundary layer computation there is a set of unknowns (b, tge , n) for each radial position and

each blade side, while the EWBL computation contains only two sets of unknowns, for the hub and tip
boundary layer respectively. Therefore, the system of equations (31) is actually integrated in the
m-direction for every radial position. Again, a fourth order Runge-Kutta integration from blade row inlet
to blade row outlet is used, while the discretization techniques for radial derivatives are identical to
the previous ones.

The following parameters are again considered as being known

1) Blade row and blade geometrical data

2) Pitch-averaged velocities : W r, Wz, W

3) Secondary flowfield induced by the inviscid flow region and the end-wall boundary layers

Initiallsation

The profile boundary layer computation is initialised by assuming the following default values for the
momentum thickness and shape factor : 8-0.001, H-1.3, Yhich are typical values for a 'well-behaving' thin
boundary layer.

VII.A Vorticity contribution
The axial vorticity component associated to the contribution of the profile boundary layer flows to

the S3 flow pattern is approximated by

z,pbl T e Wr,S3,pbl (32)

whereby it is assumed that for profilje boundary layer flows, radial variations may be neglected with
respect to circumferential variat%.ns. Observe that a local value for the vorticity is determined, in
contradiction with the inviscid and EWEL vorticitics which are pitch-averaged quantities.

VIII. CONVECTIVE MIXING : WAKE REGION

VIII.1 Physical mechanism
Since the wake is the continuation of the profile boundary layer region, the convective mixing is

caused by the same mechanism, namely by centrifugation of the low-momentum fluid. In addition, the wake
can be considered as a very important element in the overall mixing, since peak radial velocities are
obseved in the near wake, where very low velocities may induce a very strong centrifugation effect.

VIII.2 Analytical equations
Adkins and Smith 2] treated the wake by writing the mainstream and radial momentum conservation laws

along the wake center. They characterise the radial flows by 'peak' radial velocities at the wake center
whereas the total amount of radial flow is found by modeling the waki profiles. Since symmetric wake
models are used, they are not able to simulate asymmetric radial wake profiles.
In the present wake approach, pressure and suction side of the wake are treated separately and the concept
of 'peak velocities' is not used, Do Ruyck And Hirsch [7]. The reason for this is that wake profiles may
be very asymmetric, and pressure and suction side radial flows may even have opposite signs as appears in
the experiments of Dring et al.[16].

Wake profiles
A model is introduced determined by a function f and the skewing angle c. It is valid at one of the wake
sides, the two wake sides being coupled by a 'bridging function' g. The streamwise velocity profile
inside the wake layer is modeled as
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- I - bf(n) - (;-b)g(n) (33)

W3.Q3D

*while the radial velocity profile associated to the 3D effects of the wake and inducing flows on the

S3-surface is modeled by

Wr.S3,wake V W 1 swaketgar

WsQ 3D Ws,Q 3D (34)

- (1-b)(tge)f(n) + ((I'b)ti - (1-b)tgc)g(n) + (l-b)(tgm - tga)g(n)

where n is the non-dimensional circumferential distance from the wake centerline and

f(n) - 1 - 6n* + 8n' - 3n' g(n) - n/n. (35)

The overbars in equation (35) indicate arithmetic mean values between pressure and suction side. Notice
that radial velocities induced by the troughflow and the S3 flow regions in the blade row have been taken
into account through the radial flow angle ar" The function g corrects the profile in the neighbourhood
of the centerwake to fit with the opposite wake side. It affects the profile over a distance determined
by no. For small values of no, pressure and suction side of the wake conserve their identity, at higher
values both sides are mixed and the wake shape becomes more symmetric. Large second derivatives are
present around the centerline and the asymmetry gives rise to a diffuse mixing between pressure and
succion side of the wake. Hence no can be approached by the following formula, based on diffusio. theory

1 t zlWz (36)

where Az is the distance from the trailing edge and et is the turbulent mixing coefficient which will be

discussed below.

Wake momentum equations

lheie-dimensional integral wake momentum equations are used. Since pressure and suction side of the wake
are considered separately,the following set of integral equations is solved :

I) Axial momentum equation, integrated over the wake thickness, at both the pressure side and the suction
side

2) Radial momentum equation, intgrated over the full wake width
3) Axial momentum equation, expressed locally at the wake center
4) Difference between the local axial momentum equations at pressure and suction sides
5) Difference between the local radial momentum equations at pressure and suction sides

The reader is referred to De Ruyck and Hirsch [7,8] for a detailed derivation and discussion of these
equations.

VIII.3 Numerical solution

Wake initialisation
The wake computation is initialised by carrying over two parameters from the PBL computation : the shape
factor H and the physical boundary layer thickness. Using the velocity profile models, all other
variables needed to start the wake computation can be calculated from these two variables.

Wake computation

Th ytem of wake equations also assumes the form of eq. (31). They are also integrated in the
m-direction usirg a Runge-Kutta method, starting at the trailing edge and proceeding to a specified
distance downstream of the trailing edge. The equations are again discretized using second-order accurate
central differences for a mesh with non-uniform spacing.
The following parameters are again considered as being known

1) Geometrical parameters

2) Pitcn-averaged velocities W z Wz ,e

3) Secondary flowfield induced inside the preceding blade row by the inviscid
flow region, the end-wall boundary Layers and the profile boundary layers

EVIII. Axial vortioity contribution
The axial vortioity component associated to the contribution of the wake flow to the S3 flow pattern is
approximated by

1ew (37)
zwake r 30 rS3,wake

As for the profile boundary layer flows, it is assumed that radial variations may be neglected with
respect to circumferential variationa. Again observe that a local value for the vorticity is determined.
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IX. TURBULENT MIXING

The high turbulence levels in a turbomachinery flow also contribute substantially to the radial

mixiiig process, as shown experimentally by Gallimore and Cumpsty [3]. No attempt is made here to make an
explicit computation of the turbulence field, since the mechanism of turbulence and its numerical
simulation is still largely an unresolved problem. Rather, the effects of turbulence are introduced

through the use of an empirical 'turbulent mixing coefficient' ct . Since it has been mentioned that the

wake has a large impact on the radial mixing process, DeRuyck and Hirsch [6), it seems logical to
correlate this overall turbulent mixing coefficient to a parameter describing the magnitude of turbulent
diffusion in the wake. According to Schlichting [17), the following expression can be used for the wake
decay diffusion coefficient

e t K.bWz  (38)

where 6 denotes the physical wake thickness and K depends on the turbulence intensity. Following values
were observed when applying the wake theory on some test cases, De Ruyck and Hirsch (7)

K - 0.005 for an airfoil wake with thin trailing edge
K - 0.010 for a compressor blade wake at design point
K - 0.045 for a compressor blade wake near stall
K - 0.047 for a cylinder wake (Schlichting, 1968)

leading to the following general non-dimensional values

r t .
X- 0.001 for a compressor blade wake at design point
WLz

Ct
X- 0.006 for a compressor blade wake near stall
W L

Interestingly, these values are of the same order as the global mixing coefficients observed by Gallimore

and Cumpsty [3), see De Ruyck and Hirsch £6).

X. GENERAL MIXING EQUATION

The governing equation for the radial mixing process is derived from a basic law, i.e. the first law
of thermodynamics formulated for a compressible flow. Neglecting volume forces and external heat sources,
assuming stead) flow, taking into account only the contribution of the work of the shear stresses related
to the viscous diffusion of kinetic energy and assuming the Prandtl number Pr - PC p/k equal to one, the

energy equation for the blade row reference system reduces to, see Hirsch [12)

1.(pI) - r(Hr) (39)

with the rothalpy I defined as

W2  U2

I - h + -L - H- UVo  (40)
2 2

where H - h + V2/2 is the total enthalpy and H - h + W2/2 is the relative total enthalpy. Comparing

equation (39) with the energy equation I.(pWI) -0 (rothalpy constant along a streamline) for the QuaaI-30
formulation incorporating the distributed loss model, one sees immediately that the non-zero right-hand
side describes a diffusion of energy between the streamlines, thereby destroying the constancy of the
rothalpy.
In a turbomachine, the energy is most often described by the total temperature, so the mixing should ber
performed on this flow property, Hirsch and Dring £18). Defining the relative total temperature as Tt -

Hr/C p and the rotary total temperature T t I/Cp and taking into account the continuity equation, equation

(39) is further reduced to

(W')Tt  A (1

with the kinematic viscosity V appearing as a diffusion coefficient. Since a turbomachinery flow is
highly turbulent, this coefficient will of course be the eddy viscosity and not the much smaller molecular
viscosity. Thus, we may define this coefficient as the turbulent diffusion mixing coefficient ett which

yields the following mixing equation

r2

(W)* c T(2
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For a stator blade row T Tt and a convection-diffusion equation for the total temperature Tt isFo t t r l d o t  = t t

obtained.

Inserting decomposition (1), taking into account that one seeks to compute the radial redistributions on
the meridional plane, dueto hitherto neglected flow effects on the transverse S3-plane, and thus reducing

the convective velocity in the S3-plane to the S3 velocity, gives

aT BT ~ T Br BTr(')
!Tt 'Tt - W Tt ( + I

Wr,S3 Br 1, Bes~~ +t FTar Pr r2 T-r-
Wz,Q3D 31 "w03 "W,S3r e + ( [['- ]  ' - -

whereby was assumed to be very small.t
This transport equation controls the energy redistribution in the machine. In the right-hand side, two

different sources of energy redistribution can be distinguished :

1) The first two terms of the transport equation are determined by the velocity components WrS 3 and W8,S3

and hence describe the convective mixing of the rotary total temperature by the S3 flow field.

2) The last term is of a diffusive nature totally determined by et , the turbulent mixing coefficient and

hence describes the diffusive mixing of the relative total temperature by turbulence.

It is important to note that the transport equation (43) describes a two- dimensional mixing process in
the S3-plane. Notice that, If the kinetic energies are small compared to the static enthalpy, equation

(43) may be reduced to a 2D convection-diffusion equation for the static temperature.
The boundary condition for the mixing equation expresses that the machine operates adiabatically.
The mixing equation (43) is solved numerically by a two-dimensional upwind discretisation, again using

second-order accurate finite differences for a non-uniform mesh.

XI. RESULTS

The present method is applied to three test cases

I) VUB linear cascade, tested at the Department of Fluid Mechanics of the Vrije
Universiteit Brussel

ii) UTRC single compressor rotor, investigated by Dring et al. [16]

ii) ONERA single compressor rotor, investigated by Larguier (19)

These three cases have different secondary flow patterns, and consequently a different radial mixing

behaviour. The cascade has no centrifugation effects and a weak non-free vortex behaviour, so the
end-wall boundary layer convection effects will be dominant. The blades of the ONERA rotor have a
radially constant solidity and no twist, which causes a substantial non-free vortex behaviour, so the
secondary flows induced by the inviscid flow region will be dominant. The UTRC rotor is more
representative for commercial machines, where the different flow regions that contribute to the secondary

flow pattern are more or less of equal importance.

The main geometrical and flow parameters for these machines are summarised in table 1.

VUB cascade ONERA rotor UTRC rotor

Aspect ratio 1.0 0.89 1.0
Solidity 1.11 1.34 1.0
hub/tip radius - 0.68 0.8
Blade inlet angle 330 500 59.50
Blade outlet angle -130 30o  17.50
Flow coefficient - 0.74 0.75
Absolute deflection 340 300 330

Table 1 Blade geometries and flow data at mid-span

XI.1 Secondary flow computation comparison with experimental data
in oroer to obtaln a preliminary idea of the validity of the presented method, results from the

secondary flow computations are compared with experimsntal data. In particular, it is important to assess
the accuracy of the radial secondary flows, since these influence directly the radial transfer of flow
properties.
One of the test cases, the VUB linear cascade, was specially built for the experimental investigation of

secondary flows and detailed measurements using the hot-wire technique were obtained [20). A global
comparison between the computed secondary flow field and the experimental secondary flow field can be
obtained through the use of velocity vector plots. Figure 4a shows the experimental secondary flowfleld
on the S3-plane just aft of the trailing edge of the VUB cascade, while Figure 4b shows the computed
secondary flowfleld at the same location, A good qualitative agreement is observed, except in the wake at
mid-span, where the experiment indicates a flow from the suction side of the wake towards the pressure

side of the wake. This gives rise to vortices in the wake, turning in opposite sense to the passage
vortices. This discrepancy is probably due to the trailing edge separation effects, which are not yet
implemented. However, in general a reasonable quantitative agreement between computation and experiment
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is observed
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Figure 4a, i b :Velocity vector plots of secondary flowfield (VUB cascade)

The theoretical secondary flow patterns for the UTRC and ONERA rotor are shown on Figures 7a and 8a.
Comparison with experimental data for these cases were already shown, De Ruyck and Hirsch £6). Although
the approach in this paper is different, the overall quantitative results do not differ in a significant
way.
The improvement with respect to [6] lies mainly in the details of the wake, where continuity was not
satisfied in [6), due to an a posteriori superposition of velocities. In the present method, vorticities
are superposed and the continuity is automatically satisfied through the introduction of the
streamfunction.

Xl.2 Radial mixing computations
Figures 5 to 8 show for each test case the secondary flow field on the S3-plane, contour plots of the

temperature distribution on this plane and the corresponding pitch-averaged radial temperature profiles.
Since earlier computations indicated that the amount o± radial mixing inside a blade row is small compared
to the mixing effects in the wake region [6), the present results are obtained on S3-planes located at a
certain distance downstream of the trailing edge of the blades.

The mixing is performed on the static temperature, meaning that the kinetic energies are neglected with
respect to the static temperature.
Four different lines are drawn on the pitch-averaged temperature plots. The dashed line is an arbitrary
axisymmetrical input temperature profile which is chosen to be quadratic (since a linear profile has a
zero second derivative, turbulent diffusion would not be accounted for). The solid line with circles is
obtained from a one dimensional diffusion process through

Bz - Ct(4r)

This equation is one dimensional and solved with as boundary conditions - ') at the end-walls (adiabatic

machine). The solid line with triangles is obtained from the same equation, bu: with ct replaced by

0f

e- (z-so)W 5 jptc ) rd6 + t('i)

This is the coefficient of Adkins and Smith [2) (without the additional corrections) plus turbulent
diffusion. The value z, was taken at leading edge, the radial velocities being local values. The solid

line with squares is obtained from the computation of equation (J43), whereby the kinetic energies are
; neglected with respect to the static temperature. In this case, the results on the figures are passage

averaged values of the compted 2D temprature fields.

~VU cascade

The results for the linear cascade are shown on Figures Sa to 5c.
lAlthough the length of the wake region in a multistage turbomachine is equal to the axial spacing between

IC
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I successive blade rows, i.e. of the order of magnitude of the blade chord, the S3-plane is located 2
chords downstream of the trailing edge because the radial mixing effects are quite small In this case.
Figure 5a, the secondary flow field, clearly shows that the end-wall boundary layer convection dominates

4the secondary flow pattern, as is illustrated by the double-vortex structure. The maximun radial flow
velocities reach about 5% of the axial velocity but are zero at mid-span, while the turbulent mixing
coefficient has been taken as et/WzL - 0.002

As Is shown from Figure 50, the radial temperature profile tends to become more uniform. Hence, energy is
transported from the end-wall boundary layer regions to the mid-span region, either through c nveetion of
high-energy fluid from the end-walls towards mid-span and of low-energy fluid from mid-span iowards the
endwalls, either through the uniformisation due to turbulence. In this context, it is very important to
compare Figure 5b with Figure 5c. Indeed, Figure 50 seems to indicate that turbulent diffusion is the
dominant mixing mechanism, because all the temperature profiles are identical. Figure 5b however, shows
that the secondary flow pattern distorts the temperature field considerably, but the details of this 2D
mixing process are lost through the pitch-averaging procedure, leading to an identical radial temperature
redistribution as for a pure turbulent diffusion. This may offer an explanation for the fact that the
convective Adkins-Smith model with its diffusive mixing equation and the purely diffusive
Gallimore-Cumpsty model yield the same results.
Finally, observe that the symmetry, imposed by the machine geometry, is reflected in the temperature
distribution.

In order to enhance the convective mixing effects, the deflection has been arbitrarily increased to 540.
The results are shown on Figures 6a to 6c. As can be seen from the velocity vector plot of the secondary
flow field, the secondary velocities have increased. The maximum radial velocities now reach about 8% of
the axial velocity. The temperature distribution, Figure 6b, is more severely distorted , i.e. the
increased secondary flow leads to increased convective mixing. This can be seen most clearly from Figure
6c, where the radial redistribution computed with the present method has become more uniform compared to
Figure 5c, and can now be distinguished from the Adkins-Smith method and the pure turbulent diffusion
case, the latter two methods both underestimating the amount of mixing.

UTRC rotor
The mixing results are obtained for an S3-plane, located 1 chord downstream of the trailing edge, a
distance which is considered to be representative for the axial spacing between successive blade rows.
The UTRC rotor is representative for commercial machines, where all the different flow regions that
contribute to the secondary flowfield have a more or less equal importance. Its main difference with the
cascade testcase is the presence of centrifugation effects through the rotary movement. The secondary
velocity field, Figure 7a, possesses the familiar double-vortex structure. The maximum radial velocities
attain about 6% of the axial flow velocity In the wakes but are zero at mid-span. The turbulent mixing
coefficient is again set to the typical value of 0.002.
The temperature contour plot, Figure 7b, shows that the convective mixing by the secondary flowfield is
almost negligible, although the radial velocities are of the same order of magnitude as in the VUB
cascade. This indicates that, although local radial velocities can be high, the amount of convected fluid
is not large enc.gh to induce significant convective mixing. This should not come as a total surprise,
since the blading geometry of industrial machines is designed to avoid secondary flows as much as
possible, leaving turbulent diffusion as the dominant mixing mechanism. Figure 7c reflects this
behaviour, since all the radial temperature profiles coincide.

ONERA rotor
The ONERA rotor has been especially designed to exhibit large secondary flows, through a strong non-free
vortex behaviour of the Inviscid flow region. This is clear from Figure 8a, showing a large single
vortex. Radial velocities may reach up to 20% of the axial velocity.
The temperature distribution, Figure 8b, is strongly distorted by the secondary flowfield, i.e.
convective mixing is very important in this case. This is obvious from the radial temperature profiles,
Figure 8c, which show that the computation based on pure turbulent diffusion underestimates the mixing
with respect to the present method, especiall3 near the hub. This can also be seen from the fact that the
profile from the computation with Adkins-Smitt coefficient (eq.46), which takes into account convection
effects, has become more uniform than the profille obtained by the pure turbulent diffusion computation.
Notice also that the profile computed with the present method has become nearly uniform.
Although this testcase exhibits an extreme secondary flow behaviour, one should remark that the continuing
trend towards lower aspect ratios and higher blade loadings for axial turbomachinery will lead to
increased secondary flows. Thus, in these machines the temperature distribution on the S3-plane can be
severely distorted, causing convective mixing effects to become very important.

CONCLUSIONS

A computational method for the prediction of radial mixing in axial compressors has been presented.
The method takes into account convective mixing by secondary flows and diffusive mixing due to turbulence.
The secondary flow field Is reconstructed from the knowledge of axial vorticity contributions for
different flow regions, which are added to constitute the right-hAnd side of a quasi-harmcnic Poisson-type
streamfunction equation. These axial vortioity components are obtained through vorticity equations for
the inviscid flow region, combined with integral methods for the 3D end-wall boundary layers, 3D profile
boundary layers and 3D asymmetric wakes. The turbulent diffusion is modeled through an empirical mixing
coefficient.

Preliminary comparisons between computed and experimental flow fields indicate reasonable agreement
in general, but the computation does have a tendency to underestimate radial velocities near the suction
side, where separation effects are likely to occur.

The radial redistributions of the static temperature are computed from a twodimensional transport
equation of convection-diffusion type.

This computation has been applied to three different test cases a linear cascade where the
1- -
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secondary flows ae mainly due to enO-wall boundary layer effects, a single compressor rotor with
untwisted blading that yields an important non-free vortex, and a single compressor roio,1 repreaentative
for commercial turbomachines. Qualitative results indicate that turbulent diffusion ,s important in all
the cases, while convective mixing only becomes significant when the radial flow velocities exceed about
6% of the main flow velocities. The convective mixing increases rapidly for larger secondary flows (VUB
540 and ONERA testoases) and then has a very considerable impact on the radial temperature profile (ONERA
testcase).
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DISCUSSION

Adamczyk, USA

1. What was the rational for neglecting the velocity vorticity
correlations in Eqn (15)?

2. Did you consider the tip leakage Vortex in your model of the secondary
flow velocity field?

Author's Reply

1. Since we are concerned with axial machines, it can be expected that
the pitchwise fluctuations of radial velocity components, W , and of
radial vorticity components, 4 7 , are small with respect to the
passage-averaged quantities. Hence, the velocity correlations are
assumed to be of second order compared to the passage averaged terms.

Furthermore, it is assumed that the secondary flow field associated to
the inviscid flow region is adequately described by the
passage-averaged velocity, J0, g . Accordingly, velocity
fluctuations r are neglected.

2. The effect of the tip leakage vortex is included in the endwall
boundary layer computation in a lobal sense. The defect force
thicknesses, which largely condition the development of the endwall
boundary layer crossflow and skewing, are directly proportional to the
tip clearance. In this way, tip leakage effects influence the.
passage-averaged endwall bounda-y layer velocity contribution4), S3,
and thus are taken into account on an a axis. S

This is also justified by the available experimental information on
mixed-out profiles, which show no discontinuity in slope or other
structures that indicate a dominating local effect from the tip
leakage vortex. We consider therefore, that although the tip vortex
is not fully represented in all its details, its main effects on the
pitch-averaged profiles are taken into account.

Howard, UK

I would like to clarify what variations of loss with span have been used
when comparing Gallimore, Adkins/Smith and your methods. It has been
found important to specify ext-,.a loss near the endwall in the Gallimore
model in order to generate an axial velocity profile which in turn
increases the mixing near the endwalls.

Author's Reply:

The main objective of the figures shown was to compare the relative
importance of mixing by secondary flows (Adkins/Smith), mixing by
turbulent diffusion (Gallimore/Cumpsty) and mixing by both mechanisms
combined (present method). Therefore, in these examples, the three
methods were applied using exactly the same data, i.e., identical spanwise
loss profiles and axial velocity profiles.
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THE EFFECTS OF COMPRESSOR ENDWALL FLOW
ON AIRFOIL INCIDENCE AND DEVIATION

by

Robert P.Dring and H.David Joslyn
United Technologies Research Center

Silver Lane
East Hartford, Connecticut 06108, USA

ABSTRACT

A previous examination of through flow theory in compressors has demonstrated that while there are many ways to
define the "average flow angle" at a particular span location downstream of an airfoil, only one definition is consistent with

the formulation of through flow theory. It was also demonstrated that the flow in the endwall regions is especially sensitive
to this question due to the strong secondary flows and the hub comer separations that commonly occur. The present work
deals with the question of how these observations may be extended to the airfoil-to-airfoil flow analysis. It is demonstrated
that the question of the correct average can have a strong impact on both airfoil incidence and deviation. Differences of up
to 130 are demonstrated. It is also suggested that one specific angle definition results in better predictions of airfoil pressure
distributions.

INTRODUCTION

There is a long list of secondary flow mechanisms in axial compressors that can have a powerful impact on the flow
field. In addition to generating total pressure losses and altering flow angles from two dimensional values, secondary flows
can also cause strong non-axisymmetries to occur in the flow. It is the effect that these non-axisymmetries have on airfoil
design, and specifically the effect that they have on incidence and deviation, that is addressed here. These secondary flow
mechanisms include (but are not limited to) the following.

- Inviscid secondary flow
- Skewing due to the relative motion of rotors and stators

- Three-dimensional boundary layers
- Rotor tip clearance leakage

- Stator hub clearance leakage
- Comer separation

It is fortunate that the first two mechanisms (inviscid secondary flow and skewing) tend to cancel each other. This in
turn causes the three dimensiona;ity of the endwall boundary layers to be relatively weak (Moore and Richardson, 1957).
This lack of three dimensionality can be seen in the flow visualization results of Dring and Joslyn (1982 and 1983), and
Joslyn and Dring (1985). In both cases the endwall surface streamlines follow the airfoil mean camber line with little
evidence of the over-turning normally associated with secondary flows in cascades (without inlet skewing).

Corner separation, especially at the hub of both rotors and stators, appears to be an important endwall flow
mechanism. A number of works have been cited in the REFERENCES section that either discuss, or show evidence of,
comer separation in both cascade and rotating rig experiments. The strong non-axisymmetries that are generated by corner
separation can have a powerful impact on deviation and on the incidence of a downstream airfoil.

The non-axisymmetries generated by comer separation and the other endwall flows can cause a strong circumferential
variation in the exit flow angle (deviation). Since both through flow analysis and airfoil-to-airfoil flow analysis require the
specification of single value (or average) flow angle, different results would be produced depending on how one defines the
"average" flow angle.

As an basis for this discussion, area averaging and mass averaging are defined as follows, for a function "F":

r

p-a fF - dt/ fdt(1

o o

F--nfJF. - pC,,dt/jfeQC.,dt(2
0 0

where T is the airfoil pitch, L if the fluid density, and "C," is the axial component of velocity. Possible definitions for the

averages of the absolute angles (a) and relative angles ( might include the following.

(1) The mass averaged angles, a-r and fire.
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(2) The angle based on the area averaged velocity components,

a = Tan'l(Cta/Cia) (3)

, =Tan-'(w-,a/qia) (4

where C, and W, are the absolute and relative tangential or "swirl" components of velocity.

(3) The angle based on the mass averaged tangential velocity component and the area averaged
axial velocity component,

d = Tan-(Cim/c;a) (5)

= Tan-l(Wjm/cqa (6)

The significance, or lack thereof, of each of these "average" angles will now be examined.

ANALYSIS

The mass averaged flow angle might, at first glance, be thought to be a reasonable definition to use. However, the
arguments offered by Hirsch and Warzee (1979) and by Dring and Oates (1989a and 1989b) show that it is not the correct
angle to use in through flow analysis. Furthermore, the arguments offered below will show that it is also not the correct
angle to use in calculating the tangential force on an airfoil. It will be shown that averaged angles have no physical
significance and the only angles having physical significance are those based on averaged velocity components. Suffice it to
say at this point that the differences in these angles can be substantial.

Angles based on the area averaged velocity components (d and ) are required by the formulation of through flow
analysis. This can be seen in the work by Hirsch and Warzee (1979) where angles are used to relate the averaged velocity
components. Their analysis was based on "density" averaged velocity components. In most cases, however, the density
averages would be very close to area averages. It has been shown by Dring and Oates (1989a and 1989b) that an extension
of this formulation can result in a very accurate prediction of the flow, even when strong non-axisymmetries are present.

Angles based on the mass averaged tangential velocity component and the area averaged axial velocity component

(d and P) result from considering what flow angle is needed to describe the tangential force on a cascade airfoil with
non-axisymmetric flow at the inlet and exit. For a cascade with incompressible and non-axisymmetric inlet and exit flow

the tangential force p.r unit span (F) on the airfoil is given by the following (for a rotor).

(Ft/e * r) = (ca)2 [Tan(oj) - Tan(fiz)] (7)

The angles needed for through flow analysis (d and fl and the angles needed to describe the tangential force on a

cascade airfoil (d and fi) are related to each other as follows.

Tan(d) = Tan(d) + [(Ct' 'Cx)a/(ca)2]  (8)

Tan(fl) = Tan(fl) + [(Wt' "')'"(4) 21 (9)

where the primed quantities are the variations from the area average,

'= ( -c8) (O
(10)

C= (Ct-C a) (11)

W,' = (Wt-W ) (12)
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and since,

Wt = (ct-U) (13)

where "U" is wheel speed, then,

Wt' = Ct' (14)

It is fortunate that both of these angles (a and f as well as d and can be calculated in the through flow analysis.
Specifically, the through flow analysis for non-axisymmetric flo" by Dring and Oates (1989a and 1989b) contains a
parameter which accounts for the difference between the area and mass averages of the tangential velocity. This parameter
is defined as follows (assuming that area and density weighted averages are equal).

DCT = (C"- Ci')/Um (15)

where "Urn" is the wheel speed at midspan.

This parameter is not directly input to the through flow analysis. Rather, it is calculated from other input data. From

the through flow calculation the following information is available (either has as input data, or as a computed result); d, ,

DCT, and (C-x/Un) • With this information the following relationships (which are essentially the same as Eqs. (8) and (9))
can be evaluated.

Tan(d) = Tan(d) - [DCT/(CQ/Um)I (16)

Tan(#) = Tan(f#) - [DCT/(Ca/Um)] (17)

Thus it is possible, with no additional information, for the through flow analysis of Dring and Oates (1989a and 1989b)

to also compute the angles that are needed for the airfoil-to-airfoil flow analysis, Ci and P. In fact, there is no need for

d and/ . The through flow analysis could be carried out using d and and by using Eqs. (8) and (9) to calculate the angles
needed to relate the density averaged velocity components (d and f).

In the results that are be presented below, these relationships (Eqs. (8) and (9), or (16) and (17)) cause the deviations

based on d and/P to be substantially larger than those based on a and ft. In one case this difference in deviations exceeds

130. These relationships also cause the incidences based on d and/P to be slightly less than those based on d and ft. This
difference, however, is generally small relative to the differences between these inlet angles and the mass averaged inlet
angles (a-m and A ).

It is interesting to note that the angle based on the mass averaged tangential velocity component (Wt m) and the area

averaged axial velocity component (Ca), d and fi, has another convenient property. In a two dimensional wake mixing
process (e.g. Stewart, 1959) both of thes- averaged velocity components are constant for incompressible flow. This is
because the mass flow is constant and because there is no change in tangential momentum. Hence, unlike all of the other
flow angle definitions, this angle is constant from the unmixed condition close to the airfoil trailing edge to the fully mixed
condition far downstream.

EXPERIMENTAL RESULTS

In the following discussion each of these three angle definitions will be examin-.d (0-m,/ and ). The discussion will be
based on the body of experimental results acquired in the United Technologies Research Center Large Scale Rotating Rig.
This data has been discussed previously in the following references; Dring, Joslyn and Wagner (1983), Joslyn and Dring
(1985), Joslyn and Dring (1988), and Dring and Oates(1989a and 1989b). In brief, the compressor consists of an inlet guide
vane followed by two stages. fhe airfoil aspect ratios (span/chord) are 1.5. All of the data in the present discussion were
acquired at a second stage rotor tip clearance-to-chord ratio of 0.041. Data will be presented that was acquired both at the
compressor's nominal design flow coefficient [0 = tkCx/U.) = 0.511 and at a near-stall flow coefficient [ 0.45].

Spanwise distributions of the absolute and relative flow angles calculated from radial/circumferential traverse data
acquired in the stationary frame of reference downstream of the second stage stator are presented in Figure 1 with the
compressor operating at its nominal design condition (4 = 0.51). The figure shows a comparison of the circumferentially

mass averaged angles with the angles based on circumferentially area and mass averaged velocity components.

Whereas the absolute angles a-In and a differ by less than 0.6* the relative angles A-m and f differ by over 10.

The difference is greatest near the hub where corner separation is strongest (Joslyn and Dring, 1985). As far as deviation is
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concerned, d and a-' are relatively close to each other. d is much larger from the hub out to 25% span. The reason for
this can be seen in Eq. (8) where d and d are positive and where [(C,' C.,Y)-/(C;a)2 ]is a positive number. As far as

incidence is concerned, A is somewhat larger than P near the hub. The reason for this can be seen in Eq. (9) where
and P are negative and where [(Wt C x](C,)l] is a positive number. Both A and P are significantly larger than,8"r

in the region out to 25% span.

Similar comparisons at nominal design conditions (0 - 0.51) for the flow downstream of the first stator and the second
rotor showed exit angle (deviation) differences of typically 0.1 ' and inlet angle (incidence) differences of less than 1 S.

Both of these airfoils have hub corner separations which are much weaker that that of the second stator. It can safely be
anticipated that the differences between the various angle definitions will grow substantially with airfoil loading, i.e., in
going from nominal design conditions (Figure 1) to the near-stall condition.

Spanwise distributions of the absolute and relative flow angles calculated from radial/circumferential traverse data
acquired in the stationary frame of reference downstream of the first stage stator are presented in Figure 2 with the
compressor operating at its near-stall condition (0 -- 0.45). The figure shows profiles of the same three angle definitions.
All the trends are very similar to those in Figure 1 in that f and P are close to each other and significantly larger (by - 50)
than ,r m, and in that d and a-r are close to each other and signiticantly smaller (by - 5°) than d.

Spanwise distributions of the absolute and relative flow angles calculated from radial/circumferential traverse data
acquired in the rotating frame of reference downstream of the second stage rotor are presented in Figure 3 with the
compressor operating at its near-stall condition (0 = 0.45). The figure shows profiles of the same three angle definitions.
The figure shows a comparison of the circumferentially mass averaged angles with the angles based on circumferentially
area and mass averaged velocity components. The trends downstream of the second stage rotor are very similar to those in
Figures I and 2. Although the differences are much smaller, -t can be seen that d and d are close to each other and that P
is relatively large. All of these differences, however, are small compared to those in Figures 1 and 2.

Spanwise distributions of the absolute and relative flow angles calculated from radial/circumferential traverse data
acquired in the stationary frame of reference downstream of the second stage stator are presented in Figure 4 with the
compressor operating at its near-stall condition (0 = 0.45). The figure shows profiles of the same three angle definitions.
The trends downstream of the second stage stator at this condition are similar to those in Figures 1, 2 and 3 but the
differences are much larger. The powerful effect of airfoil loading can be seen by comparing Figures 1 and 4 (the second
stage stator at design and near-stall conditions).

As far as deviation is concerned, the absolute angles a- m and d differ by less than 0.60 while d exceeds both
d and a-' by over 130. The reason for this can again be seen in Eq. (8) where d and d are positive and where
[(C'• C.')-a/(C,) 21] is a positive number. As far as incidence is concerned, the relative angles ,-rm and differ by over
12 near the hub where comer separation is strongest (Joslyn and Dring, 1985). The reason for this can be seen in Eq. (9)
where f and P are negative and where [(W . C,)-a(C;a)] is a positive number.

The differences between d and a and between f and P are due to the strong correlation between the deviations of
the tangential and axial velocity components from the r area averages (Eqs. (8) and (9)). From the single- and multi-stage
data base available to the authors [Dring and Joslyn (1982), Dring, Joslyn and Wagner (1983), Joslyn and Dring (1985), and
Wagner, Dring and Joslyn (1985)], the following observation can be made. Where there are significant non-axisymmetries
in the flow, deviations based on a and are larger than those based on d and / and incidences based on d and P are
smaller than those based on d and f.

Summarizing regarding the flow angle definitions, the strong non-axisymmetry generated by the deep and wide
wakes, primarily due to the hub comer separation, produces widely different deviations and incidences depending on the
particular angle definition used. The improvement in the agreement between measured and computed results that can be
obtained using the angle definition based on the area averaged velocity components (d and ft) and a consistent formulation
of through flow theory has been demonstrated by Dring and Oates (1988a and 1988b). Airfoil to-airfoil flow analysis
(airfoil tangential loading) requires angles based on the mass averaged tangential and the area averaged axial velocity
components & and/P. The improvements in the agreement between measured and computed results that can be obtained
using this angle definition are demonstrated below in Figures 5, 6 and 7. In these figures the airfoil pressure coefficient
(CP) is based on the inlet static pressure (Pt) and the inlet dynamic pressure (Qi). It is plotted against the normalized axial
distance (X/Bx), where Bx is the airfoil axial chord. - !

Comparisons of the measured and computed pressure distributions for the second stage rotor from the hub out to
midspan at near-stall conditions (€ = 0.45) are presented in Figure 5. The symbols represent the measured surface static
pressures. The computed results (curves) are based on the potential flow method of Caspar, Hobbs, and Davis (1980)
which accounts for total pressure loss and stream tube contraction. The rotor inlet angle used in the calculation was based
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both on #-m (dashed) and on fl (solid). The differences between these two angles decreases from 4.8 near the hub to near
zero at midspan (Figure 2). Since all three angle definitions yielded rotor exit flow angles which were close to each other
(Figure 3) their effect on the computed results was very small and is not shown in Figure 5.

In general, the inlet angle based on averaged velocity components (#,) gave much better agreement on the pressure
surface. The agreement on the suction surface was improved but was still far from perfect due to the comer separation near
the hub (Dring, Joslyn, and Wagner, 1983, Figure 3). The chordwise location of this separation is indicated by the "S" on
the CP -0 axes in Figure 5. This location was determined from surface flow visualization (Dring, Joslyn and Wagner (1983)
Figure 3, and Joslyn and Dring (1988) Figure 5).

The inlet angle based on averaged velocity components (01) produced a more accurate prediction of the pressure
distribution, especially in the leading edge region. Similar comparisons were not done for this rotor at the design flow
coefficient (4 - 0.51) because the difference between the various inlet angles was very small ('w10) at that condition.

Even at the near-stall condition the impact of the endwall non-axisymmetries on the various flow angle definitions on
the second stator inlet angle was relatively weak (Aal - 20, Figure 3) Their effect on the exit angle, however, was very
strong (Aa2 - 130, Figure 4) The effect of this range of exit flow angle is shown in Figure 6 for the 12.5% span location.
The results at the other span locations near the hub were similar.

This comparison shows the insensitivity of the computed pressure distribution to the large difference in exit angle
(,13°) between d2 and am. The poor agreement between the measured and computed results is due to the massive hub
comer separation on this stator. At this 12.5% span location the separation occurs at the 30% chord location, as indicated by
the "S" on the CP - 0 axis.

Figure 6 compares the results of airfoil potential flow calculations at several span locations on a hypothetical third
stage rotor operating at near-stall conditions (4) 0.45). The compressor did not have a third stage so the hypothetical third
stage rotor geometry was taken to be identical to the second stage rotor. Tle rotor exit flow angles were taken to be the same
as those for the second stage rotor (Figure 3) and the rotor inlet angles, PIjm and )l, were those measured downstream of
the second stage stator (Figure 4). Note that f and f#- differ by as much as 100.

The difference between the two pressure distributions at each span location is large. It seems safe to assume that
significantly different airfoils would result depending on which of the two inlet angle distributions a designer was using.
CONCLUSIONS

It has been demonstrated that the non-axisymmetries generated by the endwall flow mechanisms in axial compressors
can have a powerful impact on the incidence and deviation angles that are used in both the through flow and
airfoil-to-airfoil design analyses. Specific observations and conclusions are as follows.

* Differences of up to 130 between the various definitions have been demonstrated for both
inlet angles (incidence) and exit angles (deviation).

* Airfoil-to-airfoil flow calculations are more accurate when they are based on inlet and exit
flow angles computed from the mass averaged tangential velocity and the area averaged
axial velocity components.

* Through flow analysis must be based on flow angles computed from the area (or density)

averaged velocity components (d and fi).
* There is sufficient information in the through flow analysis of Dring and Oates (1989a and

1989b) to relate 6 and d and to relate ft and .
* The present data suggests that the inlet flow angles d and d (or and/)) are relatively close

to each other.

# The present data also suggests that while the exit flow angles d and d (or ) and f) can be
very different, the airfoil-to-airfoil flow analysis is much less sensitive to the difference.

* The concepts that have been presented here should be ,f value in analyzing the growing body
of LDV and hot-film data that is becoming available for compressors. This will be
particularly true in relating this flow field information to measured airfoil pressure
distributions.
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DISCUSSION

Adamcyzk, USA

1. If you write a set of equations which are self consistent, then both
of your angles will give you the same pressure distribution.

2. Can you write an explicitly or implicitly mathematical relationship
for DCT in terms of the axisymmetric flow variables or their
derivatives for any given blade row?

Author's Reply:

1. The objective here was to establish a method for calculating the inlet
and exit flow angles to be used in a steady airfoil-to-airfoil
potential flow analysis. The non-axisymmetry of the flow exiting the
upstream row can be very strong near the hub and can result in a very
unsteady inflow for the downstream row. The point of the paper was
that this method of calculating incidence and deviation caused a
significant improvement to the potential flow prediction. It should
be of similar value in analyzing the NASA stage 67 LDV data.

2. The term "DCT" is a measure of the non-axisymmetry of the flow. Its
value is in relating various types of measured and computed
information in both through-flow and airfoil-to-airfoil flow analysis.
Any relationship to "axisymmetric flow variables" would probably be
based on a data correlation (as is current common practice for loss
and deviation in compressor design).

Bullock, USA

One can argue that 4 quantities must be preserved: continuity, energy,

tangential momentum, and axial momentum. This determines another angle.
The mixing process yielding uniform flow is incomplete, so the question
is: How is the rotor going to react? At this time, we have to appeal to
experiment, analyze the results, And improve our aerodynamic comprehension
of the relevant processes! I think this is an excellent presentation of a
real problem and a realistic study of it.

Author's Reply:

You make an excellent point here. The flow is indeed not mixed to uniform
flow. The observation here, however, is that the downstream airfoil

pressure distribution is acting as if it were fully mixed.

Chen, Switzerland

Cumpsty showed in his paper at the Toronto ASME Meeting this year that the
rotor with tip clearance of 3%C produces wall stall and that with 1%C
produces hub stall. Could you explain this difference in the stall
inception using your model?

Author's Reply:

The results presented were intended to show the impact of endwall wake
nonuniformities on airfoil pressures distributions. No attempt was made
to examine or explain stall inception. However, all of the cases cited in
the references showed corner separation without a clearance of the hub.
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IN AXIAL FLOW COMPRESSORS

by
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ABSTRACT

Axisymmetric throughflow equations are reformulated in order to introduce the effect of spanwise
mixing in axial flow compressors. The spanwise mixing model used in this investigation assumes that
turbulent diffusion is the dominant physical mechanism for the onset of spanwise mixing rather than the
deterministic nature of secondary flow model. 2-D loss and deviation correlations available in the open
literature are used together with the 3-D, secondary flow loss model. for middle stages. End-wall boundary
layer blockage is either introduced from experimental data if availablt or calculated using simple models.
Finite element method is used for the solution of the equation of motion.

NOTATION

B Blade force
b Blade blockage
cp Specific heat at constant pressure
f Dissipative force vector
H Total enthalpy
I Rothalpy
i Unit vector
kt Turbulent (eddy) conductivity
L, Stage length
in Streamwise direction
in Mass flow rate
Prt Turbulent Prandtl number
q Heat flux
r Radial, radius
Re Reynolds number
s Entropy
Sct Turbulent Schmidt number
T Temperature
V Absolute velocity
W Relative velocity
z Axial

Stream function
a Mixing coefficient
* Dissipation function

Lean angle

Shear stress tensor
o Tangential
p Density

Fluid angle

lit Turbulent (eddy) viscosity

Subscripts:
e Empirical
mix Mixing

INTRODUCTION

Turbo-machinery flow fields are highly complicated in that they contain inviscid, viscous, compressible, t
unsteady, three dimensional, and rotational effects. Thertfore a complete theoretical solution of the flow is
still a difficult problem in spite of the advances in computers and numerical techniques. Therefore
axisymmetric throughflow solutions incorporating the empirical 2-D loss and deviations of cascade flow and
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3-D loss and deviations of secondary flow are of interest. Recently the importance of incorporating the
effects of mixing into flow-field calculations of multistage compressors has become apparent. The trend
toward higher stage loadings and lower aspect ratios tend to have more of their end wall flows affecting the
larger portion of the total flow. As a consequence, secondary flow, turbulence, and mixing require more
careful evaluation. Important work has been carried out on the secondary flow effects in axial flow
compressors over the years (1-9]. More recently two spanwise mixing models have received great deal of
attention. Adkins and Smith [1] used inviscid; small perturbation, secondary flow theory as the basic of
their model. This model includes the effects of mainstream non-free vortex flow, end wall boundary layers,
blade end clearances, blade end shrouding, and blade boundary layer and wake centrifugation. Gallimore
and Cumpsty [2] model of radial mixing, assumes random turbulent type of diffusion process as the
dominant mechanism of spanwise mixing. They developed a simple, approximate method for estimating the
value of the spanwise mixing coefficient in terms of stage geometry loss and flow coefficient.

In this paper Gallimore and Cumpsty spanwise mixing model is formulated for axisymmetric finite
element throughflow code of Uqer et al. [10]. In order to introduce more realistic loss distributions through
the blade rows, 3-D secondary flow loss distribution models of Roberts, Serovy, Sandercock [11] were
used with Koch and Smith [12] 2-D loss distributions. End wall boundary layer displacement thickness
calculation method of Stratford [13] is adopted for determining the growth of boundary layer on the end-
walls. The mixing model was tested using benchmark test cases of single duct, stator, and rotor. The
method was then used to calculate the flow through 2 stage high speed compressor and 4 stage low speed
compressor to demonstrate the radial variation of flow properties due to spanwise mixing.

FORMULATION

The throughflow analysis of flow-field in compressors assumes axisymmetric inviscid steady flow.
Cascade information is introduced to such models through empirically determined loss and deviations. The
stream surface formulation of the flow field first proposed by Wu [14] is used as basis of the flow
modelling inside an axial compressor. Bosman and Marsh [15] developed an improved consistent loss model
and a formulation which can be used for any shape of hub and casing walls.

Momentum equation in Crocco form for steady flow in rotating coordinates is

Wx(VxV)=VI - TVs - f (1)

where f is the dissipative force vector and can be represented in terms of shear stress tensor as L V .
p

In the distributed loss model this force is obtained from losses and act in the opposite direction of the
velocity vector. Momentum equation on the Wu [14] prescribed S2 surface becomes

W fa~ro 'ar awj.]'ar i --- Brf r (2.a)r a j L5z - _0-r ar

DY~(rVe)] W WY{Ve)] =-ef 
2b

r L az JJ 2 = " z'Bz'f (2.b)

r awr aw,- + we ra(rVe) = al - as -z 2c
az- an el a- a

Here, B represents the force field which makes the flow to occur on the prescribed S2 stream surface. f is
the dissipative force field which lies inside the S2 stream surface. The geometrical condition of stream
surface is given by the equation

Wo=-Wr tan - Wz tang (3)

utilizing the orthogonality condition of B and W and surface normal vector n and W. g is the fluid angle
and X is the lean angle of S2 surface.

For a non-rotating S2 surface in the stator blade rows, equations (2) are obtained with W replaced by V

and rothalpy I replaced by total enthalpy H.

For flow in ducts with no specified flow surface equations of motion become

ve r rv)] r,r ,v, al sl ~r k )] T- o T f (4.a)

r [-a - r-f (4.b)

VnFIr "Vz] + Ve" " (4.c)
.an a raro anan
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For bladed sections of the compressor, equations (2) can be written in 3 new directions as depicted in
Fig. 1. These directions as- Bosmap and Marsh (15] had proposed are "in" direction being in the surface and
tangent to the streamline (streamwise direction), "N" perpendicular to the streamline and lies In the surface
and "n" being perpendicular to the surface. Momentum equation in the N direction therefore contains neither
the blade force B nor the dissipative force f.

For an adiabatic flow on a prescribed S2 surface; 5 equations to be satisfied are; continuity equation,
momentum equation in N, m, n directions and energy equation. Equation of state is used to find the other
thermodynamic properties . Momentum equation in "N' direction is used as the principal equation.
Momentum equation in streamwise direction "in" is replaced by entropy equation, and geometrical condition
is specified replacing the momentum equation in "n" direction normal to the surface. Momentum equations in
"n" and "n" directions may be used to calculate blade force B and dissipative force f. Stream function is
defined by satisfying the continuity equation along S2 stream surface. Since the dissipative term in the
steady flow energy equation,

W.(VI) = V. (.W) V.q (5)

is equal to zero for distributed loss model and q is neglected for non-conducting fluids, I stays constant
along relative streamlines through roteting blade rows. Similarly total enthalpy H is constant along
streamlines through stator blades. Entropy equation which replaces "in" component of momentum equation
gives the change of entropy along the streamline in terms of dissipative force and temperature. This change
of entropy can be related to the increase of stagnation pressure along streamlines due to losses in blade
passages.

Inside ducts, where there is no prescribed stream surface, momentum equations are more conveniently
written in (ie x V) and V x (i x V) directions. The principal equation is obtained from (1o x V)
direction in which no dissipative force exist because of the orthogonality condition. Instead of the
streamwise component of momentum equation, entropy equation is used. V x (ig x V) component gives
the tangential momentum change as,

V2 a(rVo) F ai si 6
r ; Ve -[a T (6)

which shows that for duct flows with no change of total enthalpy and entropy, tangential momentum is
constant along a streamline. In addition to the momentum equations, continuity equation and energy
equation must be satisfied. Energy equation reduces to H = const. along a streamline because of the
distributed loss model whereas continuity equation is satisfied by introducing an appropriate stream
function. The two thermodynamic properties and three velocity components are determined by the above set
of five equations. Other thermodynamic variables are obtained using the equation of state.

The distributed loss model described above handles axisymmetric flow fields in bladed and unbladed
sections of a compressor. The model makes it possible to solve viscous flows by specifying empirically
determined total pressure decrease. Flow in bladed sections is forced on to axisymmetric stream surfaces
which are prescribed using the known blade data and deviation correlations.

MIXING MODEL

The important influence of spanwise mixing is the radial distribution of flow properties. Turbulent
diffusion type of process modelled by Gallimore[3] is used in this investigation. The model requires the use
of the axial radial, and tangential momentum equations and the energy equation to calculate the streamwise
changes of stagnation enthalpy, entropy and tangential momentum causedby the radial diffusion of heat and
momentum. The model assumes that the radial mixing of momentum and heat occurs by turbulent mixing.
Mixing process can be represented by an eddy viscosity gLt and an eddy conductivity kt which are related by

turbulent Prandtl number Prt = igcp/kt. The eddy viscosity is related to mixing coefficient e through turbulent
Schmidt number Sct = gt/(pe) . Reynolds number Vz Ls/e is a function of blade and stage geometries, loss
coefficient and flow coefficient. Prandtl and Schmidt numbers are taken as unity in this investigation.

Turbulent mixing model introduces modifications to the main flow equations. This is because the
dissipative force term of equation (1) is split into two parts.

- P

The first part represents the distributed dissipative force and it is introduced to the solution through
correlations, whereas the second part represents the forces due to viscous dissipation. Mixin; model of
Gallimore [3] assumes that the flow is axisymmetric, that changes in Vr and their derivatives with position
are small, and that changes in the axial direction are negligible. These approximations lead to simplifications
in the terms of the stress tensor in cylindrical coordinates. The projection of mixing viscous force term on
to the prescribed stream surface modifies the blade force term B and includes the surface normal component
of turbulent viscous stress. The principal equation in "N" direction with shear stresses due to radial nixing
takes the form,
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in which it is assumed that the lean angle ih constant in the radial direction. The above equation is written on
Prescribed steam surfaces within rotating passages. For stator blade rows the principal equation is obtained
y replacing rothalpy by total enthalpy and relative velocity by absolute velocity. The stream function is

defined in the form

= "r-prbVz ,,- rbVr (8)ar m M

where b is the tangential blockage due to blades. In ducts tangential blockage does not exist and no
tangential momentum is imposed by prescribing stream surfaces. Therefore b is unity and the principal

equation is obtained by projecting the mixing shear stress term onto (ie x V) direction which gives

arliv ar a~1 R'F (rVe) a(rVe)1 3 s a1 H aH1
+ Vr - V Va+ Vrbt Vr

53z[ pr aziJ ar Lr TW =I VL OLx &I azi a az

+yr. tr " LJ (9)

Momertum equation in V x (io x V) direction gives the tangential momentum change in the streamwise
direction in the form,

d = r r2- yLetr +2., \ (10)

relating tangential momentum change to dissipative force due to turbulent diffusion.

In the bladed sections although angular momentum change is prescribed by specifying the stream
surface shape, a radial transfer of momentum is expected due to the presence of shear stresses. The relative
proportion of rVe change in the streamwise direction due to turbulent diffusion must depend on the aspect
ratio and solidity of the blade row.

Entropy equation in the streamwise direction becomes

ds I v ],rdsl (1
J =; 't 0 + V . q ] + (1ie0 1)

where the dissipation function is given as

'ar rr(12)

and heat transfer due to turbulent diffusion by

V.q= - .  k (13)

The last term in equation (11) represents the change of entropy along streamlines due to the losses in the
cascade flow. Total enthalpy of the flow is now affected by the shear stresses and conduction. Therefore a
change in H along absolute streamlines is calculated from energy equation.

.. I{I + V2 [ttr +q2Veg t. (VO)+ r L .q (14)

Along relative streamlines rothalpy change is calculated using the energy equation in steadily rotating
relative coordinate system.

At the hub and tip walls of the compressor the shear stresses and heat flux are set to zero, in
accordance with the adiabatic walls and inviscid distributed loss model of the main flow.
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CALCULATION PROCEDURE

Equations (7) and (9) are, the principal equations that are used to obtain the stream function distribution
in the solution domain and they are discretized using finite element method. Since hub and tip walls of the
compressor are streamlines, stream function values are specified on them. At the entry to the solution
domain stream function values, total temperature and pressure are specified at the nodes. For the exit of the
compressor ay/z = 0. From the stream function distribution, velocities in the radial and axial directions can
be calculated from equations (8). Frnm equation (3) the tangential component of the velocity vector is
determined. Equations (10), (11), (12) allow the change of entropy, tangential momentum, and stagnation
enthalpy along streamlines to be calculated. Since stream function values are known at the nodes of the 8
noded finite elements, a radial layer by layer procedure is adopted. An inverse space marching technique is
utilized. The properties of the nodal points at thelayer of calculation I is determined using the constancy
of stream function along streamlines and the equation below.

q q + 1 dm

Property evaluations on streamlines are made using linear interpolation between the stream function and
property values of the nodes at the I-I layer (see Fig.2).

The radial derivatives of velocities and temperature which are required to evaluate shear stresses,
dissipation function and the heat transfer terms are calculated using natural cubic spline technique. In the
calculation of entropy along a, streamline in bladed sections, the increase of entropy due to empirical loss
coefficients is included and the total entropy change is evaluated. The variation of tangential momentum in
bladed sections is likewise calculated from the summation of two effects. This change is the result of
specified blade geometry with empirically determined deviation and an additional force caused by the
tangential shear stresses. As a result of shear stresses, the calculated fluid angle at the exit of blade rows
will differ from the specified angles. The change of total enthalpy through stator blade rows or rothalpy
through rotor blade rows are computed using equation (14) in a straightforward way in the present method,
because no blade force appears in the energy equation. It is then possible to set up the enthalpy-entropy
diagram along the streamline section of Figure 2 between two layers, and density at the calculation node is
evaluated. At this stage of the calculation all variables necessary to set up the right hand side of the
principal equations (7) and (9) are evaluated. Fluid density which appears on the left hand side is also
known therefore principal equations are recomputed and new stream function values are found. Maximum
relative change in stream function values between two consecutive overall iterations are checked for
convergence. Maximum relative change is kept under 0.001 and an underrelaxation factor around 0.2 was
used in the calculations.

EMPIRICAL CONSIDERATIONS

The present model uses several empirical correlations and data which serve to calculate 2-D cascade
losses at design and off design, secondary flow losses, and end-wall boundary layer displacement thickness
distributions.

The cascade losses when not specified are calculated using Koch and Smith [12] correlation. Carter's
rule is used for design deviation. For off-design deviation and loss Creveling [16] and Ietin et al. [17] are
used respectively. The radial distribution of secondary losses are calculated using reference [I I]. These
losses are added to the Koch and Smith 2-D loss distribution. The calculation of 3-D losses require end wall
boundary layer thickness distribution along the compressor. End-wall boundary layer calculation method
suggested by Stratford [13] is used for predicting the development of end-wall boundary layer. In the case
when displacement thickness prediction method is used the hub and casing boundary conditions (stream
function values) are changed, introducing a fictive mass flux compensating for the loss due to shear layers.

RESULTS AND DISCUSSION

Some of the early results obtained from the new version of the computer code will be given here. The
modified proram is verified for mixing analysis using straight annula, duct, isolated stator and isolated
stator of Gallimore [18].

Figure 3 shows the capability of the code in conserving the angular momentum. A nearly free vortex
tangential velocity distribution was traced along a constant area annular duct as it chang i into a force
vortex profile. In this calculation Reynolds number, based on axial velocity annulus heiiht and mixing
coefficient was 290. The mixing coefficient e was set to 0.0035 m2/s. Prandtl and Schmidt numbers were
set to 1.0. An analysis of the mixing model showed that shear stresses can not be generated in the case
when exact free vortex distribution of rVg - const. is imposed. Therefore calculation was started from a
nearly free vortex distribution. Solid body rotation of forced vortex flow is also free of shear stresses for
inviscid boundaries. Therefore, as expected, the forced vortex tangential velocity distribution did not show
any change along the annular duct after it is established. Figure 3 shows V0 variation in the radial direction
at 0, 20, 40, 100 span downstream locations along the annular duct. The forced vortex profile is accurately
predicted with no inaccuracies at the end walls and no change of tangential momentum during the
development from free to forced vortex. This indicates that the model is implemented satisfactorily to the
finite element program.

.1
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In order to assess the ability of the code to predict the flow through bladed sections, isolated stator
and rotor test cases of Gallimore [18] were used. Reynolds number based on axial velocity, span and mixing
coefficient was taken as 290 for both test cases Prandtl number was set to unity. The mixing coefficient was
0.0035 m2 / s. Spanwise loss and deviation distributions suggested by Gallimore were used. Exit flow angle
was set to zero at mid-height and 30" at each end-wall with a non-linear variation in between. The spanwise
variation of specified loss coefficient was varied from zero at mid-span to 0.5 of both ends. A second order
distribution between mid-span and end-walls was used.

Figure 4 shows axial velocity distribution at the exit of the blade row (0 span), 4 span and 8 span
downstream of the blade row. The axial velocity distribution flattens out as the flow proceeds down-stream
due to the viscous stresses set-up in the flow. Figure 5 shows a similar trend in the yaw angle. The
specified 30' end wall yaw angle can not be reached at the exit of the blade row because of mixing in the
bladed section, as expected. For a uniform inlet distribution of total enthalpy and Prandtl number of unity,
there should be no change of total enthalpy along the streamline passing through the stator blade row even if
mixing is present [19]. This is because; the contributions of the shear stresses, heat transfer and dissipation
function should cancel each other and not contribute in any way to total enthalpy. It was found that the
program algorithm accurately establishes this requirement with negligible changes in the total enthalpy
across 'the downstream stations of the stator blade row.

The isolated rotor test is performed using the geometry of stator. Blades are now rotated at 3000 rpm.
In this test case the specified exit relative flow angles varied from 10" at mid-span to 40 at both hub and
tip. The loss distribution was the same of the stator. Calculated spanwise variation of axial velocity is
shown in Fig. 6. Results are given at the exit of the blade row and two downstream stations. The mixing
again tends to flatten the axial velocity profile as they pass downstream. Figure 7 shows the total enthalpy
variation at the trailing edge and two downstream locations. The increase of total enthalpy at the tip and hub
with mixing is predicted. The redistribution of flow properties tend to reduce the total enthalpy at the mid-
span region. For a rotating blade row there should be no change of rothalpy along a streamline for uniform
inlet rothalpy and Prt = 1. The change of rothalpy across the blade row was found to be less than 0.5 %
therefore it is concluded that the program algorithm is accurate in predicting flow properties in the rotor
section.

Two compressor test cases are used until this time. The first test :ase was the Cambridge 4 Stage low
speed compressor. A substantial amount of data on this compressor can be extracted from references
[18-20]. This compressor has untwisted C5 airfoils with hub to tip ratio of 0.8. It was used in mixing
analysis by Gallimore [18]. The complete machine with IGV and four stages were analyzed on the computer.
Because of the lack of relative flow angle distribution data at t-,' exit of the blade rows, only partial success
was achieved in predicting the axial velocity profiles at the exit of rotor blades. Test runs were performed at
a flow coefficient of approximately 0.55 which gives a mean axial velocity of approximately 27.0 m/s. The
calculated velocity profiles had the same trend as the measured ones with peak axial velocity near to the
mid-span position rather than to the tip region. In these calculations spanwise loss distribution data of
Gallimore was used with identical loss coefficient distributions for all four rotors; the stator loss
distributions were assumed to be the same for each blade row and equal to the radially inverted rotor
distributions. In the analysis runs with mixing, Reynolds number based on axial velocity axial stage length
and mixing coefficient was set to 340. All axial velocity profiles showed an increase of 3 - 4 % of axial
velocity at the hub and a decrease of same amount at tip of blade rows. Figure 8 shows the total pressure
distribution at the exit of the compressor. The influence of mixing on the total pressure distribution shows
that the losses are convected to the mid span in the case of mixing, producing less total pressure rise at the
upper half of the span. Cor.vergence difficulties were experienced in the end wall boundary layer
calculations. Empirical asses:,ment of secondary flow loss using the model of reference[ll] showed
negligible differences in flow properties. 3-D losses were only introduced to the middle stages.

So far the second test case used with the new code, is the NASA 2 stage low aspect ratio transonic fan.
Thi. machine is well documented in [21-22]. Mixing coefficient for this machine is estimated using the
method of Gallimore and Cumpsty [2] as £ = 0.0018 m2/s. Second stage exit total pressure distribution
predicted by using cascade loss and deviation correlations for design and off design is shown by curve A of
figure 9. Correlation set recommended in Vetin et al. (17] is used in this calculation. When end-wall
boundary layer calculation of Stratford [13] and secondary losses of [11] are introduced with mixing
calculations simultaneously, marked difference in the distribution is experienced. This is because of the
combined effect of two-dimensional cascade losses, three-dimensional secondary losses, end wall boundary
layer blockage and mixing. A comparison with the measured values of total pressure shows that the complete
model improves the prediction ouly at the tip of the blade row, with less success at the hub region. This is
because of the errors in the calculated loss distribution at the hub and consequently its unrealistic spanwise
redistribution due to mixing. During the computations for obtaining curve B of figure 9, empirical loss and
deviation for design and off-design, three-dimensional loss and end wall boundary layer calculations were
included inside the global iteration of stream function. All comparison are made, near peak efficiency test
case of NASA 2-Stage fan at 100 % design speed.

Figure 10 shows the asuled tlotal pressure distribution ai the exit of second stage stator together with
the calculated spanwise distributions. The figure clearly shows that when calculated loss and deviations
from measured total pressure, total temperature and yaw angle are used, satisfactory total pressure spanwise
variation can be computed only when spanwise mixing is included. Computation without mixing using
calculated loss and deviation of the experimental data gave larger variation of total pressure from hub to tip
with abrupt fluctuations due to supersonic relative flow at the tip region. Mixing, by redistributing the flow
properties smooths out the fluctuations at the tip region and predicts the experimental pressure distribution
satisfactorily with a slight error near to the tip of blade.

In a number of numerical experiments, 3-D loss model was used simultaneously with 2-D losses and
end wall boundary layer calculations. In these test runs calculations without mixing showed about 5 m/s
reduction of axial velocity at both hub and tip with very small changes at the mid-span region. Calculation
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with mixing on the other hand, gave an increase of axial velocity at the tip region and a reduction at the hub
and mid-span regions. This is attributed to the redistribution of losses along the compressor. The calculated
ax,; velocity profiles at rotor and stator exit stations has the same shape as depicted in figure 11 which are
fa from predicting the details of the flow. When calculated loss and deviations from measured values are
specified with mixing, better axial velocity predictions are obtained as shown in figure 11. Axial velocity
predictions are better at mid-span and tip regions with less success at the hub. A comparison of predicted
and specified loss distributions showed trend differences at the hut' :f the second stage rotor. However loss
distributions had the same trend at the tip. Figure 12 shows the second stage stator exit axial velocity
distribution obtained using specified loss and deviation values throughout the blade rows. As it can be
observed a successful prediction of spanwise axial velocity distribution was obtained when mixing is
included in the analysis. The same result was also obtained for total pressure distribution, as mentioned
above.

The computational performance of the new code was found to be very promising. In the analysis of
Cambridge four stage compressor, 288 elements with 889 nodes was used. CPU time on a UNISYS A9F
computer was 960 second, For NASA two stage compressor with 133 elements and 452 nodes, computations

without mixing took 671. seconds. An increase of 30 % in computing time was experienced in the case when
mixing analysis was i:,.uded. No instabilities were observed in the mixing solution.

CONCLUDING REMARKS

The mixing model of Gallimore and Cumpsty was successfully applied to a finite element throughflow
axisymmetric code. The program is accurate and fast in calculating the flow properties in annular duct,
isolated stator and isolated rotor test cases.

For multi-stage axial compressor analysis, when empirical 2-D and 3-D losses and deviations and end
wall blockage calculations are performed simultaneously with mixing analysis, satisfactory radial variations
of properties can not be obtained. Spanwise loss and deviation distributions should be specified for all blade
rows and their redistribution must be allowed along the compressor due to mixing.

In specifying the spanwise distribution of loss and deviation; profile, secondary flow and end wall
effects should be considered. A properly proportioned and quantified loss and deviation profile in the
spanwise direction should be capable of predicting the property changes with success if mixing is
introduced. It must be noted that the mixing model calculates shear stresses and heat transfer using the
variation of axial, tangential velocities and temperature in the radial direction.These properties are strongly
affected by the entropy production and work input along the streamlines through the blade row. Therefore
loss and deviation distributions including the effects of profile, shock and secondary flows must be asaccurate as possible for obtaining accurate radial property variations.
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PARABOLIZED CALCULATIONS OF TURBULENT THREE DIMENSIONAL
FLOWS IN A TURBINE DUCT

P. FERRAND *, F. LEBOEUF *, F POMMEL -, E. PARKINSON
* LMFA URA CNRS 263 ECL BP 163 69131 Ecully - FRANCE

h INTRODUCTION

For a number of practical flows with a dominating convective direction, it is often possible to neglect the diffusive
phenomenona In this direction. This hypothesis Is particularly true in turbomachlne ducts where the Reynolds numbers
are usually very high.

In this case, the diffusive terms in the main convective direction (written k in the following) are eliminated.
Concerning the velocity, the problem described by the Navier-Stokes equations becomes parabolic. However, in all
the -tibsonic zones, the pressure tends to transfer the downstream information in the upstream direction, which is
typical of an elliptical behaviour. As a consequence, eliminating those diffusive terms in the Navier Stokes equations is
not sufficient to obtain a pure problem. The momentum equations have a parabolic nature and can be treated by a
space marching resolution. On the opposite, the elliptic nature of the pressure equation has to be taken into account. In
a subsonic flow, with highly curved ducts, it is then necessary to define an hybrid parabolic-elliptical method called
"Quasi Elliptical" In the followin f 1.

The Idea, based on paracolized methods recognizing the elliptical pressure effect, has already been used successfully
by KULISA-BELLOIR 12,31 for local reverse flows. In this case, a boundary-layer model is used in strong interaction
with a pressure calculation based on a small potential pertubations method generated by the viscous wall flow. The
integral equation obtained with Green's theorem restores properly the elliptical effect on the wall. Moreover, DELERY
and MARVIN 141 have shown the importance of this strong coupling, at the wall, if the elliptical pressure effect is to be
restored in a supersonic boundary-layer.

This paper intends to present a rew method calculating three dimensional flows in turbomachine ducts with a quasi-
ellipticity hypothesis for the velocity field.

The main ideas of the method are presented ; then its specific aspects shall be detailed. At last, its capacity is
viewed on a representative test case typical of a turbine duct.

2. BASIS OF THE METHOD

The momentum and continuity equations are first decoupled. As the diffusive terms are eliminated in the
direction, an upstream/downstream space-marching procedure, labelled "sweep", is hence used for the momentum

equations. For each transversal plan ( 1, T)a three dimensional pressure calculation insures the correct restitution of
the pressure ;nfluence on the wall viscous layers.

For the curren, calculation station, written i-1/2 (refer to figure 1), the momentum equations are written between
the stations i-1 and i and the stations i-2, i-I and i. The first equations predict the velocity corrections 8V in station i.
All the different variables oi !tation i-i are fixed during this procedure (parabolic effect). The last equation calculates
the static pressure corrections Sc in the station i-i, with all the variables being fixed in the station i (elliptical
effect). As the pressure is only estimated in the station i, an Iterative upstream/downstream sweeping procedure is
necessary.
However, to reinforce the far upstream/downstream boundary conditions transmission, a linearized one dimensional
calculation allows R readjustement of the mass flow (correction 87 ) and the static pressure (correction 8Ms) during the
sweeps.
In opposition to most existing parabolized methods, this quasi-elliptical method enables the imposition of conditions on
the stagnation upstream values, the transversal V. an I. velocities and on the downstream static pressure. The
mass flow thu: becomes an unknown of the prolem.

1-2 7

Figure - I Definition of the current calculation stations.
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3. VELOCITY FIELD TREATMENT

The momentum equation is written in a weak conservative form in a transformed (. 'r, T) frame where t is the
longitudinal direction of the flow and (, ) the transversal directions.

aq aE aF G 1 + Gv  +
-a + Z + T, + T + H = Re I-"

+34=,1+ +HJ (1

where q (P, _P , and J is the metric Jacobian of the transformation. E, F and G are the convective

F a
vectors, GV and F v are the diffusive vectors. The (.:ivatives - have been eliminated from the diffusive terms

according to the parabolization hypothesis. H and Hv are the vectors associated with the curvature of the initial frame
and D contains the rotation terms. An algebraic turbulence model is introduced on the oasis of BALDWIN and LOMAX'
works 161.

A time implicit numerical scheme is used to solve system (I). The derivatives along t are discretized with second
order relations centered in the station i-l/2.

Marching from upstream to downstream, system (1) must be verified between the stations F. - and E. before
treating the next domain ( k , ) . Consequently, the velocity correction in the upstream station tj- is
considered as equal to zero ( q j -= 0) . At time iteration n, the discretized scheme along k is written:

nj a ii, n h IT- a2 n
{I + h. A + hL B -i2+ h. h Jj

1-/ 12)2

Re' - X a,14 7{-+ }q 1  (2)(2
4 J (2)

where A, B and C are the Jacobian resulting from the linearization of the diffusive and convective vectors of (1). The
discretizations along T and Y1 are second order centered. A numerical dissipation is added to stabilize the scheme.

i. and 6 e x are the viscosity coefficients.
Two resolution schemes for the implicit part of (2) have been tested. The fitst one is a factorized BEAM & WARMING

171 scheme which uses three diagonal matrical systems of 3X3 blocs. Each matrix was treated with an LU decomposition
proposed by PULLIAM and STEGER 181.

A Gauss-Seidel type resolution has also been written to treat the 3X3 blocs five-diagonals resulting from the direct
discretization of system (2). A convergence accelerating tech ique, MMPE, based on 5DI's works 1101, is then applied to
the vector sequence issued from GAUSS-SEIDEL's method. 1 nis technique is detailed by BENBOUTA 191. The obtained
time computing gain with the MMPE method compared to the factorized method is approximately 4.2 in scalar mode
and 8.9 in non-concurrent vectorized mode with an ALLIANT FX-80.

*. STATIC PRESSURE FIELD TREATMENT

The static pressure calculation method is exhaustively detailed in reference 151. This method differs deeply from the
classical methods used for parabolized equations. The main aspects of the incompressible formulation are presented in
the following, the extension to the compressible case differs only by the expression of ® in equation (3). The static
pressure equation can be obtained by taking the divergence of the momentum equations.

P , (@) + gfl)

(3)

where 1 = V. ( p V) and q( fl) mainly depend on the rotational fl of V.
t 8) is written:

('() = - + V. (@ V) + (7X + 21x).A (4)

Assuming that, at time iteration n, tne static pressure Pa" verifies effectively (3), the solution of the momentum
equations at time iteration n+l generates a velocity divergence which is not compatible with (3) any more.ps n' * then
calculated from a correction which effectively checks r(@) =0

Pa t  p P n + Sps

(5-a)
V2 8pS .- r

If at convergence, the condition r(O) = 0 implies effectively o = 0 , accelerating the convergence
processing is possible in some cases by replacing (5-a) by a model equation where @ is more directly introduced•

V2 8Ps - '(5) V) t-2 .- '(5-b)

S!
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where 3 is the Jacooian of the geometrical transformation and u 4 is the contravariant velocity component along F..
.4

As mentionned in part 2, the unknown V is calculated in station F. and Ps in F.- There are three reasons
for this choice:

- As the method is applied to compressible or incompressible subsonic flows the proper information transfer from
downstream to upstream is realized only if the longitudinal pressure gradient Ps is downstream decentered (ROBIN
1t1). at

- Thus the obtained formulation is very compact as all the unknown and known terms belong to the same domain
delimited by the stations ( . s, F. )
- When solving the pressure equation (5-a) or (5-b), only the divergence @ in F. -1/2 is assumed non equal-to zero
as the upstream ( F.i -2 ) and downstream (F. 1 ) flows are supposed converged thus giving a zero divergence.
From (5), the sign of the right-hand term changes when applying (5) at the stations F,- or El . It it thus
verified that the numerical statibility is consequently improved when taking the pressure as an unknown in the station
Fi. •.
Also, in order to take correctly into account the three dimensional elliptic effect associated with the pressure and to
optimize its results on the boundary (as the viscous flow seems to be very sensitive to them), the resolution of the
pressure equation (5) is decomposed in two steps : the pressure is first calculated on the boundary of the domain limited
by the stations E i- 2 and E , , then a two dimensional equation is used in station i-I. This technique enables a
real local three dimensional calculation of the boundary pressure with a limited computing requirement. So, the
pressure is first calculated on the boundary with an integral equation deduced from (5) through Green's identity.

4T1T SPs( M) = -- Ps) df - J () df + - f () dfl
j r r n r n r (7 )

T is a coefficient function of the point M position in the space.
This equation (6) is discretized by decomposing the boundary in 9 nodes surfacic elements associated with quadratic
interpolation functions. As the pressure is known on the boundary, it was found sufficient to use a two dimensional
discretization of a finite differences type to obtain the pressure inside the domain at station i-I.
Concerning the boundary conditions, it is interesting to note that the different normal derivatives can be distinguished
at a same point. It is particularly important when treating wall intersections (two normal derivatives) or corners (three
normal derivatives).
Downstream, the pressure is imposed in F, , thus giving SPa =o in all cases. Upstream ( ) - , ) the pressure field

8Ps 1 . 2 ' 0 or its gradient a - 0 can be either imposed. At last, on the lateral boundaries, a zero normal
derivative n

is imposed on the walls, which is compatible with high Reynolds flows. Periodicity conditions can also be imposed.

5. ONE DIMENSIONAL MASSFLOV CORRECTION

For a subsonic iso-energy flow, the proper boundary conditions in the upstream section are the stagnation pressure Po
and the two covariant velocity components V, and V. * Downstream, imposing the static pressure Ps is interesting.
The history of the flow in the duct, and particularly pressure losses, will fix the mass flow which then appears as an
unknown of the problem. In classical parabolized methods, the mass flow is given as the velocity is completely fixed
upstream. The downstream static pressure is then calculated by the numerical scheme.
In our parabolized method, ( Po , V n , V ) are estimated upstream and Ps downstream not only for all the
duct but also partly when solving the system between the .1 - 1 and Ei stations. Ps is therefore imposed
either from an initial guess or from the results of a preceding upstream/downstream sweep. In opposite, if Vi - 1 is
imposed to initialize the calculus, it cannot be completely fixed as Psi - is modified to verify the local mass
conservation (equation (6)), the total pressure P0 1 - would be an unknown. The question is then to correct the
V i - I velocity to verify an unknown mass flow. The solution lies in the utilization a one dimensional mass
flow correction using the information on the K, total pressure loss coefficients between two stations t.i and E1 - 1.
For example, the following relation can be written for an incompressible case on a one dimensional basis for a flow
averaged on the transversal surface ( 1, ) :

Poi-t = Po1 + Xi "P( _

or t-K i  Ki i 1
SP.- .Poi-I + Psi - Ps i  - P Vi

1 + Ki 1 K 1+ i- 2
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More generally, using the existing information between the stations j < 1 and i, the obtained equation is:

i

aj. Poj + bk3.Psk = V 2 v j-1,i) (8)
k-j 

2

where the ( a3, bk 3) coefficients depend on the loss coefficients Kk (k = j+l,i). This equation (8) can be used
to uniformize a mass flow between the stations j and i and therefore between i-I and i, thus giving the average values
Pk (NO<i).
Let's first suppose that (8) is verified with a pressure P83 not corresponding to the desired value Ps It

is then necessary to calculate some pressure corrections 8PSk to add to the current values P (k<i), and as well as
the mass flow Q*, P a being fixed.
By linearizing (8), one obtains•

i

- bkj dPsk - P d = - aj dPoj
~~k=j )

4-2

As P d( = Vi.(.~ (d~~

where 17 is the local volume between two stations 1 h T)
Noting 8Q, . Q -- Q, 1

b 3 rps - 0 = - aj dPo3 + V -I ( 9)k-i •V 17 dt
a

WeM applied to i and i-i with j~i-i, this equation (9) uses both mass flows 1 i and QI - as well as the difference
Po 1 1 l-Poj and 8Pai=O to give 8ps and the new mass flow Q*.This method enaoles a fast mass flow

unitormization oetween tne two surfaces of the local calculus domain. It is used at each time-step. After convergence
and verification of the equations between stations i-I and i, the calculation goes on between i and i+l with an imposed
arbitrary Ps,. I value, as was the obtained total pressure 1oj. It is hence natural to assume that Q* is different from
the one ootained between i-I and i. Consequently, when finishing each calculation in a station, it is possible to use (9)
from the upstream station i= to i oy setting j to 1. This method uniformizes the mass flow by taking into account the
complete upstream history.
in order to also take into account the downstream pressure Pa N , (8) is written once more as follows

i *2V.

allPot + Z bk,'Ps k - 1 0

ka1 2

C
where Psk are all the desired values and VT  corresponds to the mass flow Q*. Then a linearization based on
the obtained state (Psk,Vi) gives:

#2 - Q!1
&I PO +P b dP~k) 1 P V 2 ;

1 2

where bk, dPsk - . - = - a1 Po 1 - ' bk, Ps k +

k-I d. k-I

2 dl4 1

Equation (10) thus enables to uniformize the mass flow in the complete duct and uses the upstream and downstream
conditions (Po 1 , i , i Y ) and PSN ; it is written for i varying from I to N. After calculating these one
dimensional 8Pk and 8 Qk corrections, the local values are accordingly corrected:
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Pa(Ek, ,T ) - a( Ek, T(, + S-)SQV( E~k, , ) V( E.k, t, T ( +

6. RESULTS

The method has been tested on two representative test cases in
turbomachinery for which experimental data was available. Our main
objective was here to validate qualitatively the method and especially to
verify its convergence capacity in cases with high elliptical effects.

The first case is a 900 square duct with a high curvature (Dean number
369). The fluid is water. The flow is turbulent (Reynolds number 4 400000).
The experimental measurements of TAYLOR and al. 1121 enable velocity
profiles comparisons. As no pressure results are given, the pressure was

estimated to give approximately the experimental mass flow.
The mesh is regular with 21 grid points in each transverse directions and

40 along (Figure 4) E . The convergence was obtained after 35
upstream/downstream sweeps. All the variables (mass flow, pressure,.)
were then stabilized, as it is shown by the figure 2 where the evolution of the
upstream mass flow difference is a function of the sweeps. _0 o

The velocity profiles of UZ and V, (pressure side to suction side) are

presented at the averaged radius at 4 different sections (300, 600,77.50 and '\

900) from the duct centre (symetrical) (Z* = 0) to the wall (Z* = 1) (Figures 5 "5
to 12). 90. Square Duet ComputatLonnal Mesh

On one hand, the longitudinal velocity is correctly predicted at the centre 21*21440)
for all 4 sections (Figures 5 to 8); on the other hand, a significant velocity
deficit appears near the wall (Z* 1). This deficit is easily explained by the Figure 2
far too coarse grid near the walls. The turbulent boundary layers cannot be
properly represented and this effect is seen by an arbitrary growing-up of the
boundary layer generatin& an overestimation.of the losses

The transversal evolution of V confirms the correct prediction at the duct centre, the differences again appearing
near the walls (figures 9 to 12). The low number of grid points near the wall tends to overestimate and displace the
transversal velocity peak inside the duct.

Despite this wall discrepancy, it is interesting to note that the levels are properly predicted even with secondary
velocities representing 30% of the mass averaged longitudinal velocity.

The second test case is a turoine cascade for
which velocity and pressure experimental Cascade computationnal Mesh
results existed 1131. In opposition to the Z a 2o

preceding test case, we felt important to 21A21%40
mainly validate the static pressure evolutions.

The computing was made on an inter-blade
duct of the cascade with its trailing and leading
edges elongated (smoothing) by solid walls. No
periodicity conditions were thus imposed, and 0 334 STATION 8.
the comparison is therefore only qualitative and
restricted to the domain limited downstream by
the trailing edge.

The mass averaged velocity is 15.05 m/s and STATION 6.
the Reynolds number is 275000. There is a 63* 0.148
deviation. The regular mesh is equivalent to the
previous one (21X2IX40) but is of an I-grid type
(Figure 3).

Convergence problems occured during the
sweeps as a transient reverse flow zone was
created in the pressure side corner near the -0 031 x M

stations 6 and 8. The Flare approximation, used 0 It 002 0 21

in this zone, permits the computing to converge
in the current station. Howewer this approach
generates some fluctuations of the local Figure 3
pressure corrrections. These diseappear with
difficultly along the sweeps.

The obtained results, after i5 sweeps, are not yet converged. Despite this fact, there is a good agreement between
the calculated and measured static pressures.

lhe amplitude o1 the pressureisuction sides pressure gradient is slightly overebtihmrted in : L4ion 6 (as a too high "level
exists at the pressure sideXFigure 13).

On the opposite, in station 8 (figure 14), the transverse gradient is properly predicted (slightly
underestimated). Figure 15 presents a comparison of the total pressure isolevels. An excessive loss is seen along the
lateral wall/suction side because of the excessive pressure level at the pressure side and the thus created too high
transversal velocities.

To establish a more thorough comparison for this test case, it seems necessary to modify the actual treatment of the
reverse flows occuring during the sweeps. It is also necessary to use a more refined mesh near the wall.

i i • • m 
n mea m mmrmu l m nm m m a
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7. CONCLUSION

A new method of calculating flows in geometrically complex ducts, typical of turbomachines, has been presented. It

uses an upstream/downstream space marching procedure resulting of the paraoolization of the equations. Different new

aspects of the method are outlined. First of all, the treatment of the longitudinal pressure gradient decentring in

subsonic zones implies calculating the pressure and the velocity in two different stations. The resulting numerical
f6rmulitlon is particularly compact. Secondly, the elliptical pressure effect, already existing because of the

downstream decentring of the longitudinal pressure gradient, is reinforced by calculating the pressure on the boundary

with an Integral equation. This point Is particularly important in order to iredict correctly the viscous wall flows. The

third point is the use of a one dimensional correction always allowing to take into account the global correct

upstream and downstream boundary conditions.

The method has been validated is typical turbomachines ducts. A correct numerical behaviour and a good qualitative

agreement between the numerical and measured results is shown.
Als t seems important to improve the actual treatment of the reverse flow zones appearing during the sweeps.

ciently refined meshes are also found necessary to validate quantitavely the method.
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SUMMARY

The recent understanding and the basic principles of secondary flow development in turbines, such as the formation
of a horseshoe vortex and a passage vortex, are illustrated. This paper contains results of an experimental investigation
of the three-dimensional flow within an annular cascade rig of an inlet guide vane of a low pressure turbine. Flow
calculations with a three-dimensional Euler and a partlally-parabolized Navier-Sto14es code were performed, and the
numerical results are discussed and compared with the experiment. Additionally, the mentioned computer codes were
applied to calculate the three-dimensional flow within two different model configurations designed to expose the
influence and the contribution of different secondary flow phenomena in the endwall region.

LIST OF SYMBOLS

velocity vector z-u flow turning angle, oz-u = tan'l(cz/cq)
H12 boundary layer shape parameter, H12 = 1/S2 z radial flow angle, 1z r = tan- (c r/CZ )
p pressure s, displacement thickness

Re Reynolds number based on chord length and 62 momentum thickness

exit flow density
$S$25 nonorthogonal curvilinear coordinates /.. dynamic viscosity

z,r,lp cylindrical coordinates in axial, radial and vorticity vector

circumferential direction

Subscripts

zrlf vector components in axial, radial and circumferential direction
s secondary
t stagnation
in rig inlet condition

1. INTRODUCTION

Secondary flows in turbines are of significant practical importance because they produce considerable three-
dimensional flow distortions and losses in the endwall regions of turbine blades. 30 - 50% of the total losses are due to
the presence of secondary flows. In order to design blades with reduced secondary losses, a thorough understanding of
the mechanism and the physical effects responsible for the generation and development of secondary flows is required.

During the past decades, many papers have appeared which describe the phenomena associated with secondary
flows in turbomachines, and the structure of secondary flows in turbine blade passages is to date reasonably well
understood. A comprehensive review article illustrating the state of the art on the subject with an extensive list of
references has been published recently by Sleverding /1/. It is the purpose of this paper to investigate which of the
various secondary flow phenomena predominates in the endwall region of turbine blades.

2. SECONDARY FLOW PHENOMENA IN TURBINES

The terminology 'secondary flow' is a loose definition for flow phenomena existing in endwall regions of
turbomachinery blading. What is called secondary flow turns out to be part of a complex three-dimensional flow field In
the endwall regions consisting of a more or less pronounced vortex system caused by different flow phenomena. Although
these effects are present simultaneously and Interfere with each other in typical turbomachinery blading, each of the
dominant effects itself leads to the formation of a

- horseshoe vortex,
- passage vortex, and
- trailing edge vortex.

Additional vortices such as corner vortices or tip clearance vortices may be present in turbines, but will not be
treated in this paper. Except for the tip clearance vortex all secondary flow phenomena are primarily due to viscous
flow effects. Before Illustrating the secondary flow phenomena in turbine cascades in more detail, let us briefly recall
those flow phenomena responsible for the generation and the development of secondary flows.
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A horseshoe vortex is generally formed when an oncoming boundary layer flow hits an obstacle, I.e., a body of
finite thickness. It Is due to the fact that the oncoming boundary layer cannot withstand the pressure gradient In front
of the body and starts to separate upstream of the body. This process Is associated with the formation of a vortex that
rolls up the boundary layer and wraps Itself around the body. Owing to Its particular shape, It Is called horseshoe vortex.
The formation of a horseshoe vortex Is always combined with the generation of a separation line at some distance
upstream of the leading edge and around the body. This line can be easily visualized by surface oil flow techniques and
is then an Indication for the existence of a horseshoe vortex. Hornung & Perry /2/, who established a consistent
vocabulary for the description of three-dimensional 'separated flows,' call the separation line a negative bifurcation
line. In the following, the term 'bifurcation line' will be used, too, Instead of the term 'separation line,' a term which Is
used and meaningful for the description of two-dimensional flow separation, but becomes Inadequate for the description
of phenomena such as reverse flow and vortical motions in three-dimensional flows. The term 'negative bifurcation line'
is more suitable for the description of the above effects because it implies ".it the streamsurfaces on each side of this
line and close to the endwall appear to combine and to form a single streamsurface leaving the wall and wrapping itself.
around the horseshoe vortex as illustrated in Fig. 1. (The obstacle in Fig. 1 Is removed to show more clearly the salient
features of the flow.) The term 'negative' is used because two streamsurfces combine to a single streamsurface.

It is worth mentioning that for such kind of junction flows cases are known for which not a single horseshoe
vortex is observed but a number of vortices, see e.g. Cornish /3/ and Abld & Schmitt /4/. In these cases the number of
negative bifurcation lines increases according to the number of vortices so that these kind of leading edge vortex
systems can be easily detected by surface oil flow techniques. Up to now, the effects are unknown which are reponsible
for the generation of multiple horseshoe vortices. Different types of boundary layer profiles may be one reason. For
turbine blades, however, just one horseshoe vortex is observed in almost all cases.

As mentioned before the formation of a horseshoe vortex is primarily due to the finite thickness of a body.
Therefore, it exists even for very simple blades such as blades of finite thickness but without any flow turning. On the
other hand, the generation of a passage vortex comes about just because of the turning of a flow. In order to illustrate
this effect, consider an Infinitely Min turning cascade with zero Incidence as indicated in Fig. 2. Let the cascade be
straight for simplicity. Except for the endwall regions and the surface of the blades, the flow through the cascade may
be regarded as approximately inviscid. In this core flow region equilibrium exists between the centrifugal and the
pressure force. The pressure in the endwall boundary layers is Imposed by the pressure of the surrounding inviscid core
flow. Owing to the fact that the flow velocity rapidly decreases In the endwalls boundary layer, the centrifugal force of
a fluid element cannot withstand the pressure force unless the radius of curvature of the streamlines In the vicinity of
the endwalls decreases. Therefore, the streamlines close to the endwall are deflected towards the suction surface as
shown in Fig. 2. At the outer edge of the endwall boundary layers this deflection is compensated by a deflection in the
opposite direction due to continuity effects so that two counterrotating vortices are generated in each passage, see
Fig. 3. These vortices are called passage vortices.

Downstream of each blade a vortex sheet leaves the trailing edge. In classical secondary flow theory this
corresponds to the trailing filament and trailing shed vorticity, see e.g. Hawthorne /5/ and Came & Marsh /6/. The
trailing filament vorticity is due to the stretching of the inlet vortex filaments when passing through the cascade. The
trailing shed vorticity is due to the spanwise change of blade circulation which itself Is caused by the spanwise non-
uniformity of the oncoming flow. The vortex filaments of the vortex sheet concentrate further downstream of the
blade to form the so-called trailing edge vortex as illustrated in Fig. 4.

In turbine blade passages, the three above-mentioned secondary flow phenomena, causing individually the
generation of a horseshoe, passage, and trailing edge vortex, exist simultaneously and interact with each other.
Certainly, this is a non-linear interaction process and thus it is impossible to separate the individual effects. In Fig. 5
the secondary flow in the endwall region of a turbine blading is illustrated. The oncoming boundary layer separates in
front of the blade leading edge and a horseshoe vortex as well as a negative bifurcation line are formed. They both wrap
around the front part of each blade. Inside the blade passage they are influenced by the pitchwise pressure gradient
between the suction and pressure sides so that they are shifted towards the suction surface during the passage. The
negative bifurcation line on the endwall, too, is deflected towards the suction surface and usually meets the suction
surface at the axial position of maximum pressure difference between pressure and suction surfaces. It continues on the
suction surface associated with a deflection towards midchannel.

The pressure side leg of the horseshoe vortex, H , has the same sense of rotation as the passage vortex. Both
phenomena act together and seem to merge. As a resdt only one vortex can be identified which has the sense of
rotation of the pressure side leg of the horseshoe vortex and the passage vortex, respectively. The process can be
explained as follows. The vortex starts as the pressure side branch of the horseshoe vortex and is then reinforced by the
passage vortex effect. The suction side leg of the horseshoe vortex, Hs, of the neighboring blade, however, has the
opposite sense of rotation in the blade passage as the passage vortex. Its development is certainly not supported by the
passage vortex effect; on the contrary, it will be attenuated. In addition, it Is shifted close to the suction surface and
may Interact with the boundary layer on the blade. Klein /7/ suggests that it dissipates completely, while Langston
/8/ and Sleverding & Van den Bosche /9/ assume that it is preserved, although actenuated, and wraps itself around the
passage vortex. In case It Is preserved, two counterrotating vortices must be seen in the exit plane of the blade passage
In addition to the trailing edge vortex. The latter is not Included in Fig. 5.

Up to now, it is an open discussion whether the suction side leg of the horseshoe vortex dissipates or is preserved
up to the exit of the passage. Certainly, a general answer will not be possible since this will depend on the particular
flow conditions and the blade geometry. Furthermore, it is unknown to date whether the passage vortex effect
dominates the horseshoe vortex effect or whether both effects contribute in the same order of magnitude to the
generation and development of secondary flows in turbine blade passages. It is the purpose of this paper to discuss the
latter problem.

3. DEVDITION OF SECONDARY FLOW AND SECONDARY VORTICITY

In the literature, a commonly accepted definition of 'secondary flow' is not available. According to Salvage /10/,
'secondary flow in turbomachines may be considered to be any flow the designer chooses to Ignore in solving the basic
equations of fluid motion.' Therefore, the definition of secondary flow is arbitrary and strongly linked with the
definition of a primary flow. Depending on the effects which will be regarded as secondary, the primary flow may be
defined In such a way that the difference between the real three-dimensional flow and the primary flow represents
these secondary flow effects. In order to describe for instance the andwall secondary flow effects outlined above in
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straight cascades, the flow direction at midspan is usually regarded as the primary flow direction and the flow normal
to this direction as secondary. In case of twisted blades or annular cascades, this is no longer valid because the flow
angle varies along the span. For such cases, a comparable definition Is used in this paper to study the secondary flow
effects, which turned out to be practical and yielded good results. The primary flow direction is defined by a quasi
three-dimensional inviscid S1/$2 streamsurface calculation without endwall boundary layers, cf. Chap. 6.2. The flow
perpendicular to this direction is regarded as secondary, consequently the vorticity of the secondary flow, called
secondary vorticity, Is the component of the vorticity vector in the direction of the primary flow. According to the
above definition, the vorticity of the collateral boundary layer on the walls has no contribution to the secondary
vorticity.

4. IDENTIFICATION OF SECONDARY VORTICES

In order to obtain an experimental insight into the secondary flow phenomena in turbines, the flow field behind or
inside the blade passage is traversed at planes of interest with appropriate measurement probes, most commonly with
pressure probes (e.g. 5- or 3-hole pressure probes). As a result the measured flow quantities such as velocity
components, pressure, or flow angles are usually plotted in so-called contour plotsp provided the resolution of the
traverses Is high enough. Binder & Romey /11/ reported a method to identify secondary vortices by means of contour
plots of flow angles. Their theory Is based on the fact that the secondary vortices in turbine passages behave
approximately like a Rankine vortex, namely like a solid body vortex In the central part and a free vortex in the outer
part, as illustrated in Fig. 6. A real vortex is similar to a Rankine vortex with the only difference that It exhibits a
buffer zone between the two regions which smoothes out the discontinuities of the velocity gradients. Binder & Romey
/11/ noticed that the Isoclinal lines of a solid body vortex are parallel lines to the plane in which the flow angle is
measured. The corresponding isoclinal lines of a free vortex are a pair of enclosing circles touching each other at the
center of the vortex.

Analysing experiments and three-dimensional computational results, it turned out that the vortlclty is another
interesting quantity for secondary flow analysis. It is an experimentally observed fact that, at high Reynolds number,
the convection of vorticity dominates the diffusion of vorticity and that the vorticity rapidly concentrates into vortex
cores, see e.g. Perry & Hornung /12/. The typical vorticity distribution of a real vortex is sketched in Fig. 6 and is
characterized by a distinct plateau in the region of the vortex core surrounded by an almost Irrotational region. Using
contour plots of vorticity, the location of secondary vortices can be easily Identified by means of those flow regions
where the vorticity locally exhibits extreme values. The advantage of this method is that only one contour plot is
needed for the localization of vortices, and that the strength of the vortical motion can be estimated by the absolute
values of vorticity. The only drawback of this method is that the vorticity is a quantity which can hardly be measured
directly, but must be determined by calculating velocity gradients. Measarements with sufficient resolution are
required to achieve adequate accuracy.

5. CALCULATION OF VORTICITY COMPONENTS

The vorticity is defined as

(1) n - rot6

For a cylindrical coordinate system the vorticity vector has the following components:

Wr 1 z - V
(2) r aZ .

(3) + - -C-r - --z
az ar

(4) 12.(rC.) -Wz F Z~rr D?

Assuming that the flow field is traversed in circumferential and radial direction at a fixed axial position, the
axial component of the vorticity vector can be calculated by approximating the velocity gradients by finite differences.
A difficulty arises for the other two components because gradients in z-direction are required, see Eq. (2) and (3). in
most cases, however, these gradients cannot be determined directly because the flow field is traversed at one axial
position only. Even if traverses are performed at different axial positions, the distance between the measurement
planes is usually too large to calculate the remaining two vorticity components with sufficient accuracy. Gregory-Smith
et al. /13/ proposed a method for the calculation of the vorLicity components in radial and circumferential direction
that does not require gradients in z-direction. This method, called Euler approximation in the following, will be outlined
here and extended to compressible flows.

Consider the momentum equation of a steady, compressible, viscous flow in dimensionless form, see e.g.
Lagerstrom /14/:

s[ grad- (rotI)x f + gradp(5)
I Di I(pde -) - 2grad (pdlv-e)J

Assuming high Reynolds number flow (Re--*o), the right hand side of Eq. (5) Is negligibly small, i.e. the viscous
terms are small compared to the other terms and the above equation reduces to

(6) S[gad . (rot')x' +radp] . .

Using the definition of vorticity, cf. Eq. (1), Eq. (6) can be rewritten as

(7) ExZ. ss 2

8N m I iimIlm I li i l = i I l lI I



5-4

For Incompressible flow this equation degenerates to

(8) T xZ3 agrad( . ,2 grad ?Py,

an equation which Is used In the derivation of Gregory-Smith et al. /13/. Taking the components In radial and
circumferential direction of Eq. (7), we obtain:

c , )° , ' j .[ R E
(9) QP C r. o%

S(10) Cr 1

With these two equations the components of the vorticity vector in radial end circumferential direction can be
calculated. In contrast to the vorticity definition of Eqs. (2) and (3), gradients in axial direction are not required
anymrre so that the complete vorticity vector can be determined even in cases where the flow field Is traversed at one
axial position only. It has to be mentioned that Eqs. (9) and (10) have a singularity at c = 0, i.e., in flow regions where
c tends to zero (e.g. boundary layers very close to the wall). In those regions they ire not applicable and no longer
vilid. The only assumption, however, used in this derivation Is that the Reynolds number tends to infinity. For the flow
regions of Interest, this assumption turned out to be approximately valid, and the method produced good results, as
shown later on.

6. COMPUTATIONAL I.VETHOOS

6.1 TIE THREE-DIENSIONAL ELER-CODE

All Euler calculations were made with an explicit time marching finite volume method to solve the three-
dimensional Euler equations. The time integration consists of the so-called 'Damping Surface Technique', see Happel &
Stubert /15/, and is first order accurate. A second order central nodal point scheme is used for spatial discretization. At
the nonperiodic boundaries the equations are discretized using half-elements, resulting In first order accuracy.
Depending on the geometry of the problem two types of grids can be generated. In the case of blunt body configurations
a C-type grid is preferred, but for many turbomachinery cascades a H-grid seems to be sufficient If the leading edge
region of the grid is not highly skewed.

The explicit one-step Euler calculations for a central discretization is unconditionally unstable. Therefore, the
solution process must be stabilized by additional dissipative terms in the equations. The stabilization is accomplished by
a periodic addition and reduction of so-called artificial viscosity which can be adjusted by a special damping parameter.
Numerical studies have shown that this artificial viscosity has a strong Influence on the vorticity distribution In the
flow field. Since this paper is mainly concerned with secondary flow phenomena a minimum of artificial damping was
used for the calculations although this produces some wiggles In the solution.

In all cases aerodynamic inlet boundary conditions are prescribed by radial distributions of circumferentially
constant values, namely stagnation pressure, stagnation temperature and flow angles In radial and circumferential
direction. In fact, the vorticity of the oncoming boundary layers Is simulated by the total pressure distribution. Hence
the task of a three-dimensional Euler calculation is to distribute this oncoming vorticity throughout the flow field
without any production or reduction of global vorticity. The mtss flow rate is obtained as a calculation result by the
static pressure distribution at the outlet boundary. Therefore, at the midspan of the outlet boundary the pressure is
fixed, and the radial equilibrium is computed every time step depending on the actual solution. In order to save
computer time a grid refinement procedure Is used. First, an initial solution Is calculated on a coarse grid. The final
solution Is subsequently obtained by interpolation and calculation on successively finer grids. Generally, three grid
levels are used for a complete calculation.

6.2 THE THREE-DIMENSIONAL PARTIALLY-PARABOLIZED NAVIER-STOKES CODE

In order to calculate the three-dimensional viscous (turbulent) flow through the turbomachinery cascades
described above, a three-dimnnsional partially-parabolzed Navier-Stokes code has been used that solves the Reynolds-
averaged equations numerically with a space-marching pressure-correction method, see LOcking /16/. The differential
equations of motion, energy, and possibly turbulence quantities are partially parabolized neglecting the diffusion Into a
previously defifod main flow direction, i.e., derivatives with respect to this direction are cancelled in the diffusion
terms. This implies that reverse flow r' ould not occur in this special direction, and that separation areas can be treated
only to a small extent and with approximations. Due to their paraholization *he equations can be integrated space
marching, i.e., the solution proceeds through the cascade or duct along the mean flow direction.

The other condition for the space marching solution is the knowledge of a pressure field. It is approximately
p---ecr!bed ee good e- p-e-b-e end to cur -. rnt the cae!Jto-, 5atisfying continuity is the measure for necengerychanges to the pressure. The pressure corrections are performed in three steps - two of them during the marching
solution to satisfy global and local continuity, and the third three-dimensionally after each sweep through the domain to
obtain the elliptic coherence of the (subsonic) flow field. The partially-parabolic calculation is finished when the
pressure corrections have become small after several passes through the channel.

As preparation for the partially-parabolic solution through a cascade a quasi-three-dimensional inviscid
streasurface calculation is performed. It consists of an iterative coupling of one mean hub-to-tip streamsurface and
several blade-to-blade surfaces. The flow is twn-dimensional along the surfaces. On each of them it is calculated by a
finite difference method using the stream function, see L(cking & Gallus /17/. The quasi-three-dimensional calculation
gives the solution domain for the partially-parabolic marching and transforms it into a numerical space using he
streamlines as coordinate lines nt the nyin flow direction S and the intersections of the stream surfaces and S =
const. as secondary coordinates S and S . The inviscld spatial pressure- and density-distribution Is an ideal starting
field for the calculation of the viscous flow. In many cases one single marching sweep is sufficient for practical
purposes on the basis of a quasi-three-dimensional solution.
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The basic equations for steady relative flow are developed for the noryorthogonal curvilinear coorlinate system
npntioned above. The equation-of motion is multiplied by unit vectors in the S -direction, and normal to S = const. and
S = const;, respectively, to solve for the covariant velocity component in the primary flow direction and the
contravarlant components In the secondary flowdirections.Parbolizaton and further simplifications are performed on
the viscous terms. The viscosity of the fluid Is either laminar or extended by turbulent eddy viscosity evaluated from a
turbulence model. The equations are discretized with finite differences using central approximation for the diffusion
terms and upwind approximation for the convection terms. Linearization and introd.uctlon of the boundary conditions
leads to an algebraic system of equations for the flow values of the grid points on a S = const. surface. The continuity
Is checked at the finite volumes formed by the mesh lines or coordinate lines. Necessary corrective fluxes are
introduced by a modification of the velocity field induced by a correction of the pressure. A simplified equation of
motion couples the velocity and pressure corrections.

7. EXPERIMENTAL INVESTIGATION OF AN INLET GUIDE VANE OF A LOW PRESSLRE TURBINE

7.1 EXPERIMENTAL APPARATUS

The experiments described In this report were conducted at the high-altitude test facility of the university of
Stuttgart. The Inlet guide vane of a low pressure turbine was investigated in an annular cascade rig simulating the
annular duct of a commercial jet engine. The annulus diverges in the range of the guide vane, see Fig. 7. The correct
inlet swirl Is established by preswirl vanes placed sufficiently far upstream of the guide vanes, such that the wakes have
the chance to mix out. The blade profiles at hub and tip are shown in Fig. 8.

As Indicated in Fig. 7 the flow field was traversed at 3 different axial positions, namely two upstream and one
downstream of the guide vane. At these positions, area traverses were performed with five-hole pressure probes (probe
head diameter 3.0 mm) mounted in radial traversing devices. Circumferential traverses were obtained by rotating those
parts of the casing carrying the radial traversing devices. The resolution of the traverses was 28 points in
circumferential direction covering 2.8 pitches of the preswirl vane in the inlet plane and 2.2 pitches of the guide vane in
the exit plane. The radial trav,,rses consisted of 16 points in the Inlet plane and 19 points in the exit plane with an
increased resolution In the endwall regions in each case. Besides the traverses, the static pressure distribution on the
blade surface was measured on three quasi-streamlines (hub, mean, tip), and the flow was visualized by oil-and-dye
injection on the blade surface as well as on hub and casing.

7.2 INLET CONDITIONS OF TIE 13UIXE VANE

The inlet conditions of the inl't guide vane were measured with five-hole pressure probes upstream of the leading
edge (M.P. 2, cf. Fig. 7). In Fig. 9 a contour plot and the radial distribution of the measured total pressure related to the
total pressure at the inlet of the test rig as well as the radial distribution of the Mach number are shown. The contour
plot illustrates that the wakes and secondary vortices of the preswirl vanes are completely mixed out. The flow in
circumferential direction Is almost uniform, for all quantities the range of variation is less than 0.7% of the pitchwise
averaged values. The boundary layers, both at the hub and the casing, are relatively thick and amount to 20% of the
duct height in each case. The boundary layers are laminar according to the shape parameter H1 2. At the hub the shape
parameter was calculated as H12 = 2.7 end at the casing as H 12 = 2.2.

7.3 EXPERIMENTAL RESULTS

The topology of the streamline pattern on the blade surface as well as on hub and casing visualized by oil-and-dye
injection reveals that the endwall flow region of the Inlet guide vane matches well with the secondary flow model
outlined in Chap. 2, see Fig. 10. Both on hub and casing a negative bifurcation line is clearly visible in front of the
leading edge of each blade indicating the generation and presence of a horseshoe vortex. Owing to the fact that only
one negative bifurcation line is visible, just a single horseshoe vortex is formed in front of this turbine blade. Inside the
blade passage the bifurcation line and other limiting streamlines on the endwall are strongly deflected towards the
suction surface by the pitchwise pressure gradient. Behind the location, where the suction side branch of the bifurcation
line and the bifurcation line of the neighborina blade meet the suction surface, these lines proceed on the suction
surface with a deflection towards midchannel. They are ending in a separation bubble sitting in the rear part of suction
surface. However, the deflection of the limiting streamlines towards midchannel behind the separation bubble continues
to exist and is apparent on the photographs of the flow visualization. The flow in the endwall of the casing looks
qualitatively similar to the one in the hub region. However, the distance between the negative bifurcation line and the
leading edge is larger and the deflection of streamlines towards midchannel on the rear part of the suction surface of
the blade is stronger, indicating a more intensive vortical motion.

This is also confirmed by the five-hole pressure probe measurements in the exit plane. In Fig. 11 the distributions
of various flow quantities are 3hown in form of contour plots. The flow field behind different blades looks almost
identical, indicating a good periodicity and an uniform inlet flow. Applying the earlier mentioned isoclinal method of
Binder & Romey /11/, the location of the secondary vortices could be clearly identified by means of the flow angles
o and o4. . The center of each vortex Is marked in Fig. 11. The distribution of the secondary vorticity calculated
acCording to'1ap. 5 is shown in Fig. 11, too. It is clearly visible that those regions where the secondary vorticity
exhibits a plateau of extreme values, coincide with the location of the secondary vortices identified by the Isoclinal
method. The sense of rotation Is apparent by the sign of the vorticity and Is in aoreement with the loelilnal method.
Both in the endwall region of hub and casirg-j, a pair of counterrotating vortices is visible behind each blade. The
vortices indicated by I have the sense of rotsJo of the passage vortex and pressure side leg of the horseshoe vortex,
respectively. It is probably composed of both. The remaining vortices (II) have the opposite sense of rotation and are
located in the wake of each blade. A suction side leg of the horeshoe vortex could not be identifiad explicitly at the hub
or at the cusing. It is either dissipated during the passage or its vorticity is redistributed during the passage. The sense
of rotation coincides with vortex II so that vortex II is likely to consist partly of tm trailing edge vortex and partly of
the suction side leg of the horseshoe vortex. In classical secondary flow theory, the streamwise vorticity of the passage
vortex, called distributed vorticity according to Hawthorne /5/, Is assumed to be uniform in pitchwise direction at the
exit of the passage. However, the distribution of the measured vorticity at the exit of the guide vane clearly shows
that this Is not the case. On the contrary, the vorticity accumulates and is concentrated in the center of vortex I.
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Although the Inlet boundary layer thickness at hub and casing Is almost Identical, cf. Fig. 9, and the flow turning
Is slightly lower, at the casing, It- is apparent, that the secondary flow field at -the casing Is significantly stronger
compared to the hub. The local extension of the secondary field Is larger combined with higher loss In total pressure and
stronger secondary vortices. The latter can be-seen clearly by the higher density of the almost parallel lsoclines In the
center of the vortices., The change of the Sadial flow angle oa, across the secondary vortices at the casing, for

* Instance, reaches values of approximately 40 compared- to 200 aihe hub. These significant differences between hub
and casing are not completely understood. One reason may be the lower Inlet total pressure at the casing.

It is Interesting to note that the region of highest total pressure loss in the endwall flow region of the casing does
not coincide with the location of the secondary vortices, but lies somewhere between passage and trailing edge vortex,
see Fig. 11a. Obviously, this low momentum fluid Is the Inlet boundary layer material convected and accumulated by the'
vortical motion inside the blade passage. The hub endwall flow region, however, looks slightly different. It exhibits at
least a loss region at the center of the trailing edge vortex. The passage vortex is very close to the endwall and could
not be resolved completely by the five-hole pressure probe measurements.

8. NUMERICAL INVESTIGATION OF AN INLET GUIDE VANE OF A LOW PRESSURE TURBINE

The above mentioned three-dimensional calculation methods, namely the Euler and the Navier-Stokes code, were
applied to the inlet guide vane described in Chap. 7 using the measured inlet conditions. During the calculations it
turned out that the Inlet conditions, especially the boundary layer profiles, have a strong influence on the solution and
need to be carefully simulated in order to obtain good agreement with the experiment.

Results of the three-dimensional Euler flow calculation are presented In Fig. 12 In fotm of contour plots of
various flow quantities In the exit plane of the guide vane (M.P. 3). The secondary vortices can be easily identified by
means of the Isoclinal method and the distribution of the secondary vorticity. As before, both methods yielded identical
locations of the vortices. A comparison with the experimental results shows that the calculated flow field in the exit
plane looks qualitatively very similar. Both, In the endwall region of hub and casing a pair of counterrotating vortices is
present and the positions of the vortex centers are almost identical to the experiment. Vortex I was tracked upstream
and was clearly found to originate from the trailing edge as assumed.

In the endwall region of the casing, the change of the two flow angles across the vortex centers compares well
with the experiment. The vorticity of the secondary vortices, however, turns out to be slightly lower, but has a
comparable distribution and Is located at almost Identical positions. In the hub endwall region the vortical motion of the
secondary flow is predicted too weak by the Euler calculation according to the distributions of flow angles and
vorticity. This may be due to the lower extension of the secondary flow field resulting in a decreased resolution of the
numerical mesh.

In Fig. 12a the distribution of the total pressure is presented in the exit plane. Note that this is not the total
pressure loss due to the artificial damping of the Euler solution, but the low momentum material of the inlet boundary
layers. Similar to the experiment It is convected and accumulated by the vortical motion of the secondary flow. The
regions with lowest total pressure are located between vortex I and II. The numerical total pressure loss is much lower
than that and turns out to be In the order of magnitude of about one percent of the total pressure at the rig inlet Ptin as
can be seen by means of the 'wake' downstream of each blade.

According to the contour plots in the exit plane, a suction side leg of the horseshoe vortex is not present. A
three-dimensional calculation of streemlines even revealed that the generation of a horseshoe vortex could not be
simulated in this case. This becomes apparent by the calculated wall streamline pattern on hub and casing, which does
not exhibit any negative bifurcation line in front of the leading edge, see Fig. 13 a and b. This line Is finally formed
downstream of the leading edge, i.e., inside the blade passage. The H-type grid used is obviously too coarse to resolve
the leading edge region sufficiently in order to enable the Euler code to simulate of a horseshoe vortex. The number of
mesh points is at the limit of the computer capacity so that a further refinement is not possible. Nevertheless, the wall
streamlines on the suction surface look qualitatively very similar to the oil flow visualization, cf. Fig. 10, although no
horseshoe vortex is present in the calculation. Certainly, the separation bubble cannot be simulated by the Euler code,
but the deflection of streamlines on the rear part of the suction surface towards midchannel agrees fairly well with the
experiment. Even the stronger deflection at the casing is simulated correctly. However, both at hub and casing the
calculation predicts slightly lower deflections confirming the results In the exit plane that the secondary vortices are a
little stronger In the experiment. Another reason for the slight difference may be that the boundary layers on the blade
are not simulated by the Euler calculation.

Owing to the fact that the Euler calculation is inviscid and did not even simulate the horseshoe vortex, the
agreement between computational and experimental results is surprisingly good. Except for the small numerical total
pressure losses, the Euler code is an inviscid flow calculation, which just simulates the convection process of the
vorticity at the inlet during the passage of the guide vane. Diffusion and total pressure losses because of viscous effects
are not present in the calculation. Obviously the three-dimensional flow field, at least in this inlet guide vane, primarily
depends on the Inlet boundary layers which obviously dominate the viscous effects inside the blade passage. Although
the existence of the Inlet boundary layers Is caused by viscous effects, the generation and development of the passage
vortex is mainly an inviscid process. Therefore, Inviscid calculation methods are a valuable tool to calculate secondary
flows and yield qood results. Since no horseshoe vortex Is present in the flnw nalculxtinn, vnrtpx I nnd IT nre ldentical
with the passage vortex and the trailing edge vortex, respectively. Because the difference between numerical solution
and experimental data is small, It can be concluded that also the vortices I and II present in the experiment, see Fig. 11,
are primarily composed of the passage vortex and trailing edge vortex, respectively. This means that the secondary flow
in the exit plane is controlled by the passage vortex, and the horseshoe vortex seems to be of minor importance.
Otherwise the good agreement between computational and experimental data cannot be explained. Numerical
simulations In two model configurations confirming this conclusion will be presented in the next chapter.

Additional flow calculations were performed with the parabolized Navier-Stokes code. It is a viscous flow
calculation and Is able to simulate the boundary layers on the endwalls as well as on the blades. Separated flow regions
or regions with reverse flow, however, have to be approximated owing to the parabolization of the Navier-Stokes
equations. Therefore, It Is expected that the horseshoe vortex in front of the leading edge is not simulated completely
by this method. Since not only the boundary layers at the inlet are laminar but also the boundary layers over the
dominant part of the blade surface, a laminar Navier-Stokes flow calculation was regarded best fitted for this guide
vane.



Some of the results in the exit plane of the guide vane are presented in Fig. 14. The distribution of the total
pressure reveals that the total pressure loss in the wakes and secondary flow regions Is predicted too high by the
calculation. This is partly due to laminar separation on the suction surface of the blade. In reality the laminar
separation Is followed by a transition and turbulent reattachment, a process which cannot be simulated with the Navler-
Stokes code. An additional separation, which Is obviously not present In the experiment, occurs at the casing
downstream of the blades and is due to the diverging annulus. These separated flow regions no longer appear when a
turbulent Navier-Stokes calculation is performed. The mixing length turbulence model used, however, was not
appropriate for this kind of flow. The solution appeared to be too viscous associated with a weak vertical motion In the
endwall regions.

According to the distribution of the flow angles and the secondary vorticity of Fig. 14, the calculated flow field
again looks at least qualitatively very similar to the experiment. It needs to be mentioned that the range of the
vorticity in Fig. 14 b was limited in order to enhance the presentation of the secondary flow phenomena. The wakes and
the flow region close to the casing exhibit large portions of vorticity outside the selected range due to the mentioned
laminar flow separation. The location of the vortices II Is almost Identical to the experiment, and the vortices are of
approximately equal magnitude. The vortex I at the casing appears to be too close to the endwall. But, similar to the
Euler calculation, a pair of vortices is observed In the endwall regions behind each blade. Again, a horseshoe vortex Is
not visible explicitly, either in the contour plots of the exit plane or in the calculated streamline pattern on hub and
casing. As before, the pattern does not exhibit any negative bifurcation in front of the leading edge, which confirms
that no horseshoe vortex is present. A plot of the streamline pattern is not presented here because it is almost identical
to the Euler solution. Nevertheless, the Navier-Stokes solution compares well with the experiment. This confirms again
the conclusion that the passage vortex is the dominant secondary flow phenomenon in the endwall region. The horseshoe
vortex appears to be of minor importance.

In Fig. 15 the radial distribution of the pitchwise mass-averaged flow angle of the two numerical results is
compared to the flcw angle obtained from experimental data. It can be clearly seen that the predicted flow angle
outside the secondary flow regions is predicted too low by the Euler code and too high by the Navier-Stokes code. This
can be explained as follows. The Euler code does not simulate the boundary layers on the blades resulting in an
increased throat area. The Navier-Stokes code, on the contrary, calculates laminar separation and accordingly thick
boundary layers, which results In a decreased throat aea. The measured distribution lies between the two numerical
solutions. In each case the difference is less than 2 compared to the experiment. The radial distributions of the
numerical results took qualitatively similar to the experiment and the regions of underturning and overturning caused by
the secondary flow are located at almost identical radial positions. Except for the Euler result, which predicts the
underturning in the hub region almost correctly, the magnitude of underturning and overturning, however, is generally
smaller compared to the experiment. This is certainly caused by the weaker secondary vortices of the computational
results, already observed by means of the contour plots.,

9. MJMERICAL INVESTIGATION OF BASIC SECONDARY FLOW PHENOMENA IN TWO MODEL CONFIGURATIONS

In the previous chapter it was concluded that the horseshoe vortex plays a minor role in the secondary flow
regions at the endwall. The passage vortex appeared to be the dominant effect In the exit plane of the guide vane. In
order to confirm this conclusion, the flow in two model configurations was studied numerically. Two model turbine
cas.ades in an axisymmetric duct were designed with identical inlet conditions, number of blades, flow turning, and
inlet boundary layers. One blade, denoted case A, has an infinitely small thickness while the other, case B, has a
thickness distribution. The maximum thickness is rather large for a typical low pressure turbine blade nowadays, but has
bean chosen to enhance the effects. Both blades have no incidence to the oncoming flow so that in case A practically no
horseshoe vortex is formed in front of the leading edge. Therefore the secondary flow region consists of a passage
vortex only. On the contrary, the blade of finite thickness, case B, will lead to the generation of a horseshoe vortex and
simultaneously a passage vortex. A comparison of both flow fields will exhibit the influence and importance of the
horseshoe vortex.

The profiles of the two different blades are presented in Fig. 16 and do not vary along the span. For the three-
dimensional flow calculations, an inlet boundary layer was prescribed at the hub only in order to achieve a high
numerical resolution of the secondary flow region. The boundary layer thickness amounts to 25% of the blade height.
The total pressure and temperature of the free stream are 1.0 bar and 300 K, respectively. The mass flow amounts to
58.1 kg/s. The flow turning of the blades is relatively small for the following reason. Owing to the experience with the
three-dimensional flow calculations applied to the inlet guide vane, a C-type grid was regarded best fitted for the Euler
flow calculations in case B in order to resolve the horseshoe vortex in front of the blade properly. It was necessary to
restrict the flow turning to relatively small values to avoid highly skewed and distorted grids in the exit region of the
blade. In case A again a H-type grid was used.

Both the Euier and the Navier-Stokes code were applied to case A and contour plots of secondary vorticity of
both solutions are presented In Fig. 17. The Navier-Stokes code performs a viscous fluw calculation and has no provision
to suppress the boundary layer on the casing competely. In order to keep its influence as small as possible, the
calculation started with a new boundary layer at the first mesh line. The boundary layer at the hub was defined by the
radial total pressure distribution and is identical for the Euler and Navier-Stokes calculation. Comparing the secondary
flow region at the hub reveals that both methods yield almost identical solutions in the exit plane, as can be seen from
the distribution of secondary vorticity. There are two prominent vorticity plateaus belonging to the passage vortex (I)
and to the trailing edqe vortex (11). The location of these vortices is almost identical for both codes. However. the
maximum vorticity of the passage vortex is slightly lower for the Navier-Stokes calculation and may be caused by
viscous effects. Additionally, the Navier-Stokes code predicts the presence of a small corner vortex (IV) underneath the
passage vortex, a vortex which is not present in the inviscid flow solution.

A result of the Euler solution inside the blade passage of case B Is shown in Fig. 18. Clearly the secondary
vorticity exhibits two plateaus of opposite sign, one representing the suction side leg of the horseshoe vortex and the
other the passage vortex and pressure side leg of the horseshoe vortex, respectively. Although the size of vortex I is
already much larger at this axial position, it definitely dominates the flow field In the exit plane of the cascade, see
Fig. 19. Only a small portion of vorticity with an opposite sense of rotation to vortex I Is present. Vortex I is shifted a
little less towards the suction surface compared to case A and sits closer to the endwall. Also the vorticity is slightly
lower, indicating a reduced vortex strength. This is further confirmed by the streamlines on the endwall which are
deflected less towards the suction surface in case B. Obviously, the suction side leg of the horseshoe vortex in cascade
8 requires a part of the inlet boundary layer which in turn is not available to vortex I and causes its reduced strength. It
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was noticed that close to the exit of the passage the vorticity of the suction side leg of the horseshoe vortex is
redistributed and appears to be contained in the trailing edge vortex. A look at pitchwise averaged quantities shows that
the difference in the exit plane of case A and B is small. The radial distribution of the pitchwise mass-averaged flow
angle oa is presented in Fig. 20. Because of the weaker vortex I the amount of underturnIng and overturning is
slightly 'Wrer in case B. However, the difference between both cases is less than I . These results clearly demonstrate
that for these relatively low turning cascades the passage vortex is the dominant secondary flow phenomenon In the exit
plane. In real turbine blades the flow turning is usually higher so that the influence of the passage vortex increases
further. A Navier-Stokes calculation was performed for case B, too, but it turned out that the generation of a horseshoe
vortex could not be simulated adequately.

In Chap. 5 a method (Euler approximation) was outlined which allows the calculation of all vorticity components
even in cases where the flow field is traversed at one axial position only. The Navier-Stokes solution of case A was used
to estimate the accuracy and the potential of the procedure. In Fig. 17 the secondary vorticity was shown calculated
according to the definition of the vorticity, seo eq. (2) to (4), i.e., using velocity gradients in the radial, circumferential,
and axial directions. Application of the proposed method yields the distribution of Fig. 21. In this case all vorticity
components are calculated by velocity gradients in the radial and circumferential directions only. Gradients in the axial
direction are not required. It can be clearly seen that the difference between Fig. 17 and 21 is negligibly small, except
for the regions very close to the wall, i.e., in regions where the method does not hold as mentioned in Chap. 5. However,
the method offers excellent results in the main part of the flow and even in the secondary flow regions.

10. CONCLUDING REMARKS

The generation and development of secondary flows in turbine cascades was investigated experimentally and
numerically. The investigations revealed that in the endwall region of turbine blades the passage vortex effect is the
dominant secondary flow phenomenon and dictates the flow in the exit plane. The horseshoe vortex turned out to play a
minor role.

Furthermore, it was found that although the existence of the inlet boundary layers are caused by viscous effects,
the rolling up process of the oncoming boundary layer material and the formation of secondary vortices is primarily an
inviscid phenomenon. Inviscid flow calculations with an Euler code simulated well the convection of the vorticity
contained in the inlet boundary layers. The numerical solution in the exit plane of the turbine cascade did not differ
much from the experimental result. Certainly, the Euler code was not able to calculate the losses associated with the
secondary flows.

The three-dimensional computational methods, namely the Euler and the partially-parabolized Navier-Stokes
methods, are able to simulate the dominant secondary flow phenomena in typical turbine cascades at least qualitatively
and are a valuable tool in the design process of blades with reduced secondary losses.
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Fig. 9 Inlet conditions of the guide vane in M.P.2 (cf. Fig. 7)

Fig, 10 Oil flow visualization in the hub region of the inlet guide vane
a) front view, b) side view (suction surface)
(notation: L.E. leading edge, T.E. trailing edge, S.L. separation line,
1.L.. intersection line of blade and platform, S.B. separation bubble)
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DISCUSSION

Langston, USA

You state that there is IQ horseshoe vortex in Case A. Did you actually
see this to be the case by looking at the results within the passage? As
an experimentalist, I would expect to see a horseshoe vortex in case A.
For example, See Fig 29 of Herzig, Hansend & Castello, NACA report 1163
(1953). They show a cascade of very thin (sheet metal) airfoils a zero
angle of attack (zero incidence), very similar to your case A. Their
smoke-flow visualization clearly shows (Widence of a horseshoe vortex. We
tried to point out in an earlier paper that the formation of the
horseshoe vortex does not depend on the airfoil leading edge radius, but
on the axial chord and angle of attac 2?f the airfoil. Please also see
our comments on a paper by John Moore at VPI on the effect of leading
edge radius. One other comment concerns the "separate classification" of
the passage vortex and the pressure side vortex. They are
one-in-the-same. One becomes the other.

(1) Langston, Nice & Hopper, 1977 ASME Journal of Engineering for Power

(2) Moore & Ransmayr, 1984 ASME Part I

Author's Reply:

Thank you for your interesting comments. First of all, let me point out
that I did not say that n2 horseshoe vortex is present for cascade A
rather than practically no horseshoe vortex. I do agree with you that in
reality (experimentally) of course a horseshoe vortex will be generated in
front of the l.e. even if the cascade is composed of very thin blades,
because the flow field in the l.e. region will exhibit a stagnation point.
It's the associated pressure field which will be responsible for the
generation of the horseshoe vortex. The numerical investigation of case A
is somewhat different because this cascade consists truly of blades with
X= thickness. Because of the inviscid treatment of the flow and the
zero incidence, there is no stagnation point in front of the l.e.
Possibly, a horseshoe vortex may be generated due to the pressure field
caused by the blade loading. In our opinion however, for case A, its
strength will be negligibly weak in relationship to the turning of the
"shear flow" (passage vortex) and therefore assumed to be of no practical
significance. Consequently, we regard the comparison of the flow fields
within the two cascades to be meaningful to estimate the contribution of
the horseshoe vortex and passage vortex to the secondary flow development
in a typical turbine blading, at least qualitatively. Concerning the
numerical Euler solution in case A. I was actually saying that no
horseshoe vortex is present. This is based on the fact that no suction
side leg of the horseshoe vortex was found by analyzing the flow field
inside the blade passage (distribution of the various flow quantities in
planes at different axial positions, streamlines, etc.). Concerning your
last comment on "separate classification" of the passage vortex and the
pressure side leg of the horseshoe vortex, I do absolutely agree with you.
That is exactly what I wanted to point out during my presentation.
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Cambier, France

What are the mesh topology you have used and the number of mesh points,

for the Euler and for the Navier-Stokes calculation?

Author's Reply:
rid

Axial Radial Circumferential

IGU Euler .ype 73 37 17

IGU Navier-Stokes H-type 51 52 26

Cascade A Euler H-type 73 29 23

Cascade B Euler C-type 1131 29 252

1 grid points around the blade

2 grid points in normal direction

Harvey, UK

How many grid points (for the 3D calculations) were within the inlet
boundary layers? Also what was the height of the first grid points from
the endwalls?

Author's Reply:

In case of the IGV about ten grid points were used in the boundary layers
for the Euler calculations and about 20 for the Navier-Stokes
calculations. The first grid point had a distance of 1% of the duct
height for the Euler and 0.1% for the Navier-Stokes calculations. The
numerical resolution of the inlet boundary of cascade A and B was
increased for the Euler calculation and consisted of 20 grid points
associated with a decreased distance of less than 1% for the first grid
point from the side wall.
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SECONDARY FLOWS AND REYNOLDS STRESS DISTRIBUTIONS

DOWNSTREAM OF A TURBINE CASCADE AT DIFFERENT EXPANSION RATIOS

Antonio Perdichizzi Marina Ubaldi Pietro Zunino

Dipartimento di Meccanica Dipartimento di Ingegneria Eneryetica
Universiti di Brescia Universiti di Genova

Atia Valotti 9, 25060 Brescia (Italy) Via Montallegro 1, 16145 Genova (Italy)

SUMMARY

This paper presents the results of an experimental investigation on secondary flows
and turbulence in a plane located 30 per cent of an axial chord downstream of a turbine
cascade. Mean velocity field, energy loss and Reynolds stress distributions have been
measured with pressure and hot wire probes at different expansion ratios for three
isentropic outlet Mach numbers M2is = 0.3, 0.5, 0.7.

High levels of turbulence kinetic energy are found in the passage-shed vortex
interaction region and in the corner vortex, while lower values are present in the wake.
The turbulent shear stress distributions, analysed in details, are consistent with the
mean strain field. As the Mach number increases, the turbulence kinetic energy level is
significantly reduced. The 0 and W shear stresses show a similar trend, while the uw
component remains of the same magnitude, revealing different contributions to the
dissipation rate.

NOMENCLATURE

aw wire overheating parameter
B blade axial chord
C blade chord
H blade height
H12  boundary layer shape factor
M Mach number
n,s,z flow coordinate system, s direction of the undisturbed flow at midspan,

n normal, z spanwise direction
p pressure
q turbulence kinetic energy coefficient
Re 0 1  Reynolds number based on the upstream boundary layer momentum thickness

Res = UI6I/V 1

Re 2is outlet isentropic Reynolds number based on the chord Re21 s = 2isC/2
S pitch
T temperature
Tu turbulence intensity
U, u mean and fluctuating streamwise velocity components
U1  upstream freestream velocity
Uis downstream isentropic velocity
U local mean velocity U*= /U2+ V 2+ W 2

V, v mean and fluctuating transverse velocity components
W, w mean and fluctuating spanwise velocity components
X, Y, Z cascade coordinate system (figure 2)
0 flow angle with axial direction

blade angle with axial direction
y stagger angle with axial direction

energy ioss coefticlent
e boundary layer momentum thickness
V laminar kinematic viscosity
VT turbulent kinematic viscosity

Subscripts

e freestream
is isentropic condition
MS midspan
s static
t total

..
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1 upstream of the cascade
2 downstream of the cascade

Overbars

- time averaged

1. INTRODUCTION

The extensive flow investigations, performed during the last decade in large scale
low speed turbine cascades (1-6], have provided detailed descriptions of secondary flow
development and loss distributions and have suggested the guideline for understanding
the physical aspects of the phenomenon.

Recently some results on turbulence and Reynolds stress distributions within and
downstream of large scale cascades have become available (7-10]. These experimental
investigations have clearly shown how turbulence and velocity fields are deeply
related, giving further elements for a more thorough comprehension of the secondary flow
process and the associated loss production mechanism. Moore et al. [73 identified the
work of deformation of the mean motion operated by the Reyrolds stress tensor as the
main cause of the secondary loss generation.

Due to various experimental difficulties, at present, very few data concerning
secondary flows in high subsonic and transonic cascades are available (11-14).

Some results about Mach number influence on vortex configuration, secondary loss
production and vorticity distribution dowalstrean, of a turbine cascade are provided in
[14]. Differences in the flow structure and in the loss generation process were observed
even in the range of subsonic compressible flows. For the same cascade an experimental
research program is now in progress with the aim of providing detailed results on
turbulence and Reynolds stress tensor for expansion ratios ranging from incompressible
to high subsonic flows.

The difficilties in obtaining good quality data on Reynolds stress distribution in
high velocity tridimensional flows are well known. A large amount of effort was
therefore spent to develop and verify the hot wire analysis method, to set up the
instrumentation and to automatize all the measurement operations and the data
acquisition procedure in order to reduce the large air consumption required for detailed
field measurements at high Mach numbers.

The paper presents some first results obtained in a plane located at 30 per cent of
an axial chord downstream of the blade trailing edge for three expansion ratios
corresponding to M2 is = 0.3, 0.5, 0.7.

2. EXPERIMENTAL PROCEDURE

2.1 Experimental apparatus

The investigation was carried out in the transonic cascade test facility of the
C.N.P.M. (Centro Nazionale di Propulsione, Milano). It is a blowdown type wind tunnel,
fed with compressed air stored in high pressure tanks (200 bar). The tunnel is described
in detail in [13]. An air storage capacity of 3100 kg allows for continuous operation
for more than 200 s at the maximum flow rate of 12 kg/s. The air is accurately filtered

ROTATING DISK

PROBE AZX1KUtRAL ROTATIONJ

STEPPING H OTOR

AIJPSTEHtinVERSE

0

SPANISI TRAVERSING

ENCODERSTEPPYNG MOTOR

Fig. 1 Probe traversing mechanisms
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Table 1 : Cascade geometry

Chord length C = 47.7 mm
Pitch to chord ratio S/C = 0.63
Aspect ratio H/C = 1.05
Inlet blade angle = 2.6 deg
Outlet blade angle = 66.0 deg
Stagger angle y = 45.2 deg
Number of blades N = 12

m e a ur n p la n s

Fig. 2 Cascade geometry

to prevent dirt from depositing on cascade and probes. Ten-micrometer pore sintered
metal filters were recently installed in the settling chamber just for hot wire
measurements.

The test section is 400 mm wide and 50 mm high. It allows installation of a
relatively large number of blades (twelve in this case). Blades are mounted on a
large rotating disk, that allows inlet flow angle variations and includes the probe
traversing carriages. The opposite wall, equipped with static pressure taps, is made of
plexiglas to allow easy control of probe positioning.

Cascade periodicity is obtained through an adjustable tailboard, and checked by means
of downstream wall static pressure tappings. Two sliders, equipped with eccentric probe
holders, allow a continuous selection of upstream and downstream measuring planes.

Data acquisition and probe positioning are fully automated and controlled by a HP
9000/319 microcomputer, to minimize the overall measuring time. Four stepping motors
are used to perform the desired probe movements: two for the upstream and downstream
pitchwise traverses, one for the spanwise traverse and the last one for the rotation of
the probe about its own axis. The pitchwise position is continuously controlled by an
encoder and the coordinate is also stored in the computer. The reference condition for
the probe azimuthal rotation is obtained with a micrometric turning table. Each step of
the probe positioning (translations and rotations) and of the data acquisition procedure
was carefully optimized to minimize the overall acquisition time. Typical times for a
complete measuring plane (20x10 points) are about 120 s for the five holes probe and
1800 s for the hot wire measurements. A schematical view of the traverse mechanisms is
given in figure 1.

2.2 Cascade geometry and test conditions

The airfoil profile is a scaled down model of the midspan section of a steam
turbine rotor blade. The profile coordinates are given in [14]. The relevant geometrical
data of the cascade, shown in figure 2, are given in table 1.

The inlet flow conditions measured at X/B = -0.8 are given in table 2 for the three
investigated isentropic outlet Mach numbers. In figure 3 the inlet Mach number is shown
as a function of the isentropic outlet Mach number.

All the tests were performed with the natural turbulent boundary layer developed
upstream of the cascade. Velocity profiles and turbulent kinetic energy distributions
(figure 4) as well as integral parameters (table 2) remained similar for all the three
test conditions.

Table 2: Test conditions

M2 i s  0.3 0.5 0.7 MiL

Tt1  (K) 290 290 290
Ptl (bar) 1.09 1.23 1.43

(mm) 1.72 1.68 1.58 0.2-
H1 2  1.26 1.25 1.26
Reel 5600 8400 9700

(deg) -17.4 -17.4 -17.4
freestream 0.025 0.027 0.025

Tu near wall 0.06 0.06 0.06 0 I I I I
Re 2 is• 106  0.34 0.61 0.90 0.0 0.2 0.4 0.6 o.8 1.0 1.2 1.4 1.6

M2 is

Fig. 3 Inlet Mach number
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2.3 Instrumentation

Static pressure and mean velocities, measured by means of a miniature conical five

holes probe [141, were. used as reference data and for the evaluation of mean kinetic
energy losses.

Mean veloqities and Reynolds stresses-were measured with a hot wire anemometer.The
hot wire instrumentation consists of a DANTEC 55M10 constant temperature anemometer and
of single sensor miniaturized hot wire probes. The instantaneous hot wire outputs are

processed by a digital voltmeter (Solatron 7060) and a true rms voltmeter (HP 3456A)
controlled by the HP 9000/319 microcomputer through a IEE488 board. Mean and rms data
are stored on line in the computer memory and later analysed to obtain mean velocity
and Reynolds stress components. The integrption time was progressively reduced to 250 ms
without finding differences with results obtained for an integration time of 2 s.

Two miniature hot wire probes, made by modifying DANTEC single sensor normal and
slanted probes (models 55PIl and 55P12), are employed. Sensors are tungsten wires 5 m

diameter and 1.5 mm lenght. Standard probes were found to suffer of strain gage effects
for Mach numbers larger than .5. On-line FFT of the signal performed by a spectrum
analyser (Ono Sokki CF-920) s,.jwed disturbance peaks between 25 and 30 kHz. No spikes
were detected below M2is = 0.9 in the range 0-50 kHz after reduction of the needles
length.

The system frequency response, deduced from a square wave test, was found higher than
50 kHz and therefore adequate in the present study to resolve turbulent disturbances
with characteristic wavelengths larger than about one fifth of the upstream boundary
laver thickness.

Preliminary tests in the wind tunnel sidewall turbulent boundary layer and power
spectra carried out during the field measurements in the downstream plane up to M2i, =

0.8, showed that more than 90 per cent of the turbulence kinetic energy is contained
within 30 kHz.

In all measurements the hot wires were operated at a high overheat ratio (aw = 0.9)
so that the contribution of total temperature fluctuations to the fluctuating voltage
was small and the probe sensed essentially mass flow fluctuations.

The estimated experimental uncertainties are given in table 3. Repeatibility of the
hot wire measurements, checked at a number of stations was good and always the results
fell within the estimated experimental uncertainties.

2.4 Hot wire measuring technique

The hot wire measuring technique is based on the analysis of the signals of two
single hot wire probes, oriented with the primary flow in a plane perpendicular to the
probe axis.

For ea.'h measuring point, ten readings of mean and rms output voltages (seven for the
slanted probe and three for the normal probe) are taken for different azimuth angles
about their stems.

The wires were calibrated before and after each measuring session over the range of
the wire Reynolds numbers of interest in a free jet calibration tunnel and the
coefficients A, B, n of a relation for compressible flow, similar to the King's law for
incompressible case, were obtained

E2/(w- /= A + B .(pU)f
w e eff

Once the operating temperature of the wire Tw is set, this law links the

U ,
o ° I I q.,x' ": io + "

OA 4 . - ---

0.2 2_

-*~--- 2 - L!s + i..

0.2 0.5

* 0.7

0 0.1 0.2 03 04 0.5 0 0.1 02 0.3 04 0.5 -
Z/. Z/H

Fig. 4 inlet boundary layer velocity prciles and turbulent kinetic energy distributions
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Table 3: Estimated experimental uncertainties

Pitchwise position ± 0.05 mm
Spanwise position + 0.1 mm
Stagnation pressure + 0.5 % of (Ptl-Ps2)
Static pressure ± 0.5 % of (Ptl-Ps2)
Flow angles from pressure probe ± 0.1 deg
Mean velocity from hot wire ± 3 %
Flow angles from hot wire ± 1.5 deg
Reynolds normal stresses ± 15 %
Reynolds shear stresses ± 20 %

instantaneous output voltage of the anemometer E to the effective cooling mass flux
(pU)eff of the fluid and allows accounting for the variations, during the experiment, of
the equilibrium temperature Te, that is close to the flow stagnation temperature.

The effective cooling mass flux is assumed to be related to the mass flux components,
tangential and normal to the sensor in the plane of the prongs and normal to the sensor
and the prongs, by the Jorgensen relationship [15]. The directional sensitivities of the
employed probes were carefully investigated at different Mach numbers and flow angles
with the aid of a fully automated mechanism for the probe positioning in the calibration
tunnel. The directional coefficients of the Jorgensen law were found sensitive to the
Reynolds number and to the velocity direction.

The analysis method, that relates mean velocity and Reynolds stress components to
mean and rms voltages, is an extension to compressible flows of a previous procedure
described in (16). Through the probe directional coefficients, the mean and rms values
of the effective cooling mass fluxes, measured for different probe rotations, are
written in furntion of the mass flux components in a fixed system of coordinates. Two
systems of equations are obtained for the mean and fluctuating quantities. These
systems, that are over-defined, are solved by means of least squares techniques.

Finally the mean values of density and velocity components are calculated from the
mean mass flux components, utilizing the local static pressure values measured by the
five holes probe and the total temperature, assumed to be constant, measured upstream of
the cascade. To deduce the density fluctuations and the Reynolds stress tensor
components from the calculated fluctuating quantities, the ratio of the pressure
fluctuation to the mean absolute pressure is assumed to be negligeable, if compared with
the density relative fluctuation and the total temperature fluctuations are neglected,
because of the nearly adiabatic condition of the flow [17).

3. RESULTS AND DISCUSSION

3.1 Neasurement locations, coordinate systems and results

The measuring plane is located downstream of the cascade at X/B = 1.3. Ten pitchwise
traverses were made, each of them consisting of twenty equidistant measuring points.
Traverses are spaced 4 mm from midspan to 13 mm Irom tbe endwall and 2 mm from this
position to 1 mm from the endwall.

An intrinsec system of coordinates s, n, z, where s is the direction of the mean
velocity at midspan (streamline direction), n is the principal normal (transversal
direction) and z is the binormal (spanwise direction) was used for mean velocity vector
and Reynolds stress tensor. U, V, W and u, v, w are respectively the mean and
fluctuating velocity components in s, n, z directions. The flow coordinate system is
shown in figure 2 together with the cascade reference coordinate system (X, Y, Z).

The mean flow field is described in terms of secondary velocity plots and kinetic
energy loss coefficient contours in the measuring plane. The secondary velocity vectors
are the resultants of the secondary velocity components V and W. The local kinetic
energy loss coefficient is defined as

= ( U4 (Y,Z) - U4 (Y,Z)) / U'2is 2 2isMS

and calculated from the pressure probe results.
Turbulence quantities are described as contour plots of the Reynolds stress tensor

components, normalized by the squared upstream reference velocity U . The coefficient of
turbulence kinetic energy q and the turbulence intensity Tu are defined as:

q =(u 2 + v 2 +w )/
1 ' Tu = 'q/3

The eddy viscosit, hypotesis links the Reynolds shear stress components to the mean
flow strain tenscr by means of the following relations, ii streamline curvature and
convergence are neglected:
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Fig. 5 Secondary velocity vectors, loss contours and mean velocity gradients for
M2is = 0.3

U-v = - "V ( U/n + aV/Was) ; u-w T ( aU/az + aW/as)
i ( )

vw = -VT " aVIz + aw/n)

From the experimental data pertaining to only one plane, only the spanwise
derivatives can be directely calculated. If the assumptions a/3s << a/an, a/3z is made,
the transverse derivatives a/an can be evaluated from the tangential derivatives a/a y
and the three mean strain components can be approximated by the terms (aU/an), (aU/ az),
(aV/az + aW/an). Contour plots of these quantities in the measuring plane are presented
to support the qualitative analysis of the turbulence results.

3.2 Measurements for M2is = 0.3

The experimental results for M2is = 0.3 are given in fig. 5 and 6 respectively for
mean flow and turbulence quantities.

3.2.1 Secondary flow vectors and kinetic energy loss

The secondary flow pattern shows the presence of three well distinct vortices. The
clockwise rotating passage vortex occupies a large part of the spacing between two
adjacent wakes. Its centre is located near the suction side of the passage, large
transverse velocities of about 1/4 of the upstream reference velocity U1 are found near
the endwall. Larger spanwise velocities towards midspan, of the order of U1 /2, are
present near the suction side of the blade wake, where the passage vortex interacts
with an intense shed vortex rotating counterclockwise. Near the endwall, on the pressure
side of the wake, the presence of the corner vortex is evident.
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Fig. 6 Turbulence kinetic energy and Reynolds shear stress components for M~s = 0.3

The mean kinetic energy loss coefficient contours identify a wake with high loss
values up the 25 per cent of the downstream kinetic energy and show a peak of 30 per
cent located at about ZIH = 0.3 and Y/S = 0.75 in a region where the losses generated by
the interaction of the passage and the shed vortices may have been convected by the
spanwise velocities.

Near the endwall, a second 25 per cent intensity peak is present in the corner
vortex region. No distinct loss core related to the passage vortex is found at this
plane; on the contrary, a wide zone with fairly large losses, containing the endwall low
momentum fluid convected by the passage vortex, occupies all the suction side of the
passage and merges into the wake.

3.2.2 Turbulent kinetic energy

Turbulent kinetic energy distribution resembles the mean kinetic energy loss plot,
however some significant differences can be noticed. The wake is characterized by
relatively low turbulence, that is about of the same intensity of that found in the
upstream inlet boundary layer near the endwall (6-7 per cent) .Turbulence intensity on
the suction side is higher than on the pressure side of the wake; the wake location is
determined from the loss contour plot. This feature indicates a more turbulent
development of the boundary layer on the blade suction side than on the pressure side.
Midspan free stream turbulence intensity is found to remain of the same order (about 2.5
per cent) as the turbulence at the edge of tha upstream inlet boundary layer.

A large and intense core of turbulence kinetic energy is located near the suction
side leg of the passage vortex, with a local peak reaching 5 per cent of the reference
kinetic energy (corresponding to a turbulence intensity of 13 per cent), that is five
time larger than the near wall turbulence kinetic energy in the inlet boundary layer. A
second more limited, but still intense, turbulence core is located in the corner vortex
region.

The low turbulence intensity in the wake near midspan suggests that rather intense
viscous dissipation of the turbulence kinetic energy takes place in the near wake
regicn, upstream of the measuring plane.

The presence of a turbulent kinetic energy core in the passage vortex region may
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Fig. 7 secondary velocity vectors, loss contours and mean velocity gradients for

result from the action of convection operated by the passage vortex on the endwall
quantities and by an intense production due to the concentration of Reynolds stresses in
a region of relatively large mean velocity gradients. Actually the contour plots of
(W/an +az) in figure 5 and W in figure 6 show high values in this region and, as

shown by Moore et al. in (7], the product of these two quantities is an important term
in the dissipation mechanism of the secondary mean kinetic energy and hence in the
turbulence kinetic energy production process.

3.2.3 Reynolds shear stresses

The u Reynolds shear stress is mainly related to the non uniformity of the primary
flow in the pitchwise direction. In the measuring plane, the streamwise flow is
perturbed in the pitchwise direction essentially by the presence of the wake and of low
momentum fluid associated with passage and corner vorticesi Because of the positive
direction of the n coordinate from the pressure to the passage suction side, these low
momentum regions are characterized by negative transverse derivative DU/an'on the left
side, where the velocity decreases, and by positive values on the right side (figure 5).
According to relations (1), the u shear stress in figure 6 shows an overall
distribution similar to aU/an, but with opposite sign. The peak values, that are
positive and equal tc 0.6 per cent of U1, occur near the suction side leg of the passage
vortex and in the corner vortex region, where large concentrations of turbulence kinetic
energy were previously observed and where higher values of Tcan be expected. From a
different point of view, the presence of higher values of u in the same region where
the high turbulence kinetic energy is present can be explained as the result of similar
transport and production mechanisms for both normal and shear stress components.

The u is mainly associated with the non uniformity of the streamwise flow in
spanwise direction. In a boundary layer the positive spanwise velocity gradient causes



6-9

X q x o1 S - 0.50 X/B - 0.30 V 2/U '1 0 3

(.4i ,-, ..4

N N

C2 0 0C2 0. , . - . . . . .

10 25

YIS YI5

-W ~7U1 X 103 a vW/Ul 210 3

r ... .... %. .
........ " ;, ...... .

----.. -------

..... " ,., .. /l , -

(. ... *\ , ..... ,,/ /N

0 C0

, . -I ......... c)..oo,

0.0 0.2 0.4 0.6 0.8 1.0 0.0 0.2 0.4 j.6 0.8 1.0

Ys Y/S

Fig. 8 Turbulence kinetic energy and Reynolds shear stress components for M2is =0.

negative values of ui-. In the cascade the endwall boundary layer has been rolled up and

convected by the passage vortex. Large negative values of u- therefore can be expected

in the passage vortex region. However the local spanwise velocity gradients at the
measuring plane, shown in fig. 5, are different from those of a boundary layer, because
at this station the endwall boundary layer, subjected to a favourable velocity gradient

in the cascade and swept by the passage vortex is very thin (less than 2 mm of thickness
at mid passage) and therefore te near wall positive spanwise gradient of U cannot be

sensed by the probes. The au/az contour plot shows large positive values only in the
corner vortex and a broad band of negative values in the region that precedes, in
spanwise direction, the loss peak occurring in the wake. These negative derivatives are

consistent with a narrow band of positive shear stresses located alongside the blade
wake, to which negative values of W/as may also have contributed. The negative DW/ as

derivatives are expected as a result of the decay of. the high spanwise velocity W
measured in the wake.

The 7 shear stress is related to the spatial gradient of the secondary velocities in
the secondary vorticity plane. In the W distribution three3 distinct regions can be

observed. A first one, showing low positive values ncdr most of the endwall, is
consistent with the reduction in spanwise direction of the transverse velocities that
occurs near the endwall leg of the passage vortex (negative values of aV/az in a region
where aW/an is low). A large core of high negative vw values is associated with the
passage vortex through the inherent positive tranverse gradient of the spanwise
velocity W (large positive aW/an in a region of low aV/az ). Finally positive
contours, displayed along the wake, account for the shed vortex presence that is
characterized, in the pressure side of the wake, by negative transverse gradients of the

4 velocity W. This means that there is a significant deformation work associated with this
shear stress component acting to dissipate the secondary kinetic energy. The largest
values of W, that are negative, are located in the region of higher turbulence kinetic
energy, just as those of the other shear stresses.

3.3 Tests at different Mach numbers

Tests were made at M = 0.3, 0.5 and 0.7. The outlet Mach number variation was

IIi ll
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three conditions, as shown in figure 4. The experimental results for mean tlow and
Sturbulence are given in figures 7 and 8 for M 2is  0.5 and in figures 9 and 0 for M 2is =

0.7.

3.3.1 Mean quantities

The comparison of the kinetic energy loss contour plots of figures 5, 7 and 9
indicates that the increase oi the expansion ratio results in a progressive reduction of
overall losses when referred to the outlet velocities. As M~i increases, the area of
corresponding contours is reduced and the positions of the loss cores related to passage
and shed vortices are found to be closer to the endwall. The secondary velocity vector
plots show a rather similar secondary flow pattern for the three cases. Local velocities
in the passage and in the shed vortices are about of the same order if referred to the
inlei- velocities. The corner vortex, on the contrary, becomes more intense as M21s
increases. If secondary velocities are referred to the outlet isentropic velocity,
the intensity of the passage and the shed vortices decreases as M 21s increases, due to
the larger inlet to outlet velocity ratios associated with the hig e expansion ratios.

This means that for larger Mach numbers secondary kinetic energy is a smaller fraction
of the primary outlet kinetic energy. These remarks support the hypotesis that at higher
expansion ratios both blade and cascade endwall boundary layers, subject to more
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Fig. 10 Turbulence kinetic energy and Reynolds shear stress components for M 21s  =0.7

favourable streamwise velocity gradients and larger Reynolds numbers, grow less,
resulting in a lower loss level and in a less intense passage vortex.

3.3.2 Turbulent quantities

Comparing turbulent quantities at different Mach numbers (figures 6, 8, 10), some of
the previous observations are confirmed.

As M 2is  increases, turbulence kinetic energy shows a significant reduction and its
contours appear weakly displaced towards the endwall. The decrease in turbulence kinetic
energy, observed also in the wake near midspan, indicates that larger flow acceleration,
related to the higher expansion ratios, has a stabilizing influence on the turbulence in
the blade boundary layer, as confirmed by the decreasing trend of the profile losses
versus Mach number (14].

The Reynolds shear stress components, also for M 0.5 and 0.7 (figures 8 and 10),

f21 '

are consistent, at least in a qualitative way, with their respective spatial derivatives
(figures 7 and 9), as in the case of M is = 0.3, just examined. Therefore a similar
analysis applies, showing both similaritie and some differences.

The aU/an derivatives of figures 5, 7 and 9 are nearly the same for the three cases

examined, the only difference is a weak tendency of the contours to move towards theendwai as m2us increases. Also t e associat u v sear stress istrDutons of figures
6,8,10 look very similar and a weak displacement of the isovalue lines appears at higher
values of Ma h number. In spite of equal levels of mean velocity derivatives the u-v
contour values tend to decrease as Md- increases, i agreement with the reduction of

Asthe -u ncresse kinetic energy observed h the passage vortex core and in the wake.
.oAbout t same features characterizedeto the endpario The dee shear stresses and the
related velocvy spatial derivatives. Here lower'levels of t in the passage vortex at
constant mean motion deformation may indicate that at higher M 2 s  a less intense
hsecondary kinetic energy decay occurs.
The uw shear stress ait the corresponding strain tensor component, on the contrary,

show a rather different behaviour as a function of Mwi Both the ree patidrspanwisegradients of U, associated with the corner vortex losses, and the negative ones, related

to the relatively high momentum flow, squeezed between the endwall and the mid passage
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loss core region, increase as M 21 s rises. The 0-w shear stresses are about of the same
order for all the three test conditions and the corner vortex peak values are even
larger for higher M2is, in contrast with the just described decreasing trend displayed
by the other turbulent quantities examined. At M21 s = 0.7 a second region of positive
shear stess, that appears near the mid passage, reduces the extension of the nrjative
uw regions and tends to split the two negative cores associated with the passaz nd
corner vortices. These positive 0 shear stresses, acting in a region of negative values
of the aU/az mean strain component, work to reduce the spanwise nonuniformity of the
streamwise velocity, giving a contribution to the dissipation of the primary kinetic
energy, not found at lower Mach numbers.

4. CONCLUSIONS

A detailed description of the turbulence field associated with the tridimensional
flow in a plane downstream of a turbine cascade for different expansion ratios ranging
from incompressible to high subsonic flow has been given.

Turbulence kinetic energy shows similar distributions for all the examined expansion
ratios, with an intensity reduction as MZis increases. Concentrations of turbulence
kinetic energy are found in the corner vortex and in the passage/shed vortex interaction
region, where the passage vortex has convected the endwall turbulence energy and where
the larger amount of secondary kinetic energy is being dissipated.

A similar decreasing trend as the expdnsion rate increases is found for the uv and vw
turbulent shear stresses, 1-hat for all the test conditions are consistent with the local
gradients of mean velocity. The occurrence of peak values of these two quantities in the
regions of larger turbulence intensity suggests that similar transport and production
mechanisms have affected both normal and shear stress components. As the expansion ratio
increases, the reduction of UV and V shear stresses and the neirly constance of the
associated mean strains result in a lower rate of dissipation of primary and secondary
kinetic energy.

A rather different trend characterizes the U- shear stress. At low Mach number its
distribution depends more on the convection process, due to the passage vortex, than on
the local gradients of mean velocity. As Mach number increases the U components become
more consistent with the mean strain and therefore a larger dissipation of the primary
kinetic energy is believed to take place.

Further indications confirming these features and giving an organized picture of the
expansion ratio effects are expected by a more quantitative analysis performed at
different planes.
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DISCUSSION

Moore, USA

1. The authors are to be complemented on an excellent piece of

experimental work. I believe this can contribute to an improved
understanding of turbulence, and to improved models for turbulence in
turbine blade rows.

2. Are the authors planning to use their data to test current turbulence

models?

Author's Reply:

The authors wish to thank Professor Moore for his kind comment.
Measurements in other planes ranging from x/b 1 141 up to 1.9 are planned

to be carried out in the near future. We are going to use these data to
evaluate the contributions of the deformation work due to Reynolds
stresses to the loss production downstream of the cascade. Distributions
of quantities like eddy viscosity, mixing length and turbulence production

terms will also be evaluated from the experimental data to test current
turbulence models.
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SUMMARY

Much of the energy loss that occurs in turbine nozzles is associated with the
strongly three-dimensional secondary flows that result from the interaction between the
surface boundary layers and the nozzle row with Its associated pressure field. A study
is made of three alternative nozzles, each performing the same duty, with different
degrees of three-dimensionality in their designs to control secondary flows. The chosen
nozzle guide vanes are fully representative of the current generation of high hub-tip
ratio aero engine nozzles in which the proportion of the overall loss that is
attributable to secondary flows is high. A computational analysis of all three nozzles
is presented including predictions from three alternative viscous, three-dimensional
methods. These detailed measurements and predictions demonstrate the significant
influence of the vane geometries on the magnitude and the distribution of the secondary
losses.

LIST OF SYMBOLS

C - chord x - axial distance G - boundary layer momentum
Cx - axial chord y = tangential distance thickness
1. passage height (span) Y = total pressure loss P = density
M - Mach number coefficient
p - static pressure z - spanwise distance
Po = total pressure B= pitchwise flow angle
Re - Reynolds Number ( from axial )
s " pitch 6 - boundary layer disp-
U = velocity lacement thickness

subscripts

free stream 2 = traverse plane 3 - pitchwise mixed out
1 - inlet 2s = downstream isentropic 4 = downstream infinity ( i.e.

pitch & spanwise mixed out)

INTRODUCTION

A part of the loss of available energy that occurs in axial flow turbines arises from
the essentially two-dimensional flow of the fluid over the blade sections. Typically
this accounts for less than half of the total fluid dynamic loss in the turbine although
the proportion varies significantly with turbine geometry. These two dimensional flows
have been widely investigated both experimentally and computationally. The remaining
'three-dimensional' losses result from such influences as rotation and radial pressure
gradients, tip clearances, seal leakage, heat transfer, interactions between rotors and
utators and wall bnundary layers. In the absence of tip leakage and rotation effects the
blade passage corner flow depends critically upon the boundary layers on the annulus
walls at the inlet to the blade row. Secondary flows develop which redistribute the
'old' loss in the inlet boundary layers and which result in the growth of new wall
boundary layers with their associated loss generation.

Moves towards higher pressure ratios and higher temperature cycles in modern aero
engines result in smaller core mass flows for a given thrust with correspondingly
smaller componentb. This leads to low aspect ratio, high hub/tip ratio designs in which
the proportion of the overall loss that is attributable to secondary flows is high.
Manufacturers are also driven towards low aspect ratio designs with their associated
three dimensional losses by commercial and rellanility considerations which require
turbines to be designed with the minimum number of vanes and blades. The requirement to
be able to control and minimise seconda:y flows and losses is therefore vitally
important.

The existence of secondary flows and loss mechanisms within axial flow turbines has
long been recognised and many investigations ( e.g. [1]-[4] ) have been undertak,'n to
understand these phenomena and their effects. As a result the main parameters which
influence the growth of secondary flows and losses are now known ( e.g. [5] ) even if
their relative importance is not fully understood. Thus it is possible to attempt to
inhibit their generation by attention to both the overall and detailed design of
turbines ( e.g. [61,[7J ). Methods of controlling three-dimensional losses include end-
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wall profiling, leaned and bowed blades, fillets, boundary layer fences and unloading of
the blade tips. In many investigations of these effects the results have been
inconclusive.

Correlations of secondary loss are available ( e.g. [81,[9] ) but by their very
nature correlations cannot be used to predict ways of reducing new loss generation by
the use of detailed blading design beyond the confines of the database from which the
correlation is derived.

The redistribution of the inlet boundary layer loss can be predicted with varying
degrees of accuracy ( e.g. [101,[111] ) and numerical computer codes designed to predict
the generation of new losses in three-dimensional flows are now available ( e.g. (12] -
[14] ) but these are, as yet, in their infancy.

Although numerous publications are available relating to secondary flow
investigations the majority are limited to either incompressible flows ( e.g. [15]-[17])
or linear cascades ( e.g. [181-121] ). Those that are relevant to transonic nozzle flows
generally make useful additions to the available data but often fail to provide
sufficient information to enable detailed validation of prediction methods.

In this investigation secondary flows are studied in nozzles that are fully
representative of current designs which incorporate secondary flow control features.
Detailed flowfield measurements are presented together with an initial evaluation of the
latest generation of viscous, three-dimensional numerical prediction methods. The
predictions presented in this study have been generated using the Denton [131, Dawes
[14] and Moore [12] codes. The results from the former two methods have been provided by
the authors of those codes whilst the predictions from the Moore code have been provided
by Rolls-Royce plc [22].

EXPERIMXNTAL DETAILS

The experiments described in this report were conducted in the Transonic Cascade
Facility of the Whittle Laboratory, Cambridge [23]. The wind tunnel is part of a closed
circuit within which the density and pressure ratio can be varied independently. Within
the system a new annular cascade research rig has been constructed specifically for this
investigation [24]. The air is supplied to the test section via a contraction and a
short, parallel duct and is exhausted through a radial diffuser into a large plenum. The
general arrangement is shown in figure 1. The scale of the rig was governed largely by
the restrictions that were imposed by the available air supply but conveniently this
allows an annulus size to be chosen that is representative of the full scale core of a
medium sized aero engine ( 40kN sea level dry static thrust class ). Geometric details
of the parallel-walled working section and of the three alternative blade designs are
given in table 1.

Each cascade contained 34 blades. The first, datum cascade used straight, constant
section vanes, each stacked about its centroid ( figure 2 ). The profile selected was
designed to operate with an axial inlet flow and to provide a nominal 65 degrees of
turning. Th aspect ratio was 0.7 and the hub/tip ratio was 0.87. Blade designs 2 and 3
were fully three-dimensional designs in which the olade profiles changed significantly
across their spans. In both designs the blade camber at both the hub and the tip was
reduced relative to a nominal, mean geometry whilst the camber was correspondingly
increased near mid-span. Such an arrangement induces spanwise pressure gradients which
distort the secondary flows giving rise, in principal, to a more uniform redistribution
of the low energy fluid that is asso iated with the inlet wall boundary layers as it
passes through the blade passages. Th, cross passage pressute gradients at the walls are
also reduced which has a further influence upon the secondary flow behaviour and upon
the development of the boundary ayers on the hub and casing. Unlike the straight vane
the blade section was not constant across the span. However, the two '3-D' blade designs
sharod the sate cross vection at each radial station but differed as a result of minor
deviations from a nominal stacking about their throats ( figure 3 ).

A sing'e passage of each cascade was instrumented with 0.25mm diameter static
pressure tappings which were located at mid-span. Typically between 12 and 20 tappings
were located on each surface. Lfmited static pressure measurements were also made at
alternative radial positions. The static pressure tappings at the cascade inlet were
lne.rpd 0.35 axial chord lengths upstream of the cascade leading edge planc. A
conventional pitot was positioned at the same axial location. The lnlet ta n.tion
temperature ( approximately ambient ) was measured using a thermocouple located upstream
of the contraction and working section.

The small scale of the blade passages and their associated flow phenomena dictated
the requirement for probe miniaturisation in order to achieve acceptably high resolution
and to minimis,. any probe induced flowfield disturbances. Considerable effort has
therefore been put into the construction of accurate an4 reliable miniature probes.
Four different types of pneumatic probe have been employed during this investigation.
The first of these was a fixed-direction, 5-hole, 90 degree conical probe with an
overall diameter of 1.85mm. This was used to traverse the cascade exit flowfield at
nominal axial locations of 104Z CA and 140% Cx. Calibration of the probe was carried out
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in the new transonic probe calibration facility at the Whittle Laboratory [25].
Immediately downstream from the trailing edge plane a five element total pressure rake
( tube diameter 0.8mm, spacing 2.0mm ) provided further information about the secondary
flow field and losses. Within the blade passages only a single, 0.8mm diameter pitot
probe was used in order to minimise blockage effects. The fourth type of probe was a
flattened pitot, 0.14mm thick, which was used to traverse the blade surface boundary
layers and also the wall boundary layers at entry to and exit from the cascades.

'The facility is provided with a fully automated, computer controlled data acquisition
system. Probe movement, for example, can be achieved using one linear and two angular
traverse mechanisms all of which are mutually independent. All pressures are measured
using a Scanivalve system.

Oil and dye surface flow patterns were obtained using a mixture of silicone oil and a
fluorescent pigment which was photographed under ultraviolet illumination. Two colours
were used, one on the blade surfaces and the other on the endwalls upstream from the
inlet boundary layer separation line. It was therefore possible to trace the passage of
the inlet endwall fluid through the cascade. Where possible this is identified on the
black and white photographs reproduced here.

The current investigations were conducted at ex~t }sentropic Mach numbers of 0.83 and
0.95 and at a comm n value of Re/C of 2.25 x 0 m corresponding to actual Reynolds
numbers of 9 x 10 ( Vane 1 ) and 1.0 x 10 ( Vanes 2 and 3 ). The free-stream
turbulence intensity at inlet to the cascade was 0.8%.

Hub Diameter ................................. 0.357 m
Tip Diameter ................ ................. 0.412 m
Passage Height .............. ................. 0.028 m
Hub / Tip Ratio .............................. 0 867 2
Annulus Area ................................. 0.033 m
Number of Blades in Cascade ................ 34
Blade Chord ( Vane 1, Constant Section ) ... 0.040 m
Axial Chord ( Vane I )...................... 0.025 m
Blade Chord ( Vanes 2 & 3 ; mid-span )..... 0.044 m
Axial Chord ( Vanes 2 & 3 ; mid-span )..... 0.031 m
Inlet Flow Angle ........................... 0.0 deg.
Mean Exit Flow Angle ( Nominal ) ........... 65.0 deg.5
Reynolds Number ( Vane 1 ; Cascade Exit ) .. 90 x 106
Reynolds Number ( Vane 2,3 ; Cascade Exit ). I.0 x 10Mach Numbers ( at Cascade Exit ) ........ 0.83,0.95

Table I : Cascade Geometry

RESULTS AND DISCUSSION

Constant Section Vane : Midspan Flow. The measured mid-span isentropic Mach number
distribution at the 0.83 exit Mach number condition for the datum, constant section vane
is presented in figure 4. These results reveal that the the profile is relatively mid-
loaded showing two distinct, suction side velocity peaks, the greater velocity occurring
at the more downstream position where the peak suction surface Mach number just exceeds
unity. The diffusion that follows the first velocity peak is insufficient to cause the
boundary layer to separate but the diffusion at the back of the suction surface gives
rise to a short separation bubble near 65% chord. There is no clear evidence of the
influence of a shock interaction which would, in any case, be weak. The boundary layer
on the suction surface at the trailing edge has the typical characteristics of an
attached, turbulent boundary layer with a displacement thickness of 0.27mm ( 6*/C =
0.007 ) and a momentum thickness of 0.14mm. On the pressure surface continuous
acceleration from the blade leading edge results in a laminar boundary layer over the
entire surface. At the trailing edge its measured displacement thickness is 0.08mm
although in such a thin boundary layer measurement errors are likely to be relatively
large. Although the mid-span results may give an itdication of the two-dimensional
nature of the flow they are of limited value in such a low aspect ratio nozzle where the
secondary flows are dominant.

Surface Flow Visualisation. Surface oil flow visualisation in two and three-
dimensional flow studies is a well established investigative tool. It is of course
zcogulud LheL ai ugh important and useful, these flow patterns only provide
information about the nature of the near surface flow and care must therefore be taken
when inferences are made regarding the main body of the flow. Conclusions which are
drawn are supported by other measurements or by other investigations of similar
phenomena ( e.g. (1]-[71,[181 ). The general nature of the secondary flow is shown
clearly by the blade suction surface flow visualisation ( figure 5 ) at the same flow
condition. It is immediat.ly apparent that little, if any, of the surface flow may be
considered to be two-dimensional. The spanwise influence of the passage vortices,
bounded by a well defined separation lines is clearly visible. In particular the
asymmetry of the flow under the influence of the radial pressure gradient that is
generated in the nozzle row is evident. At the trailing edge 35% of the blade span is
directly influenced by the casing passage vortex compared with less than 20% at the hub
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end of the vane. Between these clearly defined secondary flow regions the nominally two-
dimensional surface flow is interrupted by a boundary layer separation line running
diagonally across the blade. At mid-span the separation line occurs at approximately 65%
chord, confirming the interpretation of the surface Mach number distribution. On the hub

side of the blade immediately upstream of the separation line is a region of almost
radial flow which reflects the low axial momentum of the near-surface flow in this
region and the relative strength of the radial pressure gradient.

Inlet Boundary Layer. The velocity profiles of the incoming hub and casing boundary
layers, obtained at mid-pitch on the cascade leading edge plane, are plotted in figure
7. The integral parameters of these boundary layers are given in table 2. They were
obtained using the compressible form of the appropriate expression or integral. These
results show that the upstream boundary layers are turbulent with shape factors ( 6*/6 )
of 1.57 and 1.44 on the hub and casing respectively. The corresponding values of
displacement thickness-chord ratio ( 6*/C ) are 0.006 and 0.008. The boundary layers are
thus typical of those found at inlet to model turbines ( e.g. [26] ) and of those
measured by other investigators during cascade studies ( e.g. [3],[4] ). The relevance
of these parameter values in relation to actual turbines remains uncertain since the
appropriate data do not appear to exist.

Inlet Mach Number .................................. 0.23
Inlet Reynolds Number ( based on vane 1 chord ) ... 3.25x10 5

Hub Casing
Displacement Thickness (mm) ... 0.224 0.327
Momentum Thickness (mm) ....... 0.142 0.228
Shape Factor ................... 1.578 1.436

Table 2 : Inlet Boundary Layers

Exit Flowfield. The truly three-dimensional nature of the flow is revealed by the
contours of total pressure loss coefficient (P 0 1 " P0 ) / ( p, - p4 ) at exit from
the cascade ( figure 6 ). The two passage vortices are cLearly def ned as is the wake in
the nominally two-dimensional flow region between the vortices. The asymmetric nature of
the flow resulting from the radial pressure gradient leads to clearer definition of the
of the passage vortex near the tip where the flow is 'stretched' across the span than at
the hub. At this axial location ( 104% Cx ) the passage vortices confine the '2-D' wake
to the region between 20% and 65% span, a result which identically matches the estimate
made from the surface flow visualisation. Near the hub there is little distinction
between the loss core associated with the passage vortex and the high loss endwall fluid
whilst near the tip the two loss regions remain more recognisable. The variation across
the span of the pitchwise integrated total pressure loss coefficient deduced from the
traverse data of figure 6 is plotted in figure 8. The quantities shown have been
obtained by a constant area mixing calculation at each spanwise position. Even though
the measurements do not extend right to the wall it is clear that the greatest losses
are associated with the endwall fluid. The total pressure loss contours of figure 6 have
been integrated over the area of the traverse giving an overall loss of 0.045. A
constant area mixing calculation has been used in which the conservation of mass,
momentum and energy were employed. The addition of the endwall losses that are not
included in the tra-ersed area gives an overall loss of approximately 0.078. These wall
losses are based on boundary layer data obtained frcm multiple traverses by a flat,
fixed directton pitot tube. and the overall loss figure should only be taken as an
indication o the true loss. Details of the casing flow obtained from the flat pitot
data are presented in figure 9. Of particular interest is a distinct region of high loss
close against the wall near the mid-pitch position. Evidence of such a feature is also
found upstream within the passage itself at 80% Cx although here it is located closer
to the suction side of the passage ( figure 10 ). Usually a loss concentretIVu. t:ar :ne
endwall may be expected to be swept towards the suction side as the flor proceeds
downstream, not towards the pressure side as appears to occur here. Studies of the flow
further upstream in an attempt to trace the source of the loss zone are inconclusive.
Mid-passage loss cores of this type have Laen observed by other investigators [271 and
whilst arguably of only minor importance in terms of the contribution to the overall
loss within the nozzle row much greater signiticance may be attached to the heat
transfer implications. Surface oil flow visualisation provides no indication as to its
origin or even to its very existence but a little further evidence of a deviation from a
conventional endwall boundary laVe may be foun din the vclocity profile of the cSaIiiY
boundary layer at mid-pitch in the t,ailing edge plane ( figure 11 ). Typically a
turbulent or maybe transitional boundary layer would be expected here and although the
integral parameters that are stated match such a boundary layer closer examination
reveals the reducing near wall velocity gradient that is usually associated with a
boundary layer at the point of separation. No further details relating to this
phenomenon were observed.

Further downstream from the cascade where the secondary flows have developed, no
longer constrained by the blade surfaces, the centre line of the wake becomes distorted
as the fluid rotates. At 140% Cx this is clearly apparent ( figure 12 ) as is the decay
of the intense loss cores that were evident closer to the trailing edge. The tip vortex
core is seen to have moved radially inwards from 80% span to 70% span whilst the hub
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passage vortex shows little sign of radial migration and has merged with the endwall
fluid. Further detail is provided by the spanwise loss distribution shown in figure 8.
The corresponding variation of pitchwise averaged tangential flow angle is shown in
figure 13. The influence of the passage vortices is superimposed upon the general
reduction of turning from hub to tip again showing the relatively smaller extent of the
influence of the hub side flow. The use of a five-hole probe for these measurements
precluded near wall measurements and thus little of the overturning that results from
the passage vortices is evident. Nowhere can there reasonably be said to be two-
dimensional flow.

'3-D' Results : Vane 2. The three-dimensional geometry of vane design 2 is shown in
figure 3. Surface flow visualisation for this vane operating at the same exit isentropic
Mach number ( 0.83 ) reveals that despite the different appearance of this vane the
general nature of the flow, albeit on the surface of the blade only, differs little from
that of the datum, constant section vane ( figure 14 ). Again a discontinuity is seen
which runs across the centre part of the blade between the boundaries that are imposed
by the secondary flows at hub and tip and immediately upstream from the discontinuity is
a region of nearly radial ( inward ) flow signifying low axial momentum of the flow. For
this vane it is less clear whether the apparent discontinuity signifies separated flow
which very rapidly re-attaches or whether this is just a more extreme example of local
low streamwise shear stresses. In figure 4 the aid-span blade surface Mach number
distribution reveals a more aft loaded section. The interpretation of this information
should be made with caution in view of the changing character of the blade section
across its span. At aid-span the velocity peak, which occurs at 50% chord, is followed
by, an initially gentle diffusion which leads to a separation at approximately 701 chord
and almost immediate re-attachment.

The differences between the flowfields generated by this nozzle and the first design
become more apparent upon examination of the 'oss contours just downstream from the
trailing edge plane ( figure 15 ). The curvature of the wake is a consequence of the
bowed trailing edge that is associated with this particular vane geometry ( figure 3 ).
Two features are of particular significance. The first is the much greater containment
of the passage vortices within the wake than is achieved using the constant section vane
and the second is the apparently reduced endwall loss. Study of the spanwise
'distribution of the total pressure loss coefficient reveals that a consequence of the
partial containment of the loss cores within the wake and the spanwise pressure
gradients that are induced by th.s vane geometry there is a more uniform distribution of
the secondary losses across the annulus ( figure 16 ). The integrated total pressure
loss derived from these measurements is 0.043. The overall loss including an estimate of
the near-wall losses based on limited boundary layer data is 0.068. A comparison of
figures 8 and 16 reveals that the effecc of unloading the blade tips upon the magnitudes
of the endwall losses is dramatic. This latter effect is confirmed by measurements of
the casing flow ( figure 17 ) made using a flat pitot probe which show greatly reduced
loss in comparison with the measurements presented in figure 9. The results of figure 17
also show how the thickness of the endwall boundary layer varies across the pitch. The
variation occurs because the fluid nearest the suction s!de of the wake will have
originated further upstream than that near the pressure side thus allowing greater
growth. There ia, however, no sign of the near-wall loss concentration that was observed
from the corresponding measurements made on the constant section vane. A further effect
of reducing the blade camber towards its tips whilst increasing the camber near mid-span
is shown by the greatly increased spanwise exit flow angle variation ( figure 18 )
relative to the datum vane.

The effect of increasing the exit isentropic Mach number from 0.83 to 0.95 is
demonstrated most clearly by blade suction surface oil flow visualisation ( figure 19 ).
At this higher Mach number the separation that occurs over the middle part of the blade
between the boundaries imposed by the passage vortices is more clearly defined. The
separation occurs at the same chordwise position as it did at the lower Mach number flow
condition ( approximately 75Z chord ) but in this case re-attachment is not immediate,
there being clear evidence of a closed separation bubble which is bounded by a re-
attachment at approximately 81% chord. This is confirmed by the measured mid-span blade
surface Mach number distribution ( figure 20 ). This mu:h longer region of separated
flow allows the some of the endwall fluid at the casing to migrate towards the hub under
the influence of the spanwise pressure gradient. This is shown clearly in the oil flow
visualisation photograph ( figure 19 ). Two colour flow visualisation demonstrates that
the spanwise surface flow in the separation bubble has its origin in the cascade inlet
casing boundary layer. Upstream from the separation line the strong component of radial
flow that was evident at the lower Mach numoer is now absent. The total preaure long
contours ( figure 21 ) and the related spanwise loss distribution measured at 104% Cx C
figure 22 ) are almost indistinguishable from those at the lower Mach number implying
that the proportion of the inlet boundary layer fluid that is redistributed across the
passage in the separation bubble is small. The integrated loss over the area of the
traverse remains almost unchanged at 0.044.

'3-D Results : Vane 3. The geometry of the third vane is essentially similar to
that of the second design, differing only in its stacking. An effect of this re-
stacking, which was implemented primarily for mechanical and not aerodynamic reasons, is
shown by the mid-span surface Mach number distribution C figure 4 ). The new
discribution has a 'flat-top' character with a much reduced peak Mach number ( 0.94

i ~I
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compared to 1.00 for vane 2 ) and consequently less diffusion en the back surface of the
blade. The reduced diffusion eliminates the separation that was in evidence in both of
the other vanes at this flow condition. This observation is confirmed by oil flow
visualisation ( figure 23 ). The differences between the flows relating to these two
vanes confirms the need to consider such flows as fully three-dimensional and not simply
as a set of independent two-dimensional flows at different radial stations. Figure 24

shows the total pressure loss contours immediately downstream from the trailing edge (
104% Cx ) which differ from those of figure 15 as a result of the different stacks of
the alternative vanes but in other respects, notably the magnitude and position of the
secondary flow features there is little difference. Figure 25, showing the spanwise
variation of total pressure loss identifies a small radially inward shift of the loss
core that is associated with the casing side passage vortex and the integrated loss over
the traversed area is a little higher than that of vane 2 at 0.047. There is probably
little significance to this apparent loss increase since small positional changes of the
area traversed would be sufficient to account for such a difference. Approximations of
the losses associated with the endwall fluid outside the traversed area lead to an
estimated overall loss of 0.070; a figure which is still significantly less than that of
the datum, constant section vane.

'3-D' Viscous Flow Predictions. The calculations presented here have been generated
using three alternative, three dimensional viscous codes namely those of Moore and Moore
[ 12,28 1, Dawes [ 14 1 and Denton [ 13 ]. The iloore Elliptic Flow Program ( MEFP )
solves the Navier-Stokes equations in three dimensions using a finite volume method [ 28
3. A rectangular grid is adopted which is deformed to fit the boundaries of the
calculation domain. For this study a 58x17x25 grid was used, its size limited by
computer capacity. The Dawes approach is also a Navier-Stokes solver using a finite
volume method to solve three-dimensional, viscous, compressible flow problems [ 14 ].
The Denton method differs by extending a well proven inviscid, three-dimensional time-
marching Euler solver to simulate viscous effects by the use of a distributed body
force. Predictions have been made for all three cascades using the Moore code whereas
only predictions relating to the second vane are available to the author in relition to
the Dawes and Denton codes. The latter predictions were performed by the codes
respective authors at the Whittle Laboratory, Cambridge using a common data set
including the flowfield grid structure and therefore dizect comparisons between the two
are particularly valid. A denser grid ( 90 x15x29 ) has been used than for MEFP and this
must be taken into consideration when assessing the results. Computations using the
Moore code were performed independently by Rolls-Royce plc. All calculations were
performed using inlet free-stream turbulence and wall boundary layers to match the
experimental measurements. Since this study is primarily concerned with the influence of
blade geometry upon the redistribution of the incoming losses and then generation of new
losses the most illuminating description of the flowfield is provided by the predicted
total pressure loss contours at exit from the blade passage. Figure 26 shows the loss
contours predicted by MEFP at 126% Cx for each of the three vane designs at the same,
subsonic exit Mach number ( approx. 0.8 ). This lies between the two measurement planes
adopted for the experimental investigation. For the constant section vane the secondary
flows are clearly underpredicted and as a consequence both the extent of the passage
vortices and the distortion of the blade wake which they induce are underestimated. The
apparent weakness of the passage vortices is reflected in the corresponding mass
averaged spanwise loss distribution ( figure 28 ). A loss peak at 80% span is seen but
no distinct loss core is evident at the hub side of the passage where there is a
continuous spanwise loss increase from the nominally two-dimensional wake through the
endwall fluid to the hub. The mid-span loss is approximately double that recorded
experimentally resulting in a close, albeit possibly fortuitous, agreement between the
predicted overall loss ( 7.5% ) and the measured value ( 7.8% ). In view of the
underprediction of the extent of the secondary flows for the constant section vane it
would be surprising if significant information relating to the redistribution of the
inlet wall fluid were to be obtained from flowfield predictions for three-dimensional
vane designs. In practice, however, the spanvise loss distribution that is presented in
figure 28 reveals that this flowfield is more accurately modelled. In particular the
loss cores associated with the passage vortices are well defined and they match the
measured distribution for vane 2 ( figure 16 ) both in magnitude and position. The
calculation also correctly predicts the much reduced endwall losses arising from the
less severely loaded tips. Overall the integrated loss over the entire passage is 7.01 ,
again a figure which closely matches the wind tunnel measurements despite a mid-span
loss which remains approximately double the measured value. For both cascades the
predicted endwall losses are less than the measured values but, as mentioned previously,
the loss measurements close to the wall may only be treated as approximations whilst the
accuracy of the calculations near the hub and casing is limited by Lhe chosea grid. The
exit flow from the third cascade is also predicted well in termui of the secondary flow
distribution relative to the previous two cascades ( figure 28 ). At the hub side of the
passage the peak lose associated with the passage vortex increases to 10.5Z at 251 span.
The corresponding point of peak loss in the measured distribution occurs closer to the
hub but is, of course, measured in a plane lying closer to the trailing edge. The
measurements suggest that the natural radial migration of the passage vortex loss core
is approximately balanced by the radially inward pressure gradient in this cascade.

Calculations have been performed on the second cascade using all three computational
methods. Figire 27 shows total pressure loss contours immediately downstream from the
trailing edge as predicted by Denton and Dawes. Both methods display passage vortices

m m I
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extending across a greater spanwise distance than is suggested by MEFP and of the three
sets of results it is the Dawes code that generates the most clearly defined vortices.
However, in terms of quantitative losses there is little difference between any of the
methods. It has already been shown that MEFP generates an acceptable loss distribution
across the passage and Dentons results display an even closer resemblance to the
experimental data ( figure 29 ). No equivalent data set from the ruwes calculation was
available to the author.

Blade suction side velocity vectors for this vane have been derived from the three
computational methods ( figure 30 ) and may be compared to the suction side surface oil
flow visualisation for this vane C figure 14 ). MEFP displays only relatively weak
radial velocity components relative to both the flow visualisation and the alternative
predictions although the scale of the vector plots exaggerates the apparent
underestimation. Denton too displays significant radial flows over only the rear half of
the blade surface. By far the strongest near-surface radial velocity components and
those most closely matched to the flow visualisation are generated by the Dawes code.

CONCLUSIONS

It is shown that three-dimensional considerations in the design of low aspect ratio,
transonic nozzle guide vanes allow a significant degree of control over the
redistribution of the total pressure losses associated with the incoming wall boundary
layers and over the generation of new loss within blade passages. The reduction of the
blade loading towards the hub and the tip reduces the cross passage pressure gradients
resulting in reduced loss generation at the endwalls. No significant loss increase is
observed near mid-span where the blade loading is increased relative to the datum to
compensate for the unloaded tips. A further result of the resulting pressure field i6 to
stretch the passage vortices across the span resulting in a more uniform loss
distribution across the passage and in a loss distribution that is largely coincident
with the blade wake. It may therefore be argued that a downstream rotor experiences a
more uniform incident flow across the annulus with high loss fluid spatially confined in
the circumferential direction. Acting in opposition to these benefits is a greater
variation in the nozzle exit flow angle across the span. The overall loss just
downstream from the trailing edge plane is reduced from 7.8% to 6.8% as a result of the
three dimensionality of the second vane in relation to the straight, constant section
geometry of the first, datum vane. The precise stacking of the blade sections of the
three-dimensional design is of less significance in respect of the overall nozzle total
pressure loss although differences are observed in the detailed nature of the flow
resulting from alternative stacks.

Current three-dimensional, viscous flow calculation methods are shown to identify the
secondary flow phenomena that exist in these nozzles. The MEFP code from which the
greatest range of predictions were available demonstrates correct comparitive flowfield
predictions for straight and contoured vanes although the extent and magnitude of the
passage vortices tend to be underestimated. The calculated losses, integrated over the
entire passage closely match the measured results although the relative contributions of
\e losses associated with the nominally two-dimensional wake, the passage vortices and
it endwall differ. Both the Denton and particularly the Dawes predictions provide a

oetter representation of the extent of the flow area over which the inlet loss is
redistributed at exit from the cascade. For these cascades, where a relatively small
proportion of the overall loss is attributed to the inlet flow there is little
difference between the three prediction methods in terms of the loss distribution at
exit from the cascades. The nominal profile loss at mid-span is overestizated by both of
the prediction methods for which these data are available to the au:hnr ( MEFP and
Denton ) although the Denton results are closer to the measurements- however direct
comparisons between the calculations and the measurements for the nominally two-
dimensional mid-span flows may be expected to show such differences because of the
fully turbulent condition assumed during the calculations.

For low aspect ratio, highly three-dimensional nozzles guide vanes such as those
presented in this study there is little doubt that fully three-dimensional, viscous flow
calculations are essential for reliable analysis of the flowfield.
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DISCUSSION

Hah, US

I heard your presentation very interestingly. Experimental data (Fig 6
and Fig 12) show that the vortex system does not decay between 4% and 40%

downstream. However, nimerical results at 26% (Fig 26) show that the
vortex system is completely washed out. Can you present numerical results
at 4% and 40% downstream of the blade?

Author's Reply:

I have presented the loss contours at 26% Cx since this is the only axial
location at which loss contours for all three vanes were available to me.
Given a little time and effort it should be possible to extract the
results corresponding to the measurement planes.

Moustapha, Canada

1. What are the differences between vane 2 and 3 in terms of stackinq?
Did you use any lean for these designs?

2. The reduction in losses due to the "3D design" is relatively small:
were you able to explain with this reduction the measured improvement
in turbine stage efficiency?

Author' s Reply:

1. Although I was not personally involved in the design of these blades,

I understand that both vanes 2 and 3 have a nominal throat stack. The
difference between the vanes derives from deviations from this nominal
stacking which seems to be based on intuition.

2. I'm not sure that I would regard a reduction of NAV loss from 7.8% to
6.8% as small. This improvement is of similar magnitude to the gains
seen in the turbine stage tests.

Langston, USA

Were all three sets of calculations predictions or were they (some or all)
postdictioni? (That is, did the calculators (some or all] see the
experimental results before they performed their calculations?)

Author's Reply:

I believe that all of the calculations were performed with at least some
knowledge of the experimental results. In my experience, true predictions
are rare indeed!

Cheri, Swit zerland

Figs 14 and 19 of the paper revealed a radial flow through the axis of the
separation bubble. Usually, a flow through the core of a vortex, here the
separation bubble, will enhance it due to vortex stretching effect, just
like the longitudinal spiral vortex of a delta wing. Would this radial
flow also energize the swirling moment of the separation bubble and then
make its re-attachment much earlier?

Author's Reply:

It is my belief that the energy associated with the separation bubble and
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crossflow is so small as to be insignificant in terms of the mechanism
that you refer to. The best evidence that I have for this view is a video
of smoke visualization in the "LA" cascade that was presented at the ASME
meeting in Dusseldorf to demonstrate the secondary flows in the cascade.
(see Ref 18)

Moore, USA

1. You presented exit flow angle data for vanes 1 and 2. How did the
exit flow angle vary with vane 3?

2. What turbulence models were used for the calculations with the codes
of Moore, Dawes and Denton?

Author's Reply:

1. The exit flow angle distribution across the span of vane 3 is similar
to that of vane 2 but with slightly increased turning near mid-span
and reduced turning closer to the casing.

2. The calculations using the Moore code used a Prandtl mixing length
turbulence model. I am not sure of the turbulence models that were
adopted by Dawes and Denton.
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SECONDARY FLOW PREDICTIONS FOR A TRANSONIC NOZZLE GUIDE VANE
by

G.C.Horton
Propulsion Department

Royal Aerospace Establishment, Pyestock
Farnborough, Hampshire, England

SUMMARY

To improve turbine efficiency it is necessary to design the blading to control the
flow, including the secondary flow, and hence reduce the losses. A method is therefore
required to predict the three-dimensional flow, with losses, within turbine geometries.
Three-dimensional viscous flow programs offer the capability of doing this.

Such a program (as developed by Dawes) is available at the Royal Aerospace Estab-
lishment, Pyestock. It has been used to analyse the flow through a transonic turbine
nozzle guide vane which has been tested in cascade at Pyestock. The predictions are com-
pared with surface pressure and downstream traverse results to assess the ability of the
program to predict secondary flows and losses in a highly loaded nozzle guide vane opera-
ting at representative engine conditions.

1 INTRODUCTION

To increase turbine efficiency it is necessary to reduce the total pressure losses
within the blading passages. The loss within the nozzle guide vane (ngv) row can in
general be divided into four components; profile loss, secondary loss, trailing edge loss
and, when supersonic flows are present, shock lo3s. The relative importance of each of
these depends on the requirements and design of the particular turbine. Of particular
interest in the context of a high pressure, low aspect ratio turbine is that loss attri-
butable to the secondary flows, the secondary loss.

The nature of the secondary flows is illustrated in Fig 1. The boundary layer which
has formed on the endwall upstream of the turbine separates at a saddle point ahead of
the leading edge and forms the two legs of the horseshoe vortex. One leg sweeps around
the suction surface and is largely dissipated by viscous actions. The other leg sweeps
across the passage to the suction surface of the adjacent blade. As most of the fluid in
the endwall boundary layer is entrained into this leg of the vortex, a new boundary layer
forms on the endwall downstream. This new boundary layer is also swept across the passage
by the blade-to-blade pressure gradient reinforcing the horseshoe vortex and forming the
passage vortex. The formation and subsequent mixing of these flows incur loss, the
secondary loss, and also cause the exit flow distribution to be significantly non-uniform
in the circumferential direction resulting in further losses being generated in down-
stream blade rows.

A variety of techniques for controlling secondary flows and hence reducing second-
ary losses have been investigated by different researchers with some success. These
techniques have included leaning the blade and profiling the endwalll , . In order that
such techniques may be incorporated into future engine designs a method is needed for
accurately predicting the secondary flows and losses and also the effect of changes in
geo, -try on them.

Various methods have been used to predict secondary flows. Rotational inviscid
techniques, such as time marching, have been shown to be capable of predicting these
flows but some features are not modelled well and the methods are not able to give pre-
dictions of losses. Only three-dimensional viscous flow methods offer the likelihood of
accurately modelling the secondary flows and losses. This paper details the modelling
of the flow through a turbine ngv with such a program and the comparison of the results
with experiment.

2 EXPERIMENTAL DETAILS

The gecmetry that was to be analysed was the nozzle guide vane of the RAE High Rim
Speed TurbinO. nis is 4 high wuzk, h9- "lade speed single stage research turbinc
with tr nsonic blading which has been tested with comprehensive aerodynamic instrumenta-
tion in a continuous running cold flow turbine rig. The ngv has also been tested in
annular cascade in a short duration facility, the RAE Isentropic Light Piston Cascade4,
at representative engine Mach numbers and Reynolds numbers. The theoretical modelling
is compared with the resu'ts from these latter measurements

Details of the ngir design are shown in Fig 2. The exit angle varies along the
span with a mid-heiqht .alue of 75 degrees and reducing slightly towards each endwall.
The trailing edge is st ked on a curve to give a concave suction surface to encourage
off-loading of the sections near the endwalls. The design exit Mach number at the hub
was 1.02 but matching problems with the rig resulted in a value of 1.14 being adopted as
the datum for the tests. The ngv ring contains 40 vanes giving a pitch/axial chord ratio
of 1.20 and an aspect ratio (height/true chord) of 0.62. Tests were also performed at
exit Mach numbers of 0.94 and 1.29 and at three different Reynolds numbers at the datum
Mach number. Static pressure measurements were taken on the vanes and endwalls at each
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condition and an area traverse was also performed at a plane one axial chord downstream
of the trailing edge at the datum condition. This area traverse was built up from a
series of circumferential sweeps, each of which was performed during a run of the rig
and took approximately 0.5 second. The total pressures were measured using a three-hole
probe fitted with high response miniature transducers. These measurements constituted
the first use of this mechanism on this rig and the signal/noise ratio was rather lower
than had been hoped for.

The correlations that were used during the design of the turbine gave a profile
loss for the ngv of 0.04. The effect of secondary losses and endwall boundary layers
were modelled at the design stage by further assuming that the loss increased to 0.30
near the endwalls, giving an overall mean loss of 0.08. Until the acquisition of the
Dawes program, no method was available at RAE Pyestock for predicting the three-
dimensional losses of this ngv.

3 THEORETICAL MODELLING

The program that is installed at RAE Pyestock is a three-dimensional viscous time
marching program based on that developed by Dr Dawes of the Whittle Laboratory,
CambridgeD with further development by the author. This program solves the thin shear
layer form of the time dependent Navier Stokes equations for a time-independent solution
using an implicit time marching algorithm. The eddy viscosity is modelled using a three-
layer mixing length formulation based on the method of Baldwin and Lomax6 . Spatial dis-
cretisation is accomplished using a body-fitted H-mesh.

The further development of the program at Pyestock has mainly involved extending
it to include extra options, a principal one being to enable the user to specify the
position of the start and end of laminar-turbulent transition on the blade surfaces.
The endwall boundary layers may also be specified to be laminar or turbulent ahead of
the blade transition locations. The other modifications are chiefly associated with
tailoring the program to the computer system on which it is run at RAE Pyestock and also
some changes have been made to the input and output which do not affect the results of
the computation.

The program is run at RAE Pyestock on a FPS-164 attached processor with 2.5Mwords
of storage. This allows a total of approximately 46000 mesh points which have been dis-
tributed in the following manner in all the computations reported in this paper:

Axial 73 mesh points
Blade-to-blade 25 mesh points
Radial 25 mesh points.

The leading and trailing edges are positioned at axial planes 14 and 63, with the grid
extending 0.55 axial chords upstream of the leading edge and 0.67 downstream of the
trailing edge. The perspective view showing the geometry of the ngv in Fig 2 also
illustrates the intersection of the calculation grid with the blading surfaces. This
also shows the refinement which was applied to the grid near the blade surfaces and end-
walls, and also near the leading and trailing edges. This was to give improved resolu-
tion of the flow details in these important regions and resulted in a radial grid spacing
at the wall of 0.4% of vane height and also a blade-to-blade spacing of 0.4% pitch at the
vane surfaces. The axial grid spacing at the leading and trailing edges was 0.3% axial
chord.

Previous experience of the program had shown that 2000 time steps were needed to
ensure adequate convergence. The criterion for adequate convergence was that the mass
flow should be conserved to within 1.0% of inlet flow throughout the flow field and that
the other properties, such as total pressure loss, should be varying only slowly with
time step number. The results being reported are all taken at 2000 tii.e steps, at which
point the mass flow was conserved to within 0.28% of inlet flow for the datum case. One
run was continued to 3000 time steps to examine the effect of doing so on the solution.
Only minimal changes were seen leading to confidence that 2000 time steps were indeed
adequate for convergence to be obtained. The program was run with the artificial visco-
sity factors reduced to half the value recommended by the author of the program as
experience had shown that this did not affect the stability 9f the program and that the
predictions of secondary flows were enhanced by doing so.

RESULTS

The mid-height distributions of isentropic Mach number of the vane surfaces are
compared with the experimental values in Fig 3 for the three different exit Mach numbers,
all at the design Reynolds number. The results on the pressure surface are excellent at
all three conditions. At the low Mach number condition the suction surface Mach number
is slightly overpredicted for much of the vane chord, though the results downstream of
70% axial chord are in very good agreement with the experiment. The slight overpredic-
tion of the Mach number over the first 50% of chord is also evident at the other two
conditions. However, downstream of mid-chord the differences between experiment and
prediction are more marked with the analysis failing to correctly capture the overexpan-
sion and recompression that is seen in the experiment where the trailing edge shock
impinges on the suction surface at the hieher Mach number conditions. This is probably
associated with poor modelling of the trailing edge base region and would be improved
with an increase in the number of mesh points used to model the trailing edge qeometry.
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The plots at 5% and 95% vane height show generally similar results. The over
expansion/recompression at about 65% axial chord in the experimental results at 5%
height is probably due to the effect of the passage vortex impinging on the suction sur-
face at this point. There is some indication that the program has picked up this feature
at the design Mach number condition though it appears to be about 10% axial chord further
downstream than in the experiment. There is no indication that the feature is modelled
at the other flow conditions.

The predicted velocities near the outer endwall, as illustrated in Fig 4 show the
saddle point ahead of the leading edge and the crossflow in the passage corresponding to
the formation of the passage vortex. For clarit,, the vectors on some of the grid lines
have been omitted from this Figure. The relatively low crossflow is due to the design
philosophy of the vane; as it is rear-loaded near the endwalls the cross-passage pressure
gradient which drives the secondary flows is only small. The velocities near the suction
surface (Fig 5) show the manner in which the passage vortices impinge the suction surface
at approximately 50% axial chord followed by a region of strong spanwise flow away from
the endwalls.

The development of the total pressure loss contours along the vane passage for the
design Mach number, design Reynolds number condition is illustrated in Fig 6. The effect
of the sweeping of the endwall boundary layer across the passage by the blade-to-blade
pressure gradient can be seen in the plane at 40% axial chord as a thickening of the end-
wall boundary layer towards the suction surface side of the passage. Two loss cores can
be seen to be beginning to form in the suction surface -endwall corners. These loss
cores then grow and move along the suction surface away from the endwalls and by the
plane at 95% chord they have almost merged with the thick mid-height suction surface
boundary layer. The endwall and pressure surface boundary layers have also grown con-
siderably by this plane.

Fig 7 shows the secondary velocity vectors on the same planes. The secondary velo-
cities are defined here as the absolute velocity minus the component parallel to the
'quasi-streamlines' which form part of the calculation grid. The flow across the end-
walls and up the suction surface can be seen to develop through the passage, though this
flow is confined to a thin layer next to the solid surfaces with various vortices outside
this layer.

A photograph of some oil dot flow visualisation is shown in Fig 8 together with a
simi2ar view of the geometry on which the predicted near-surface velocities are shown.
The region near the outer endwall that has been affected by the secondary flow can be
cleazly seen and corresponds well to the region bounded by the secondary flows in the
predi.tion.

The zircumferential variation of total pressure at the downstream plane is shown
for two d.fferent heights in Fig 9 together with the relevant circumferential sweeps from
the expe':iment. The prediction and experiment are shown at slightly different axial
positions (0.67 axial chord downstream of the trailing edge for the prediction compared
with 1.0 axial chord for the experiment) so they have been aligned by lining up the
position of the minimum in each set. The levels of total pressure (and hence loss) match
up well, particularly at the 25% height location. The wake appears to be wider in the
experiment than in the prediction; this is not altogether surprising as the experimental
results are from further downstream than the prediction and some mixing-out of the wake
would be expected between the two axial locations. Such good agreement is not apparent
in the comparison at 50% height, in particular the wake is very smeared in the experiment
but is still well defined in the prediction. The maximum and minimum levels still agree
quite well however which is encouraging with regard to the ability of the program to
successfully predict the losses. The full set of circumferential sweeps has been com-
bined into an area traverse and the results plotted as contours of total presst!e in
Fig 10 together with a similar plot from the prediction. Because of the design of the
traverse probe it was not possible to obtain readings near the endwalls and this is ref-
lected in the blank areas near the walls in the experimental plot. Unfortunately a high
degree of noise was evident in the experimental measurements so some regions have been
shaded in both plots to allow easier comparison between prediction and experiment. The
general shape and width of the wake is modelled quite well though the experiment shows
the highest loss regions near the endwalls whereas the prediction shows the highest loss
near mid-height. The large regions of low total pressure on the extreme right-hand side
of the experimental results are due to the measurement technique rather than real regions
of high loss. Overall the levels of total pressure have been modelled very well. Fig 11
shows a comparison of the radial variation of circumferentially averaged total prpqqlre
between prediction and experiment. The predicted peaks of total pressure just outside
the endwall boundary layers are probably caused by freestream fluid being swept into the
suction surface/endwall corner region to replace the boundary layer which has been swept
onto the vane surface by the secondary flow. The very high level of these peaks suggests
that there is also probably some numerical error in this region. The prediction and
experiment are in good agreement in the mid-height region of the vane but the experimental
values .end to reduce near the endwalls whereas the prediction does not. In fact the pre-
dicteu distribution does not exhibit the expected regions of secondary loss near the end-
walls. It is believed that this is due to the low aspect ratio nature of the design
having resulted in the losses being spread out across the span of the vane. These com-
parisons of predicted and experimental total pressure measurements suggest that the pro-
gram could be used to give predictions of loss during the design of a new turbine with
a reasonable degree of confidence.
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The total pressure loss at mid-height is predicted to be 0.075 with the secondary
loss being 0.003. These give an overall loss of 0.078. These comparn wl.th the values
derived from the correlations at the design phase of 0.040 (mid-height) and 0.080 overall.
The analysis predicts a significantly higher mid-height loss than had been assumed with
a similar reduction in secondary loss. It is clearly important to be able to predict the
radial distribution of loss at the design stage, and this prediction method evidently has
the potential to do so.

5 CONCLUSIONS

A three-dimensional viscous flow program has been applied to the calculation of the
flow through a transonic nozzle guide vane geometry. Good agreement has been obtained
with experimental isentropic Mach number distributions at three different conditions,
though it appears that an insufficient number of mesh points were used near the trailing
edge to successfully capture a shock which appears there in the experiment. The predic-
tions of secondary flows show the development of the features found in experimental flows
along the vane passage and a comparison of the predicted total pressures with those from
a downstream area traverse suggests that the program could be used to give predictions of
loss as part of a turbine design process.
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DISCUSSION

Sieverding, Belgium

Referring to Figure 9, could you explain the non-periodicity of the

measurements? What type of probe did you use?

Author's Reply:

The probe used for these measurements was a three hole probe with small
Kulite transducers mounted near the probe tip. Some more recent
measurements have been performed with the transducers mounted further from
the probe tip and the probe closer to the blade trailing edge. These
measurements have shown better, more periodic definition of the blade
wakes so it appears that the lack of periodicity in the experimental
results presented is due to a form of noise associated with the probe
design and placement.

Servaty, Germany

You have used an H-type grid with great distortions at leading and
trailing edge.

1. Is there a special treatment concerning these points in the numerical
algorithm?

2. Did you consider using an 0-type grid?

Author's Reply:

1. No special treatment is used in these regions. A periodic boundary
condition is applied upstream of the leading edge and downstream of
the trailing edge with a solid surface boundary condition applied
between the two.

2. The program was originally developed by Dr Dawes with the current
H-grid. It would be interesting to try it on an 0-grid but time has
not permitted this yet.

Hansen, USA

You attribute the discrepancy between experiment and prediction to
inadequate computational grid spacing for accurate shock capturing. What
change in grid spacing would be required for the requisite shock
capturing?

Author's Reply:

Some previous computations using a two-dimensional version of the program
on a similar Ngv geometry had shown adequate shock capturing with about
120 axia1. gr.id- points.* T111s calculation used about VO grid pointe to model
the trailing edge. I would estimate that this number of grid points would
be adequate for shock capturing in the 3-D program.
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SECONDARY FLOW IN A TURBINE GUIDE VANE WITH LOW ASPECT RATIO

by

D. Wegener, J. Quest and W. Hoffmann
DLR - Institut fUr Antriebstechnik

Linder HWhe, 5000 K61n 90, West-Germany

ABSTRACT

The flow field of an annular turbine cascade with low aspect ratio (0.6) is
investigated by means of experiments and numerical calculations. An advanced computer
code was applied to solve the three dimensional Reynolds averaged Navier-Stokes
equations. Detailed measurements with 5-hole probes and an advanced Laser-Two-Focus
velocimeter (L2F) were carried out to evaluate the numerical solution of the flow field.
Flow visualizations on the endwalls and on the blade surfaces complement the
experimental data and help to understand the secondary flow phenomena.

The results show that this 3D-NS-calculation is an efficient tool to predict complex
secondary flow phenomena.

SYMBOLS

c velocity Subscripts

Cq absolute velocity
2 2 0.5

c 2 0u  ax axial direction

H blac ight loc local value

1 ax* o-v.rd length (midspan) pr primary flow

m mass '-w rate sec secondary flow

mred reduc/ mass flow rate t total
= 0.5 = -1(Tt0) P(p) u pitchwise direction

Ma Mach number 0 upstream conditions

p pressure 1, 2, 3, 4 measuring planes (Fig. 3)

R radius, spanwise coordinate

T temperature

Tu turbulence level Superscripts

x axial coordinate

flow angle with respect to (-) pitchwise averaged value
pitchwise direction (=) average over the entire

total pressure loss coefficient measuring plane

(Pto - pt4,loc) / (Pto - P4) 1oo %

INTRODUCTION

The requirements for high performance and high efficiency turbomachines necessitate an
optimization of all turbomachinery components. In the case of turbines it is well known
that secondary flows are significantly influencing the loss generation inside the
rotating and stationary blade channels (abnut 30 - 50 %). In addition to that these
effects are influencing the deflection and the heat transfer at the blade surfaces /1,
2/. Therefore detailed knowledge about turbine secondary flows is a prerequisite for a
further improvement of todays turbine efficiencies. One important tool for under-
standing and predicting secondary flows are the solutions of three dimensional Navier-
Stokes calculations (3D-NS) for compressible flow. Experimental investigations can help
to verify the calculated flow fie'ld at Inrations of interest.

An advanced 3D-NS-Code developed by Dawes /3/ was applied to detailed flow studies
in a subsonic turbine guide vaile with low aspect ratio. The flow field was also
investigated with conventional probes and advanced L2F-velocimeter in four planes which
has been selected identically to the calculation grid geometry. Detailed comparisons
between measured and calculated data were carried out.

TEST RIG AND INSTRUMENTATION

Fig.l illustrates the test rig geometry and the arrangement of the measuring planes.
The test rig is an annular turbine cascade with a tip-diameter of 400 mm and a hub-to-
tip ratio of 0.79. It is supplied with cold air from a distant compressor station. The
maximum total pressure is 2.0 bar and maximum total inlet temperature is 315 K. The
operation point is settled by measuring the mass flow rate, the total pressure and the
total temperature upstream of the stator.
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The results of detailed
investigations show that the inlet
flow of the stator is uniform (at
plane 0) /4, 5/. The flow
direction is axial and the spanwise
total pressure distribution is

TEST RI6 AND INSTRUMENTATION- constant between 5% and 95% blade
height. The pitchwise traversing

PLANE 0 4 5 6 of a total pressure probe shows a
L2F nearly constant pitchwise total

d4 pressure distribution at hub,...."" : ' :''; ' '''' " ': i , : ° Imidspan and tip. The conventional
.'- ':.<'. .- : , 400 am p r ob e s u sed in th e te st r ig a re

" :!:' "'£ Imounted in computer controlled

* mounted probes actuators which allow spanwise and
pitchwise traversing in the

, 7/7//7777I'/ 7 measuring planes 4, 5 and 6.
S1 226 , 1 The L2F-velocimeter developed

0315mm at DLR /6/ was applied for detailed

PROBES :flow field investigations inside of
the stator. The L2F-velocimeter

4-TOTAL TEMPERATURE- 9 4-i was mounted on a table which is
driven by actuators for axial and

,-TTAL PRESSURE -- spanwise traversing. Pitchwise
1-5-HOLE *- - traversing is achieved by turning

the stator hub. Flow measurements
are possible -with natural seeding,
however to shorten the measuring

Fig. 1: Test rig and instrumentation of time seeding has been applied which
turbine annular cascade was especially useful close to the

walls where the boundary layers are
developing.

The flow patterns on the surfaces of the blades, the hub and the casing are also
investigated by means of the oil tracing technique. Good results have been achieved by
using a mixture of oil (SHELL T 220), titanium dioxyd powder and a little of oleic acid.

Fig. 2 shows the performance map of the stator as a result of overall tests with
conventional probes in plane 4 /7/. The reduced mass flow rate and the total pressure
loss coefficient are plotted as a function of the outlet Mach number Ma The data of
Table 1 are representing the operating point for which the measurements Ind calculation
to be presented were carried out. Measurement accuracy is illustrated in Table 2.

Table 1: Characteristic data for
operating point OP (Fig. 2)

-PERFORMANCE MAP
inlet Mach number 0.18
outlet Mach number 0.74

70 total pressure (inlet) 1.7090 bar
red 60 total temperature (inlet) 299.6 K

'9' 50 inlet flow angle 90.0 0
-40 outlet flow angle 20.1 0

30 - mass flow rate 5.7 kg/s
20 Reynolds number (based on 1 1.0 x 106

02 04 06 0.8 1O inlet turbulence intensity 4.4 %

Ma L

7 r OP Table 2: Measurement accuracy

T - flow angle absolute + 0.250; .L J... t...i(5-hole) reproducible + 0.25 0

0.2 0.4 0.6 08 1.0 IL2F) reproducible + 0.1 0

t404  pressure absolute + 0.1 mbar
temperature static + 0.5 K

dynamic + 0.5 K
Fig. 2: Performance map of stator velocity (L2F) relative < + 1.0 %

(OP =operating point) (depending on Tu-level)
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NUMERICAL PROCEDURE

The 3D-viscous stator flow is simulated by the
_solution of the Reynolds averaged Navier-Stokes

equations. Fig. 3 shows the mesh structure in the
CALCULATION GRID meridional plane and on an axis symmetric blade-

to-blade surface. Due to the boundary layers the
MEASURING PLANES 1 23 4 grid points are

clustered to both endwalls as well as on the blade
TIP surfaces. The locations of the four measuring

planes that fit exactly into the mesh geometry are
also indicated. Planes 1 and 2 (inside the stator)
are located at x/l = 81 % and 95 %. Planes 3 and
4 are located dowRstream of the stator and their

HUB axial positions are x/l 111 % and 140 %.
This 3D-NS-Code haF an option for using the

LE TE FAS-multigrid technique to force convergence. For
this turbine case, however, a faster convergence
is obtained without using the multigrid option

SPANWISE 29 which is due to the strong sustained acceleration

BLADETOBLADE 294 in the blade passage. A converged solution of the
BLADE 93 stator flow field with a total grid point number

of about 78000 needs 3000 timesteps. This

X-MP (6.9 x 10 sec/ grid point/ time step). The
input for the 3D-calculation is taken from
detailed measurements and consists of the spanwise
distributions of total pressure, total temperature
and flow angles at the inlet (plane 0) and of the
static pressure at the stator exit (plane 4). The
output of the 3D-NS-Code is a large dataset
containing information about the velocity
components, densities, static pressures at the
centers of all volume elements. This makes it
necessary to have sophisticated graphic software
for a time saving post processing. Such a graphic

Fig. 3: Mesh geometry and tool for flow field visualization, running on a
locations of measuring mainframe computer, was developed at the Institute
planes for Propulsion Technology of DLR /8/.

Fig. 4 shows a comparison
between the isentropic blade

BLADE SURFACE MACH NUMBER surface Mach number at midspan
taken from the calcula':ion and the
measurement (triangle). This Mach

1.0 number is calculated from the mean
total pressure at the inlet and

0.8 from the static pressure
Ma distribution along the blade

O 6 surfaces. The static pressure
measurements at the blade surfaces

0.4 'were carried out for a plane
turbine cascade with the identical

0.2 •blade shape at the AVA (DLR) /9/.
The agreement between the

0 calculated distribution and the

-50 0 50 100 150 measured values is very good. The
small wiggles at the leading edge

X/IM ) (LE) are probably due to the
non-uniform spacing of the mesh in

(MEASUREMENTS TAKEN FROM AVA-DLR,/9/) axial direction. The same is due
to the varying outlet Mach number
between x/im = 100 % and 150 %. A
further optimization of the mesh

Fig. 4: Isentropic blade surface Mach geometry should provide better
number at mldspan results but has not been carried

out yet.

COMPARISION BETWEEN MEASURED AND CALCULATED DATA

The reliability of the 3D-NS-code was checked by a comparison between measured and
calculated data before its results were used for a detailed flow field analysis. Fig. 5
and 6 show comparisons between calculated and measured spanwise distributions of axial
and circumferential velocities for planes 1 - 4. Planes 1 and 2 are located in the
bladed area close to the stator trailing edge (Fig. 3), whereas planes 3 and 4 are
already located downstream of the trailing edge. The spanwise distributions are
achieved by pitchwise area-averaging the local values at a given radius /10/.
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A very good agreement between
.SPANWISE DISTRIBUTIONS OF AXIAL AND CIRCUMFERENTIAL VELOCITIES the calculated and measured

distributions is obtained in planes
PLANE I PLANE2 1 and 2. Only at the endwalls, i.

300 300 e. at hub and tip, the calculated
Cu values deviate from the measured

-- ones. Fig. 6 shows on the left-
CChand side the spanwise dis-

Ci 200 ',. Ci 200 tributions in plane 3. The agree-
(m/s) (m/s) ment is good except the calculated

4 4peaks at hub and tip which are
Cox I higher compared to those in plane 1

100 -M 100 I and 2. On the right-hand side of
1 -Fig. 6 the calculated distributions

I in plane 4 are compared with those
- 30-NS taken from the L2F-measurements and
o L2F in addition taken from the 5-hole-

0 0 probe measurements. The measured
0 50 100 0 50 100 distributions agree well which

- RIH (%) -W R/H (N) proves the reliability of the used
instrumentation.

Fig. 5: Spanwise distributions in planes 1, 2 The calculated distributions of
the axial velocity correspond well
with the measured ones. The fact

SPANWISE DISTRIBUTIONS OF AXIAL AND CIRCUMFERENIIAL VELOCITIES that the axial velocity is pre-
dicted well by the calculation is

PLANE 3 PLANE 4 supported by the comparison of the
300 300 total mass flow rate through the

/q Tt iucascade. Measurements with a mass
Sftflow orifice show a deviation less
C_ C- ithan 3 % when compared to the cal-200 200 culated flow rate. The circum-

(m/s) (m/s) ferential velocity distribution
I agrees well from 25 % to 75 % bladet 0  - height. In the endwall regions the

100 10Cox Cox calculated values differ much from-0 t__ the measured data.

S-H I__ Fig. 7 shows the local distri-
- 3PS F 5-HOLE butions of the absolute velocity in
o L2F 0 PROBE plane 4 which is defined here as

0 50 100 0 50 100 the vector sum of the axial and
- R/H () - RIH , circumferential velocity. The

velocity distributions of one
spacing are doubled for better

Fig. 6: Spanwise distributions in planes 3, 4 illustration. The upper and middle
plots show the distributions taken

ABSOLUTE VELOCITY Cq (m/s) IN PLANE 4 from the L2F-measurements and
5-hole-probe measurements. The

190 210 200 measured data are in good agree-
'ment. Comparing these dis-

lip tributions to the calculated data
23 shown at the bottom of the figure
240 L2F one can realize striking dif-

S 240 * LF"E ferences. The clear shape of two
250MEASURED ake regions is remarkable and

proves that the calculation
7HUB predicts losses too high caused by

the trailing edge. Except these
. .. 200 wake regions the calculated

TIP velocities fit well to the measured
5-MOLE ones in the main flow. At the tip

- .the code predicts remarkably high
240 , PROBE velocities up to 230 m/s that are
2 MEASURED obviously responsible for the peaks

N,,k 0 ;--in the spanwise distribution of the

SHUB circumferential veloc.ty in Fig.6.

230 220 210 Looking at the mesh given in
Fi 31 it should be noted that in

TIP thisapplication the insufficiently
large stretching of the mesh

30-NS supports the transport and growth
CALCULATED of numerical errors that are

250 CALCU(A/E dominant at the trailing edge.

HUB

Fig. 7: Distribution of absolute velocity
in plane 4
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SECONDARY FLOW ANALYSIS

An overview of basic aspects of secondary flows in turbine blade passages is given
in /2/. The development of secondary flow through a blade passage is described in the
following secondary flow model /11/. The inlet boundary layer separates near the
leading edge and forms a leading edge vortex also called horseshoe vortex with two legs,
i.e. a pressure side leg and a suction side leg. The pressure side leg seems to be
responsible for a fluid motion from pressure side to suction side at the endwall within
the blade passage. The passage vortex which forms independently from the leading edge
vortex due to the deflected inlet boundary layer (see passage vortex in curved ducts)
turns in the same sense as the pressure side leg of the leading edge vortex. A detailed
investigation of the formation of these two vortices is given in /12/ and shows that
these vortices cannot continue to exist separately next to each other. They will
combine to form a single vortex which is called passage vortex in the following. The
suction side leg of the leading edge vortex turns in the opposite sense to the passage
vortex and is much smaller. It remains in the suction surface-endwall corner due to the
radial and transverse pressure gradients and may be dissipated by viscosity.

The identification of vortices
in a three dimensional flow field

FLOW ANGLE ANALYSIS (BINOER.131) can be achieved in different ways.
Considering the experimental data

0) obtained from 5-hole probe
measurements and L2F-measurements

FLOW it is possible to identify vortices
.-- DAIEON by analysing the flow angle

DIRECTION distributions in the measuring

planes /13/. Fig. 8a shows a
CC typical turbine blade-to-blade

section. The measuring plane is
perpendicular to the machine axis
and the secondary flows are defined

q-, to be perpendicular to the main

Cpr MEASURING PLANE flow direction. In a plane
perpendicular to the main flow

b) c) direction a cylindrical vortex
Csec Y consisting of a solid body vortex

1 I1 and a potential vortex part (Fig

POTENTIAL 8b) is associated with an isccline
VORTEX t<0 pattern shown in Fig. 8c. This

pattern results from overlapping a
SOLID -- !, ,0 system of parallel isoclines and a

system of circles touching each
BODY R _X other in the vortex centre. In
VORTEX general measurements are carried

out in planes that aren't per-
Ad L.0 pendicular to the main flow direc-

tion. So the isocline pattern has
a different shape in this plane,
i. e. the isoclines are parallel
to each other in the solid body

Fig. 8: Identification of a vortex vortex area and are of elliptical
by flow angle analysis shape in the potential vortex area.

Fig. 9 shows the calculated and
measured flow angles in plane 1.
The L2F-measurement data were taken

FLOW ANGLE 0() IN PLANE 1 for this comparison. The corres-
pondence between the two isocline
patterns is very good. They
indicate two passage vortices at

PASSAGE VORTEX hub and tip. Their sense of
rotation is given by the direc-
tional markers. Due to the radial

TIP leaning of the blades measurements
312251were not possible in region "A"

near pressure side. The minimum

measurement distance from the
....8 endwa1s was 2.1 m which corres-

30 ponds to 5 % blade height. Since
PS the L2F-system works in a back-

SS HUB scattering mode a closer approach
to the hub wall was not possible
because of the high reflexions

LM_F 30-N although the surface was coloured
MEASURED CALCULATED black. At the endwalls it is in

addition difficult to seed the flow
streamlines with particles. High
components of radial velocities
prevent he use of the two-

Fig. 9: Distribution of flow angle in dimensional L2F- velocimeter in
plane 1 (isoclines) region "B" near suction side.
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Fig. 10 illustrates calculated
FLOW PATTERN ON SUCTION SURFACE and measured flow patterns on the

suction surface. The calculated
flow field shows two regions of
high radial velocities at hub and
tip at the rear part of the blade
surface. The region at the hub is

___________ smaller than that at the tip which
-.-. 30-NS is due to the radial pressure

- CALCULATED gradient. The picture below taken
--~ by an oil tracing technique shows

also two regions of strong radial
i HUB velocity components. But the

LE 7E extensions of these areas are
different when compared to the
calculated regions. The
wedge-shaped area of tracing lines
on the lower part of the surface is

lIP caused by a big particle and
doesn't represent the real flow
field. The calculated and measured

OIL FLOW flow fields on the pressure side
VISUALIZED correspond well to each other and

do not show remarkable radial
HUB velocity components.

The oil tracing technique at
hub (Fig. 10) shows a saddle point

r. fl, near leadi g edge and the shapes of
LE TE two endwall separation lines

belonging to the legs of a weak
leading edge vortex. The vector

Fig. 10: Flow pattern on suction surface plot of the calculated flow field
of guide vane at hub indicates also the existence

of a suction side leg of the
leading edge vortex which

FLOW ANGLE -4 IIN PLANE 3 dissipates at about x/l = 40 %.
The development of the pressure

PRESSURE SUCTION side leg of the leading edge vortex
SIDE SIDE is difficult to analyze. Up to now

17 15 13 / 17 15 13 neither the calculation nor the
TIP J TIP measurements give detailed

information about its development.
This seems to be due to the thin

1 120 2 inlet boundary layer generating
1 only a weak leading edge vortex

19 2Z 2Z which is believed to attribute only
23 .23 a small rate to the overall

HUB HUB secondary flow loss production.

PASSAGE VORTEX Fig. 11 shows the flow angles
calculated and measu:ed by the

L2F 30-NS L2F-velocimeter in plane 3. The

MEASURED CALCULATED agreement between both
distributions is quite good. The
two systems of parallel isoclines

Fig. 11: Distribution of flow angle in at hub and tip indicate the two
plane 3 (isoclines) passage vortices already known from

plane 1 (Fig. 9).

FLOW ANGLE I') IN PLANE 4 Fig. 12 illustrates the

comparison of the calculated and
PRESSURE SUCTION the by 5-hole probes measured flow

SlOE SIDE angles in plane 4. They agree
\ 15 13 / 15 13 quite well except in the main flow
7 T  TIP TIP region. But the two passage

17 17 vortices again can be clearly
.o 19 19 21 identified by the isocline

19 _.__.. 19 0'paLLeLhis. The existence of these

20! 2 vortices in plane 4 has been
2'.\- 2201- additionally proved by
22. .25 2 2 25 L2F-measurements.

HUB HUB

PASSAGE VORTEX

5-HOLE PROBE 30-NS

MEASURED CALCULATED

Fig. 12: Distribution of flow angle in
planc 4 (isoclines)
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Fig. 13 shows the loss dis-
TOTAL PRESSURE LOSS COEFFICIENT tribUoTin plane 4. The 3D-NS

(%) IN PLANE 4 calculated total pressure loss
coefficient is plotted against the

0) results based on 5-hole-probe
1measurements.

In Fig. 13a high losses are
T.- TIP concentrated to the wake regions of

the turbine guide vanes. These are
inclined to the radial direction

5-HOLE due to the spanwise distribution of
PROBE flow angle and due to the different

axial distances between the
trailing edge and the measuring

SMEASURE plane (axial leaning of trailing
edge). High loss regions of 12 %
and 16 % are caused by secondary

b) flows.
The calculated distribution in

05 AFig. 13b differs much from the
measured one. A large region of

TIP very high losses (16 %) is
predicted. The measurements are

3N showing much lower losses in these
areas. The present work is
concentrated to check the influence
of the computational grid on
calculated results. It has to be
pointed out that the presented

CALCULATED calculations are based on a not
adapted grid which might cause
uncertainities in predicted losses.

Fig. 13: Distribution of total pressure
loss coefficient in plane 4

CONCLUSIONS

The comp, "isons between measured and calculated flow field data resulted in an
overall good agreement and contributed to a better understanding of the flow phenomena
in this annular turbine cascade with low aspect ratio. Additionally these comparisons
have shown that a further improvement of calculated results seems to be possible by
using a modified mesh structure. The following aspects were found:

1) The secondary flows in this blade passage consist of two passage vortices at hub
and tip. Due to the thin inlet boundary layer the leading edge vortices are weak.
The suction side leg of this vortex at hub dissipates at about x/l = 40 % while
the development of the pressure side leg cannot be described up to new.

2) The applied 3D-NS-code is able to predict the secondary flow phenomena in the blade
passage. But for detailed numerical flow studies a much finer mesh is necessary.

3) The correspondence between meaz'red and calculated velocities is already quite
good. only the predicted velocities near hub and tip are too high which probably
will be improved by using the finer mesh structure.

4) The loss prediction is not satisfying yet, an improvement seems also to be possible
by optimizing the mesh geometry at the trailing edge and in the downstream region.
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DISCUSSION

Howard, UK

1. The comparison of losses at plane 4 suggests that in the experiment

the wake is mixing out faster than in the prediction.

2. Have comparisons at other axial planes been made to study the wake
mixing experiment compared to prediction?

Author's Reply:

Five hole probe measurements in planes 4, 5 and 6 show that the wake is
totally mixed out in plane 6, i.e., at about two axial chord lengths
behind stator exit. The numerical approach is based on a mesh given in
Fig 3 which has downstream only an axial extension of 2/3 of axial chord
length. I believe that the short downstream mesh is responsible for this
different mixing out behavior.

Adamczyk, USA

Did you attempt to incorporate a transition model in you numerical
simulation?

Author's Reply:

No, I don't. Our numerical approach is based on the unchanged 3D-NS-code
we applied from Prof Dawes.



10-1

MEASUREMENT OF THE FLOW FIELD IN THE BLADE PASSAGE
AND SIDE-WALL REGION OF A PLANE TURBINE CASCADE

E. Detemple-Laake

Deutsche Forschungsanstalt
fOr Luff- und Raumfahrt e.V.

Institut fOr Experimentelle Strdmungsmechanik
Bunsenstr. 10

D-3400 Gdttlngen
F. R. Germany

SUMMARY

The transonic flow through a plane cascade consisting of profiles designed for a highly loaded
gas turbine rotor of a high pressure stage is investigated. The experiments presented here are part of
an entire test program performed in a special wind tunnel at the DLR. This paper describes the meas-
urements of the side-wall pressure distribution In a blade passage. The parameters varied are the inlet
flow angle and the downstream Isentropic Mach number. Based on the results of schlie,-en photographs
of the flow field and surface oil flow patterns on the blades and the side-wall the experimental results
are interpreted.

NOMENCLATURE

M2s Isentropic Mach number of the cascade exit flow

# Inlet flow angle

p,,0  side-wall pressure

Pti total pressure of the Inlet flow

x coordinate normal to the cascade outlet plane

y coordinate parallel to the cascade outlet plane

I4 axial profile chord

t blade pitch

q viewing angle

INTRODUCTION

In the plane cascade wind tunnel EGG of the DLR Gbttingen various measurement techniques are
used to investigate transonic flow fields within plane cascades. On the one hand the development of the
flow field resulting from the shock wave boundary layer interaction is studied, on the other hand the
development of the flow field along the blade from the middle of the passage to the side-wall is studied.

A sequence of joint Investigations of a highly loaded turbine cascade consisting of profiles
designed hy MTU was performed by the DLR inettute! for Exp.crIrcntal Fluid M,, echlanics Gttinge, an.d
MTU MOnchen. The measurement techniques used comprise: surface pressure measurements, trailing
edge wake traverse measurements, schlieren visualization (Dietrichs et al. (Ref.1)), infrared image
technique, surface oil flow visualization (Braunling et al. (Ref.2)), heated thin-film measurements (Kost
et al. (Ref. 3)).

The main objective of the present investigations is to extend this existing knowledge of the flow
field within the blade passage to the flow phenomena resulting from side-wall effects and three dimen-
sional separation. A systematic experimental investigation of the side-wall pressure has been performed
with four differe,- inlet flow angles f = 1200, 1400, 1500, 1550 at various downstream Mach numbers in
the range 0.8 g M2 !- 1.3. The experimental results are interpreted with respect to the existing flow
models describing secondary flow effects (Sieverding (Ref.4)) and shock-wave boundary layer inter-
actions (Delery and Marvin (Ref.5)).
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EXPERIMENTAL METHODS

The experiments were carried out in a plane cascade wind tunnel of the DLR GLttingen (Fig. 1).
The test facility is described by Heinemann (Ref.6). The wind tunnel is a suction type tunnel with an open
circuit which operates intermittently or continuously. The testing time is about 50 seconds for high Mach
numbers (M - 1.3), for lower Mach numbers the wind tunnel operates continuously. Figure 2 shows a
typical arrangement of the test se-tion. The test section can accomodate 8-12 blades of high deflection
geometry and about 20 blades of low deflection geometry. The blade chord length is 60 mm, the blade
height is 125 mm. The blades are fabricated in brass.

The side-wall pressures were measured In one passage by use of two exchangable side-walls
with 170 and 196 pressure tappings, respectively. Figure 3 shows the configuration of the pressure tap-
pings of 0.4 mm diameter in 5x5mm grids. The flow field in the midspan is visualized by schlieren
technique. The schlieren optic is arranged conventionally. The surface oil flow pictures were taken by
coating the blade and side-wall surfaces with a mixture of titanium dioxide powder and baby oil. An
overview of the visualization techniques is given among others by Merzkirch (Ref. 7).

EXPERIMENTAL RESULTS AND CONCLUSIONS

The experiments were carried out with a plane cascade consisting of profiles designed for a highly
loaded gas turbine rotor of a high pressure stage. The cascade was designed for 1300 inlet flow angle
with respect to axial direction. The test program comprised the variation of the isentropic downstream
Mach number M2s (based on the pressure in the test chamber) and the inlet flow angle fl. The side-wall
pressures (Fig. 3) have been measured at seven Mach numbers in the range 0.8 _< M 2s < 1.3 with four
inlet flow angles fl = 1200, 140*, 1500, 1550. The presentation of experimental results is mainly confined
to the flow fields for fl = 1200 at M2s = 0.9, 1.0, 1.25.

Figure 4 illustrates the development of the midspan flow field with increasing Mach number in the
case of negative incidence. In the subsonic case, M 2s = 0.9, the flow is strongly accelerated along the
suction side. As a result of the expansion of the flow down to the throat local supersonic regions develop
- indicated by the weak compression fans - which are terminated by a normal shock. The wake consists
of the boundary layers coming from the pressure side and suction side forming a vortex street. At the
leading edge the pressure side separation and the local expansion region in suction side direction are
revealed. Profile pressure distributions (Ref.1) and oil flow patterns (Fig. 5) show a laminar separation
bubble on the suction side which is not visible in the schlieren picture. With increasing Mach number a
trailing edge shock occurs at M 2s = 1.0. With further increase of the Mach number the trailing edge
shock becomes stronger and more oblique. At M2s = 1.25 a typical transonic flow pattern for plane
cascades develops. Trailing edge shocks are formed in the near wake. The right shock is deflected by
the upper wake. The left shock is reflected at the lower suction side as a sequence of compression-ex-
pansion-compression waves due to the wedge-shaped thickened boundary layer. The laminar boundary
layer has lifted due to the adverse pressure gradient and a separation bubble has developed. Finally
at M2s = 1.3 the flow is fully separated and no reattachment occurs. Detailed explanations of the flow
structures in the cascade investigated are given in Ref.1 and Ref.2.

The associated flow structures on the blade suction side and on the side-wall are shown in
Figures 5 and 6. In the case of negative incidence for all Mach numbers separation bubbles exist on the
suction side, here clearly revealed by the blade surface oil flow patterns.

Figure 5 shows a subsonic case. The rolling up of the side-wall boundary layer in front of a blade
into the leading edge horseshoe vortex causes the separation saddle point, i.e distinct flow regions are
delimited by the 3D separation lines and the stagnation streamline. Along the stagnation streamline the
inlet boundary layer divides into the fluid entering the suction leg of the horseshoe vortex and the fluid
forming the pressure leg which merges with the passage vortex in the passage. The two major sepa-
ration lines ahead of the leading edge are the liftoff line of the horseshoe vortex and the boundary layer
separation line ahead of the horseshoe vortex. They merge while swinging around the leading edge.

The suction leg of the horseshoe vortex is swept onto the suction %urface behind the leading edge
due to the transverse pressure gradient in the blade passage. The associated separation line interferes
with the suction side: the vortex leg moves on the blade suction side towards the midspan and touches
the separation bubble (Fig. 5, top). The separation line is visible up to the trailing edge.

The pressure leg of the horseshce vortex is deflected towards the suction side of the adjacent
blade due to the transverse pressure gradient. On its way the pressure leg merges with the existing
passage vortex to one single vortex. In the suction surface flow pattern the side-wall side separation line
denotes the separation of the passage vortex from the suction surface. On the side-wall side of the
separation line of the passage vortex - In the corner of suction side and side-wall - the separation of the
suction side endwall corner vortex is revealed. The side-wall flow pattern (Fig. 5, bottom) shows the
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associated separation line origlratlng downstream of the intersection point of the suction leg with the
suction surface. Also a pressure side endwall corner vortex Is Indicated by a reattachment line on the
side-wall along the corner of pressure side and side-wall.

Figure 6 shows the supersonic case. In principle the oil flow patterns show qualitatively the same
features. Additionally, the trailing edge shock traces are revealed which coincide with the shock
Iccations In the midspan which are known from schlieren pictures (Fig. 4) and thin-film measurements
(Refs.2 and 3). The skin-friction lines are strongly deflected in the shock foot regions. They turn parallel
to the shock direction and then continue downstream of the shock in outlet flow direction. The lines'
crossing of the shock traces Indicates an Interaction without separation. The development of the struc-
tures at Increased Inlet flow angle causes the saddle point as well as the intersection point on the suc-
tion surface to move dependent on ihe flow direction. Additionally, the suction side corner vortex is
greater.

Figures 7, 8, and 9 show the side-wall pressure distributions in a passage for , = 1200. Three
different viewing angles q (see Fig. 3) are chosen to show the pressure fields from different points of
view. The side-wall pressure distribution at M2s = 0.9 (Fig. 7) reveals:

" a weak pressure maximum due to the trailing edge expansion (0) as can be seen in the schlieren
picture (Fig. 4);

* a weak pressure maximum at the location of the saddlepoint (*) as can be seen in the side-wall flow
patt rn (Fig. 5);

" pressure decrease across the passage towards the suction side;
* a local pressure maximum next to the suction surface (o).

At M2s = 1.0 (Fig. 8) the pressure differences are greater due to the increased Mach number. The
development of the pressure field at the leading edge and across the passage is qualitatively similar to
the previous case. Additionally, the side-wall pressure distribution shows:

* a greater local pressure maximum next to the suction surface (o);
* the shock trace (--) of the shock upstream of the trailing edge which can be seen in the schlieren

picture (Fig. 4).

In the supersonic case at M2s = 1.25 (Fig. 9) the pressure field shows:

* the local pressure maximum next to the suction surface (o) coincides with the location of the sep-
aration bubble as shown by schlleren pictures (Fig. 4) and thin-film measurements (Ref.2);

* the trailing edge shock traces in the near wake (---) in agreement with the schlieren pictures
(Fig. 4).

For comparison of the extreme inlet flow conditions at , = 1200 and 9 = 1550 Figure 10 shows
the midspan flow field, the suction side flow pattern, and the side-wall pressure distribution for P = 155°
at M2s = 1.25. While the flow structures develop qualitatively analoguous for P = 1200, 1400, 1500 at
P = 1550 the flow separates at all Mach numbers at the suction surface downstream of the leading edge
starting with a shock. Schlieren pictures and oil flow patterns reveal in connexion with pressure meas-
urements and thin-film measurements (Ref.3) that at the nose of the profile a separation bubble exists
and the flow reattaches turbulent shortly behind the separation. The fully turbulent boundary layer
resists the pressure rise due to the impingement of the shock from the upper blade and no separation
bubble occurs. The oil flow pattern reveals on the one hand that the suction leg moves nearer to the
midspan and its separation line is deflected by the shock, and on the other hand that the passage vortex
extends to the midspan. The side-wall pressure distribution also indicates the characteribtic change of
the flow around the leading edge with a local pressure maximum at the separation (o). In comparison
to pressure distributions for P = 1200 the suction side local pressure maximum (o) also exists at the
shock impingement point but in contrast in this case no separation occurs.
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Fig. 4 Schlieren pictures: j?=1200, M,~s 0.9 (upper left), M., 1.0 (upper right), M2.S1.25 (lower left), M, = 1.3 (lower right)J
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Fig. 5 Surface oil flow patterns:f 1200, M2s =0.72; suction side (top), side-wall (bottom)
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Fig. 6 Surface oil flow patterns.f 1200, M2s 1.25; suction side (top), side-wall (bottom)
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Fig. 7 Side-wall pressure distribution, f 1200, M2s 0.9, (p 450 (top), (p 1350 (left),
(p--2250 (bottom)
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DISCUSSION

Ahmed, UK

You mention you had difficulties in getting seeding in your L2F

measurement volumes. What sort of seeding material did you use and what
was the arrangement to get the seeding particles in the measurement

volumes?

Author's Reply:

I mentioned that we only had difficulties in getting seeding close to the
suction surface in plane 1 at x/Im=81%. The seeding of our L2F -
measurement volumes is achieved by a probe which is mounted further
upstream of plane 0. This probe is supplied with oil droplets by a
seeding generator.

Sieverding, Belgium

You showed colored schlieren pictures with a lammar shock B.L.
interaction. On what ground do you suppose that transition takes place

between the apex of the separated zone and the reattachment point?

Author's Reply:

From other experimental results (see Ref 1-3), it is known that the

boundary layer separates laminar and reattaches turbulent. Thus the
transition occurs within this separated region. Taking into account the
photograph of the separation bubble which shows a thickened bounaary layer

downstream of the apeA, we suggest that the thickened boundary layer
indicates that transition has occurred.

Jones, UK

You referred to two separation lines ahead of the leading edge of the

blade. The downstream separation you associate with the horseshoe vortex.
Do you have information about the flow between the two separation lines?
Was any vertical motion observed in this area?

Author's Reply:

The only information I have are those from oil flow patterns and r 4all
pressure distributiDns. They do not allow any conclusion concerning ;low
structure and vortical motion.

Moustapha, Canada

Did you measure the losses as a function of inlet angle change? It will

be nice to report these data.

Author's Reply:

These losses were measured by Dr Braunling. The data have been published

in a DLR-Internal Report
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Centrifugal Impeller Geometry and its Influence on Secondary Flows

by

H. Krain
W. Hoffmann

DLR, Institut ffr Antriebstechnik
Linder HWhe, 5000 K61n 90, West-Germany

1. ABSTRACT

Detailed experimental and theoretical flow field studies are carried out for two 30
deg., high pressure ratio impellers having the same blade geometry but different shroud
contours. An advanced Laser-Two-Focus Velocimeter is used to obtain experimental
data (8), the theoretical investigations are performed with a 3D-viscous ccle (4) that
was coupled with a postprocessor primarily suitable for turbomachinery flow field
studies (2). Comparisons between measured and calculated data are carried out and the
influence oZ the flow channel variation on the through flow velocity patterns and
secondary flow structures are discussed.

SYMBOLS

A4 constant damping factor, A 4 = 26 V finite volume

CX,'b Klebanoff constant C,, = 0.3 v absolute velocity

CwVK constant, CWK = 0.25 iw relative velocity
C, . velocity component perpendicular to yy + coordinate normal to the wall,

laser beam axis y= [.-/p./,
c' , constants of specific heat y/t dimensionless blade pitch
e volume-specific total energy z axial coordinate
F(U) flux zib dimensionless channel depth

F(y) function, Eq. (7) on page 8 zR rotor blade number
h static enthalpy, h = (K[K - l)p/p a constant, a = 0.0268
I rothalpy, I = h + (w2)[2 - (f2r)2/2 5S surface element of finite volume

/ mixing length, I = ky, k = 0.41 3V finite volume element

1h mass flow rate p density

n finite volume surface normal K K = cdc

n/no shaft speed / design speed p viscosity
PS pressure side P:,,b eddy viscosity
p pressure T stress tensor

r radial coordinate 7r, total /total pressure ratio
S surface of finite volume (P circumferential coordinate
SS suction side a constant angular velocity

T temperature c Y) = l/2Vx;
I time Vx differential operator: rotor

u circumferential velocity . value taken at the wall

2. INTRODUCTION

The flow character of advanced centrifugal compressor impellers is typically governed
by fully 3D-viscous flow effects being primarily due to the complex flow channel
geometry and to the high loading of these components. Strong curvature effects in
conjunction with boundary layer developments are causing significant secondary flows in
both the hub-to-tip and blade-to blade planes. Coriolis forces, tip clearance effects as
well as strong decelerations of the relative flow in the shroud area are additionally
contributing to the deve,.opment of pronounced cross flows. The loss productions and the
performance characterstics of centrifugal compressors are believed to be strongly
dependent on secondary flow development inside the impellers. The interdependence
between secondary and primary flows have been experimentally studied with the
L2F-velocimeter for a 30 deg, backswept impeller, (1), (8). These studies revealed that
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the through flow velocity pattern was disturbed in areas of pronounced vortex
development. This points to an impeller efficiency drop in the areas of high secondary
flow development and to a reduction of the flow range of the overall machine, especially
if vaned diffusors are used that are generally applied for high pressure ratio
compressors (1r >3). For these reasons a secondary flow control during the design process
of centrifugat impellers seems to be a prerequisite for a further improvement in
efficiency and flow range. This, however, necessitates the development of reliable
tools capable to predict and analyse such effects during the design process. Todays
advanced 3D-viscous calculation methods in combination with increasing computer
capacities are offering the possibilities to solve the problem indicated, (4), (5), (6)
and (7). However, presently it is not well known whether the available 3D-viscous codes
can be reliably applied to complex flow situations like those occuring in centrifugal
compressor impellers. For example, it is not quite clear up to now, whether the simple
turbulence models applied are safficient to describe flow phenomena like wake
development, separation and backflow that are known to occur frequently in centrifugal
impellers. Therefore these methods should be checked against reliable measurement data
before becoming a regular design tool. This paper describes the application of an
impeller design procedure, (2), containing Q3D calculations on hub-to-tip and
blade-to-bade stream surfaces, boundary layer calculations as well as 3D-viscous
calculations. The design procedure was applied to two different impeller designs that
have been experimentally investigated with the help of laser velocimetry, (8). Both the
experiments and the calculations give insight into the secondary flow development of the
two impellers. The influence of the flow channel geometry on secondary flows has been
studiLd and it was found that a detailed control of secondary flow during the design
process should be possible by the application of 3D-viscous code3 which probably would
contribute to a further efficiency improvement of impellers and to a significant cost
reduction during the development process of advanced centrifugal compressors.

3. TEST IMPELLERS

3.1 GEOMETRICAL DATA

Two 30 deg. backswept impellers have been used for the flow studies. Both had the same
blade- und hub geometry and uere operated at the same mass flow rate and shaft speed but
differed in their shroud contour shape. The second impeller was a redesign of the f'rst
one. The detailed blade geometry of the first impeller is submitted in Table 1,
containing the pressure- und suction surface coordinates of the blades. Figure 1 shows a
comparison of the meridional cross sections for both impellers.

PRESSURE SIDE SUCTION SIDE

HUB TIP HUB TIP

I x Y z x Y z I IX Y z x Y z
(MM) (MM) (MM) (MM) (MM9) (MM) (MM) (M) (MM) (MM) (MM) (MM)

1 0.00 -27.76 35.41 0.00 -65.64 91.67 1 0.00 -23.88 38.14 0.00 -63.92 92.88
2 6.40 -26.03 39.76 5.36 -57.95 96.e6 2 6.40 -21.66 42.31 5.36 -55.46 98.31
3 12.70 -24.40 43.97 10.53 -51.16 101.01 3 12.73 -19.63 46.30 10.53 -48.11 102.50
4 18.90 -22.82 48.15 15.52 -45.07 104.49 4 18.90.-17.74 50.24 15.52 -41.65 105.90
5 24.98 -21.23 52.36 20.35 -39.55 107.51 5 24.98 -15.94 54.21 20.35 -35.89 108.78
6 30.93 -19.62 56.64 25.04 -34.50 110.22 6 30.93 -11,.19 58.24 25.04 -30,70 111.34
7 36.76 -17.97 61.01 29.61 -29.82 112.73 7 36.76 -12.44 62.38 29.61 -25.97 113.68
8 42.44 -16.25 65.49 34.05 -25.46 115.10 8 42.44 -10.67 66.63 34.05 -21.60 115.89
9 47.98 -14.45 70.08 38.39 -21.36 117.40 9 47.98 -8.86 71.01 38.39 -17.53 118.03

10 53.37 -12.57 74.79 42.64 -17.48 119.66 10 53.37 -6.97 75.52 42.64 -13.70 120.16
11 58.59 -10.59 79.62 46.80 -13.77 121.93 11 58.59 -4.99 80.16 46.80 -10.04 122.29
12 63.64 -8.49 84.56 50.88 -10.21 124.22 12 63.64 -2.91 84.94 50.88 -6.53 124.47
13 68.52 -6.28 89.62 54.89 -6.75 126.57 13 68.52 -0.7t 89.84 54.89 -3.12 126.71
14 73.22 -3.93 94.79 58.82 -3.39 128.99 14 73.22 1.60 94.86 58.82 0.21 129.04
15 77.72 -1.44 100.061 62.68 -0.07 131.51 15 77.72 4.05 99.99 62.68 3.50 131.46
16 82.03 1.20 105.43 66.47 3.20 134.13 16 82.03 6.63 105.22 66.47 6.75 134.00
17 86.14 4.00 110.88 70.18 6.48 136.88 17 86.14 9.35 110.56 70.18 10.01 136.66
16 90.04 6.97 116.41 73.80 9.77 139.76 18 90.04 12.21 115.98 73.80 13.28 139.4?
19 93.73 10.12 122.00 77.34 13.11 142.80 19 93.73 15.23 121.47 77.34 16.59 142.44
20 97.20 13.46 127.66 80.79 16.52 146.00 20 97.20 18.40 127.04 80.79 19.95 145.57
21 100.45 16.99 133.35 84.12 20.04 149.38 21 100.45 21.73 132.66 84.12 23.38 148.89
22 103.48 20.73 139.07 87.32 23.68 152.93 22 103.48 25.24 138.32 87.32 26.92 152.40
23 106.27 24.68 144.81 90.37 27.49 156.67 23 106.27 28.93 144.02 90.37 30.57 156.10
24 108.83 28.85 150.54 93.25 31.48 160.60 24 108.83 32.82 149.73 93.25 34.37 160.01
2> 111.15 33.25 156.26 95.92 35.66 i64.7, 36.92 155.43 .92 38 3h 16L.12
26 113.23 37.88 161.94 98.36 40. 16169.01 26 113.23 41.26 161.12 98.36 42.53 168.42
27 115.07 42.75 167.58 100.52 44.83 173.46 27 115.07 45.84 166.76 100.52 46.95 172.90
28 116.66 47.87 173.14 102.37 49.80 178.06 28 116.66 50.69 172.34 102.37 51.65 177.53
29 118.00 53.26 178.62 103.86 55.06 182.78 129 118.00 55.82 177.83 103.86 56.66 182.29
30 119.09 58.91 183.98 104.95 60.62 187.60 30 119.09 61.26 183.21 104.95 62.02 187.15

Table 1. Blade coordinates of the first impeller.
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center of The blade surfaces are composed
of straight line elements,

ellipse which ensures, that the impeller
110.49 -I can be manufactured in a flank
T -milling mode on a 5-axis nume-

rically controlled milling
machine (Fig. 2).

main axis of
ellipse i The blade leading edge is gene-

Li rated by radially varying
M/ / circles that are tangent to thefirst impeller blade surfaces. The main im-

/ peller aiiiitisions and operating
/conditions for the measurements

and calculations are as follows:

2 = 400 mm, zR = 22363 rpm,
elipse-m = 4.0 kg/s. The specific

-eispeed of the first impeller was
N = 80 (US units). Both im-

S second impeller p llers were manufactured from
aluminium and cperated up to
a maximum shaft speed of 23481
rpm. During the tests the im-
pellers were coupled with diffu-
sers of constant areas adopted
to the specific impeller geome-
try each. Tip clearance for the
design point was measured to be
0.5 mm at the inlet and 0.2 mm
at the exit. For the 3D-viscous
calculations a linear clearance

Figure 1. Meridional cross sections of distribution was assumed from
both impellers inlet to exit.

r=, i' '22 14,7 Dimensions in Imm]

I= 30

Tip

1=1 357

17

,y . . ,____ _ _ _ ____ ___
0 x 120 y 3.2. PERFORMANCE CHARACTERISTICS

Figure 2. Generation of blade surfaces. The performance characteristics
of both stages are submitted in

4.5 - Figures 3 and 4. Detailed con-
1.05 ventional measurements were

carried out for the first stage
that included mass flow rate,

4.0 - total and static pressure, tem-

1.0 perature as well as flow angle
measurements. The development
of static pressure was taken

3.5 - from rotor inlet to the
diffuser exit. Total tempera-
tures were measured at the com-
pressor inlet and exit and

3.0 -nn 0 0.9  assumed constant throughout the
t4 diffuser for calculating the

impeller efficiency. For these
calculations a mean static
pressure derived from 24 cir-
cumferentially distributed
measurement positions was used.

2.0 - The maximum total/total isen-
tropic impeller efficiency was
94%. The flow angle and total
pressure distribution at the

.-0.6 diffuser exit was measured with
T 6 circumferentially distributed

-4 I, 3-hole probes that have been

1.5 2.0 3.0 4.0 kg/s 5.0 moved in the axial direction.
From the measurement arrangement

'ed' - described the performance

map shown in Figure 3 has been
Figure 3. Performancu map of the first stage. derived.
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The experimental investigations for the
second impeller were mainly concerned with
laser measurements. Therefore only limited
conventional measurements were carried out.

4.5 - These included total pressure and total
temperature measurements at the impeller
inlet nescessary for shaft speed and mass
flow corrections. Additionally, the total

1.0- pressure was measured at the diffuser exit.
But for these measurements only one

1.0 stationary Pitot-tube was used. From
this simple arrangement the second per-

1.5 - formance map shown in Figure 4 has been
0.95 derived. Nevertheless,the comparison of,

of both maps gives useful information
about the different compressor charac-
teristics. Obviously the flow range of
the second stage has been significantly
increased by changing the compressor

2.5 shroud contour. As expected, for the
the same shaft speed the pressure ratio

08 of the second stage is lower than that
of the first stage which is due to the

2.0 lower energy input per mass flow rate.
0.70 Due to the higher absolute design flow

angle at the impeller exit, the surge
line for the second stage has shifted to

1. 5 0.6 lower mass flow rates.

1.5 2.0 3.0 4.0 kg/s 5.0
m red

Figure 4. Performance map of the second stage.

4. TEST RESULTS

4.1 INSTRUMENTATION

The internal flow fields of both impellers were analysed with the Laser-Two-Focus
Velocimetry developed at DLR. This measurement system gives information about the
magnitude and direction of the absolute velocity vector and its turbulent components.

The relative velocity components can be easily derived
from the velocity triangle that can be constructed with

iL the help of the known circumferential rotor velocity.
10VlGenerally the error of mean absolute velocity

measurements is less than + 1 % and the uncertainty in
flow angle measurements is-usually less than + I deg..

v Only in pronounced wake areas an increased uncertainty

IV has to be taken into account. Here the error in
0 Zbabsolute velocity can raise up to + 3 %, and an

S b error in flow angle measurement up-to + 3 deg. can
occur. However, pronounced jet/wake floSws did not occur1, inside the flow channels of the two rotors investigated
excluding increased L2F-uncertainties in the specific

applications. From the velocity triangle it can be
derived that the uncertainty in relative flow angle for
the backswept impellers is less than + 0.5 deg..
Additional information about the L2F-measurement

technique and its application to complex turbomachinery
Iflow conditions are described in (9). Measurements in

both impellers were carried out in 6 planes equally
spaced along the shroud contour. Figurc 5 give the

the arrangement of the measurement planes for the first
- -'-_ rotor.

Figure 5. Arrangement
of measurement planes. Plane windows inserted parallel to the shroud

contour were used for measurements. Thus all
measurement planes were perpendicular to the shroud. Extensive laser measurements were
carried out for the first impeller at 70, 90 and 100 percent shaft speed and also for
each speed measurements close to surge at BEP and close to choke were carried out. For
the redesigned impeller, however, L2F-measurements were limited to only one operating
point (n/n0 = 1.0, m = 4.0 kg/s) which was the design point for the first impeller.

4.2 MEASUREMENT RESULTS

Information about the vortex flow in rotating turbomachinery components can be ob-
tained from L2F-measurements by plotting lines of constant relative flow angle. This is
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illustrated in Figure 6, taken from
(1). The appearanc~of the isocline

Or'r 0 C,W-r pattern gives information whether a
s €,.d-vortex flow is present or not. The

basic equations for a real vortex,
Y' ct : 'ui:nyyy,stinN composed of a solid body vortex

0'r r, ..c,.w.rsin. - anu a potential vortex part are
L2F ! rr:€,tlsin given in the same figure. From

sin ulk) these equations it can be derived
cqmsinI))6.I\) that lines of constant relative

Wbkonst.konsI.\=,konst flow angle are parallel to each
WkOnst. other in the solid body vortex area

Oltrr: ykonst (I-konsl (0<r<r ), whereas the isoclines are
r0 r y/r.konst of elliptic type in the potentialx.±- ,.,vortex area (r>r ). The derivative

Sr3s, given in Figure 8 has been carried
--.N.-35 out for a main through flow direc-

draingtati inclined against the
vNt i  .. i d raw ing p lane (6 L = 35 deg .) .

According to this result the
C't,:CV-,t(Pb // vortex center is always located in

the middle of the parallel iso-
clines. The approach presented was
originally applied by Binder (10)

(X-3S. through flow direction perpendicu-
lar to the drawing plane. This
approach has been used to analyse
the vortex flow inside the flow
passages of the two backswept
impellers. A real vortex was
assumed to be present when an iso-

Figuze 6. Sketch of vortex flow model (1). cline pattern like that shown in
Figure 6 occured. It should be

mentioned that the measurements were taken in planes orientated in the circumferential
direction. Therefore the analysis of the vortex flow could also only be carried out in
these planes. Very often, however, secondary flows are plotted in planes perpendicular
to the main flow direction or perpendicular to a somehow defined main channel direction
which makes it difficult to compare secondary flow patterns. The shape of the secondary
flow pattern depends strongly on the view direction and can extremly change when the
view direction changes. Therefore from the simple approach presented in Figure 6 only an
overall information about the presence of a vortex flow can be extracted, but it is not
to be expected that such a detailed information as that of 3D-calculations can be
obtained f-om this approach. That is also due to the rather limited measurement data
used for the interpolation procedure. Nevertheless, vortex flow patterns derived from
measurements in two different impellers, drawn in the same way and plotted on the same
planes, as done here, should give information in which way the secondary flows are
changinq when different impeller geometries are applied.

80 -

I
60

p

[dego

30 P

u X/1

I I ,, I . I I I I I I I I I I I

0 0.25 0.5 0.75 1
x/I ---'

Figure 7. Blade angle distribution for the second rotor.

Figure 7 at first shows the blade angle distibution for both impellers. High blade angle
variations are present in the shroud area where a turning of about 32 deg. occurs which
does not include the turning in the meridional plane that is in the range of 84 deg..
This illustrates that strong 3D-effects are to be expected in these impellers.
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PS

0 PS u

024

z/ Iz/b9

0.6 061

0,8 i0.8 ' 4o o

54Rotor 1 4 oo!

Figure 8. Isocline patterns for plane I of both impellers.

The measured flow angle
distributions at the inlet

PS U. (plane I) are shown for both
P -impellers in Figure 8. The

SS patterns are actually results of
S6 Ian interpolation between a

0.2 94 limited number of measurement
points. About 65 measurement

0.4 points were available for these
interpolations. In principal

0 both isocline patterns are very
z/b similar to each other and

0.8 72- no closed isoclines pointing to
a real vortex are seen. The

i0o - --- relative flow angle at the hub
of the second impeller is lower
than that of the first impeller

Rotor 2 1which is equivalent to a
slightly lower through flow
close to the hub of the second
impeller. A comparison with
Figure 7, illustrating the blade

PS angle distribution, reveals that
0- -7- the blade and flow angles of

0,2 45 S both impellers are in the same
range pointing to a blade

00. 9congruent flow for the operating
5/_ 56 point under consideration. A

0.6 different situation occurs at
0.6 plane IV located at 60 percent flow

0." 6 path length for which the
1 .63 6C68corresponding isocline patterns are

shown in figure 9.

Rotor 2

Figure 9. Isocline patterns for plane IV of both impellers.
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In this area the mean flow angle levels are similar for both impellers and they are in
good agreement with the angle prescribed by the blade (Figure 7), however, the isocline
structure is different for both impellers. The pronounced channel vortex flow occuring
at this measurement plane in rotor 1 and indicated by the isoclires of elliptic type is
not seen for the second rotor. In contrast, similar isocline structures are present in
the shroud areas of both impellers indicating that no principal change in secondary
flows is obtained in this region where secondary flows are mainly governed by tip clear-
ance effects that are strongly dependent on blade loading. Since the blade geometry is
the same for both designs the blade loading characteristic will also be similar for both
rotors resulting in similar tip clearance effects at the same measurement positions. A
similar situation occurs at the impeller exit (plane VI) for which the measured iso-
cline distributions are plotted in Figure 10.

PS PS UAlthough the isocline structure
0 has slightly changed inside of

SS the flow channel, the concen-
7 59 tration of parallel isoclines

pointing to a strong vortex
0.5 5development is again present in

the shroud regions of both im-
z/b pellers. Obviously, distinct

10/ ----- 40 changes in the secondary flow
cnaracteristic at this plane

Rotor 1 2 were mainly obtained in the
center of the flow channel
whereas the secondary flows

P$S due to tip clearance effects
28 have again conserved their

__ features. The results obtained
5are showing that secondary

77i3  flows can be influenced
by changes of the flow channel
geometry. Probably an even
stronger reduction in secondary

Rotor 2 flows could be possible by an
Figure 10. additional variation of the
Isocline patterns for plane VI of both impellers blade geometry. In this case an

improvement of impeller effi-
ciencies could be expected, because secondary flows are strongly contributing to the
loss production of impellers. Additionally they are influencing the primary flow pattern
at the exit of the impeller that controls the flow range of the machine. Therefore,
developping theoretic-al tools capable to predict reliably the secondary flow development
in impellers seems to be a valuable step forward.

5. NUMERICAL APPROACH

fo -lPiIte"tlt 5.1 DESIGN PROCEDURE

I The impeller design proceeds in
.T S IRe S 2 Re PLOT 2 ? running iteratively modular programs

Grid Blade- o-Blade Hub-to-Sheoud TO 2 of the design procedure, Figure 11,

W_ P s Isreamimes I starting in GEOB on a set of 16 input
IwICmPro(Aei parameters for analytical functions

describing hub- and shroud meridional
GEO8 contours and the blade geometry.

SIMPELLER GEOMETRY The fluid dynamic variables corre-GENERATIOh sponding to the designed flow
[INITIAL VALUES  channel are calculated on hub-to

LIT G K)-shroud and on blade-to-blade sur-
I faces at different radial positions.

PLOT S I GRENS I GRENS2M The latter take care of input data
Streamnes I IPS.SS-Bodr- I JSH.-Bountry PLOT 3 from GEOB and the hub-to-shroud

| layer la-~yer W'Hrel P t calculation. A feed-back of the
___I I 1cgIU blade-to-blade solution to the

TI -J :[ F_ hub-to-shroud calculation is not
PLT. J , I I W Sprovided. The boundary layer calcula-

''I 3-dviscous tions for pressure and suction sides€ f.BL OAD.along
PSs | SS , ,of the blades and for the hub and

shroud surfaces are independent ofI I
, I L the flow calculation. in this flow
I 7 REFCU calculation, viscous effects are

I Preparation of --- 3-d VariableI Var iab ,e f! UlRilorI I already incorporated through aerody-
PRELO ToS namic blockage. The boundary layer

kttercIt - calculations are carried out to indi-Nddt, Ifn.

Plotprsssr I cate whether separation occurs or
LOOK not. Secondary flow and vortex

3-.dColr- ...... _J development cannot be predicted by
Raster Plots this Sl/S2-flow solution.

Figure 11. Block diagram for the impeller design,
flow field calculations and 3D-data visualization.
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In principal, it is possible to replace this Sl/S2-calculation by the 3D-viscous
time-dependent flow solution mentioned below, but iterative loops of the Navier-Stokes
code are too expensive and time-consuming and would typically need 45 times of CPU-time
of one Sl/S2-solution on a supercomputer. Thus, in this approach, the impeller is
designed to a relative optimum running a lot of fast Sl/S2-calculations. Finally, the

3D-viscous flow field is simulated by a solution of the Navier-Stokes equations.

5.2 3D-VISCOUS FLOW CALCULATIONS

The following time-dependent Navier-Stokes equations (1) have been solved with
respect to a steadily rotating frame of reference and cylinder cov mnates r, (P and z
by the code of Dawes (4) that has been modified for efficient us on CRAY-type vector
processing computers for which a speedup of 1.5 has been achieved up to now for a
typical 3D-solution, measured against the auto-vectorized version. An even higher
acceleration seems to be possible by vectorizing the remaining scalar calculation of
viscous terms, that needs 42 % of the overall CPU-time for a converged solution.

f - V. { F(U)n 5S+.G(U)5V = 9()
V S r. O#, g

with
I 1P[ 0 1

( Pwt' [P(w,,/r + nr+ 2K2w,,) PW,', -.- ,, +.P

U K lwer) , G( U) = - 2pfrw, F()- = I w,r - r,. IoL Pw , i

and

PtP$Vr o Pl'2 w, 1 TZr

F,(U) = pWw, - T +0P F2(U) - PIZW - I
PwVrV' l J pw - T + P

and
e=- [1 2 +s2 + 2 - (0r)2]l

=e, = + r

r aaz or,,.

r:=Tot= 2p Ow

These equations are interpreted as Reynold-averaged Navier-Stokes Equations with
viscosity and static pressure formally replaced in the following way, where the
turbulent kinetic energy has been added to the static pressure:

-U + tutb p - p + " c pv v (2)

In the program the eddy viscosity P turb is derived from a modified Baldwin-Lomax
turbulence model with

U"bfw, = p/2 1Col with I = ky [I - cxp( -y+/A+)] (3)

for an inner region y <, y+. For an outer region y > y+, the modified Clauser formula

=u, = pcFv FKIh (4)
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has been applied. Switching between these two formulas occurs at positions y+ with

11turb inner ='turb outer' The Klebanoff intermittency factor 
is chosen to be

FKIb = [I + 5.5 (CK,,yI1,M,,) 6] (5)

and Fw is

Fv = min(ymax F(y)niax , CIgy,,,ax V,)I.:pI F(y)max) (6)

with F , the maimum of function (7) and v the maximum difference of the absolute• axsDF

velociles on a y -coordinate line and

F (y) = yIwI [I - cxp( -y+/ A+)] (7)

Stable solutions were reached after 2000 and 2600 time steps for the first and the

redesigned impeller, respectively. Both impeller flow channels were discretized into 16

x 16 x 94 blade-to-blade, span- and streamwise finite volumes with 2 volumes filling the

tip clearence gap, Figure 12.

The blade tip gap was formed by reducing blade thickness smoothly to zero. In the finite

tip gap volumes, circumferential periodicity has been assumed for the calculation of

boundary values. With respect to the metal geometries tested, the computing grids did

not fit exactly the spinner shape, the leading- and trailing-edges and the sharp edges

at the blade tips due to grid point number restrictions. Grid refinement in these flow

regions and the response of the numerical code on that have not been studied up to now.

This may be important for an even more precise numerical analysis of the channel

boundary- and tip gap flows, that drive secondary flow.

Yi
7-,

F 13

. __ __ _ ____ .... - - ).,I

Figure 12. Grid used for 3D calculations.
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5.3 POSTPROCESSING

The solutions have been postprocessed by a modular and partly interactive program
system (2) (lower right part of Figure 11). With this a flexible 3D grafic and numeric
analysis of the primary and secondary variable field has become possible. Although
computing times of postprocessing routines are small compared to that for a single
converged Navier-Stokes solution, postprocessing demands for a large amount of time
selecting and producing evident graphics of flow variables based on a complex spatially
wounded geometry as that of a backswept radial impeller. To reduce this amount of work,
some special turbomachinery applications have been implemented that are automatically
processed. For ease of secondary flow studies flow vectors can be plotted on crossflow
surfaces. Such a surface shows the secondary velocity in a plane normal to the viewpoint
direction that is implicitely defined by the program. In this case, the viewpoint
direction may be defined as local mean flow direction which is the mean direction of the
four channel corner tangents. The following secondary flow pictures are examples of this
approach. Any other definition is possible, but each definition produces its specific
projected view of the relative velocity, hence its own picture of secondary flow.

5.4 SECONDARY FLOW ANALYSIS

A detailed comparison between measured and calculated 3D results carried out for the
first rotor revealed predominantly good agreement between measured and calculated
through flow velocity profiles. Additionally, a reasonable cross flow structure was
predicted for the boundary layer development along the blade surfaces (2). The
encouraging agreement obtained suggests that the code can also be used for particular
secondary flow studies that could give more insight into the flow mechanisms of the two
impellers under consideration. For these studies the output of the postprocessor (Figure
11, Program LOOK) has been used. With this program secondary flow plots have been
generated for specific cross sections. Before going into these details an additional
comparison between measured and calculated through flow velocity profiles is shown for
both rotors in Figures 13 and 14.

IV

v Rotor 2

JI

0.R Hub

02-i ib

0.1-.9

PS ss

0.5 - b

tru l 0.7 Rotor c

02-03

0.11

0 ylt - ~u
PS SS

both impellers at 60 percent flow planes.

path length.
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Figure 13 shows the measured meridional velocity profiles for the two impellers at
measurement plane IV, located at 60 per cent flow path length and Figure 14
illustrates the calculated meridional velocities for both designs on mid-pitch surfaces.
The measurements clearly show significant differences in the velocity profiles of the
two impellers. The disturbed profiles of the first rotor that are extending from the
shroud up to 50 per cent flow channel depth (z/b = 0 - 0.5) have smoothed out for the
second rotor. The second rotor has only a slightly disturbed velocity profile in the
vicinity of the shroud which seems to be due to tip clearence effects. The disturbance
in this region, however, is also smaller than for the first rotor. A very regular
profile occurs for the second rotor inside of the flow channel that was the aim of the
redesign approach. For the redesign the Q3D-calculation procedure was used because at
that time the 3D-viscous calculation method was not available.
The 3D-method was applied to calculate the flow field of the second rotor when the
measurements were already taken. The calculations indeed confirmed the measurement
results what is shown in Figure 14. The calculated meridional velocity distributions are
indicating a distinct low velocity region in the shroud area of the first rotor that is
not predicted for the second rotor. At 60 percent flow path length the calculation
indicates a very smooth velocity distribution from hub to shroud for the second rotor
what corresponds fairly well with the measurements of Figure 13. Obviously the 3D code
is capable to predict correctly flow phenomena that are very important to be known
during the design process. Especially the knowledge whether a wake development inside
the impeller is to be expected or not is of importance to the designer of these machines
who generally wants to avoid this effect. The measured and calculated results are
suggesting that the 3D-code in conjunction with an appropriate geometry generation
procedure could help to solve this problem.

The following Figures will give additional information about the secondary flow
development inside the flow passages of both impellers. Here the secondary flows are
plotted on cross flow planes that are perpendicular to a mean flow-channel direction.
The mean flow-channel direction is defined by th, directions of the tangents at the four
corner points of a cross flow plane. The relative flow vectors are perpendicularly
projected on these cross flow planes. In this paper the result of this projection is
called "Secondary Flow". It should be mentioned again that the secondary flow structure
can look quite different if the projection is only slightly changed which makes it
sometimes difficult to compare calculated secondary flow patterns. These difficulties,
however, do not occur for the comparisons to be presented for the two rotors which is
primarily due to the fact that both rotors had the same blade geometry and that the
comparisons are carried out at the same meridional flow path positions. Figure 15 shows
an arrangement of cross flow planes inside of the impeller flow channel. Those planes
are labeled from 34 to 66. Cross flow plane 34 is located just aft of the impeller
leading edge, plane 66 is located close to the exit. Secondary flow patterns, meridional
velocity distributions, Mach number distributions, loss distributions etc. can be
plotted with the help of the postprocessor at any plane. The numbers L = 35, 42, 55 and
65 in Figures 16 to 19 correspond with the cross flow plane arrangement of Figure 15 and
thus illustrate the exact location of the planes inside of the flow channel. Cross flow
planes ahead and aft of the rotor that can also be chosen are not shown in Figure 15.

64

62

60
58
56~54

52
50
48

Ff46
42

40

536

354

Figure 15. Arrangement of cross flow planes in the impeller area.
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Figure 16. Calculated secondary flows for both impellers at cross flow plane 35
(Fig. 15)

Figure 16 shows the calculated secondary flows for both impellers at plane 35 located
just aft of the leading edge. The analysis was carried out for the same operating point
(mn = 4.0 kg/s, n/n0 = 1) and the length of the secondary flow vectors is scaled in both
cases to the rotor tip speed which was equal for the two impellers. Therefore a direct
comparison is possible between the two secondary flow patterns. The rotor is moving in
the clockwise direction thus the pressure side of the blade is located on the left and
the suction side on the right. The Figure indicates very similar patterns for both
impellers. Secondary flows seem to be very small inside of the flow channels which
corresponds with the measurement results of Figure 8 that are also showing negligible
secondary flows in the inlet areas of both impellers. At this position the tip clearence
flows are also low which is due to the small blade loading in this region.

Since the changes of the flow channel geometry were rather small in the inlet area
(Figure 1) the calculated secondary flows are also quantitatively in good agreement what
was to be expected. A similar situation occurs at plane 43 located at about 30 percent
flow path length (Figure 17).

At this position a main channel vortex is predicted for both rotors that seems to be
driven by tip clearence effects and boundary layer flows along the hub and the suction
side of the blade. Compared to plane 35 tip clearence flows are now higher which is due
to the increasing blade loading.
Vortex flow patterns of different appearance are predicted for plane 55 located at 66
percent flow path length (Figure 18).
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Figure 17. Calculated secondary flows for both impellers at cross flow plane 43
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Figure 18. Calculated secondary flows for both impellers at cross flow plane 55
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Figure 19. Calculated secondary flows for both impellers at cross flow plane 65
(Fig. 15)

6. CONCLUSIONS

The secondary flow studies carried out for the two backswept rotors having different
shroud contours but the same blade geometry gave insight into basic flow characteristics
of these impellers. The experimental as well as the theoretical results indicated
noticeable differences in the secondary flow structure of both rotors and were
qualitatively in good agreement. The main differences in secondary flow structure were
observed in the center of the flow channels, whereas the corner vortex development in
the shroud area was similar for both impellers being mainly due to tip clearance and
boundary layer flows that are generating vortices of this type. However, the change of
the flow channel hight significantly influenced the through flow velocity pattern. By
varying this hight it was possible to eliminate the low kinetic energy area present in
the first rotor which resulted in a wider flow range of the machine and in a smoother
velocity profile at the rotor exit what was proved by laser measurements as well as by
3D-viscous calculations. Probably, the secondary flow development in the second rotor
could have been even more suppressed if an additional variation in blade geometry would
have been carried out since secondary flows are also strongly dependent on blade
curvature effects. The results optained are suggesting that the 3D-viscous code can be
used for secondary flow control during the design process of future impellers.
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DISCUSSION

Hoffmann, Germany

A question by Dr Joan Moore concerning the color plots of the two impeller
designs.

Author's Reply:

In the colored figure (shown only in the oral presentation) showing in
crossflow planes the meridional velocities, each crossflow plane solution
is scaled individually to the maximum and minimum value occurring in that
specific plane. By this a higher resolution in isocolor is achieved.
Moreover, color tables are different for each impeller shown. This is due
to the different tip speeds of the two impellers to which the color maps
have been referenced. The intention to show these figures was not to
compare directly their velocities, but to demonstrate, that the wake
development could be supressed for the redesigned impeller.

Skoe, Norway

Were the number of grid points in the clearance region sufficient to
predict realistic clearance losses? Have you made systematic "numerical
tests" to investigate the relation between aerodynamic blade loading and
clearance losses (test results indicate an adverse effect)? Additionally,
what was the relative polytropic efficiency difference between the two
rotors?

Author's Reply:

Only two volume elements were used in the gap for the initial calculations
to model clearance effects. This is the minimum number of elements for
getting information about clearance flow. But a much higher grid line
number, probably between six and seven should be used for systematic
clearance loss predictions. Up to now, this has not been done but will be
tried in the future. Detailed conventional measurements giving
information about impeller efficiency were only carried out for the first
rotor whereas the measurements for the second rotor were primarily dealing
with laser measurements. From the laser measurements, an impeller
efficiency cannot be derived. Therefore a quantitative comparison between
the rotor efficiencies is not possible. However, since the relative flow
in the redesigned rotor is less decelerated than in the original impeller,
it is to be expected that we lost one or two points in impeller
efficiency.

Chen, Switzerland

The authors of this paper are to be congratulated for the finding of the
vortices in the corner of the shroud surface. The discusser is also very
happy to see that the argument made by him and his co-authors in the ASME
paper of 1988 at Amsterdam (88-GT-120) about the appearance of the
longitudinal vortex in the corner "suction-surface/shroud" is confirmed by
the present investigation at the original impeller, which would correspond
to the impeller investigated by the discusser. The discusser made that
time color injection into the outlet of the impeller at the design point
and found that the colored dye travelled backwards along the corner
mentioned onto the inlet region. Since a sharp pulse was also found in
the dynamic pressure along the said corner, the discusser argued that a
longitudinal vortex arises in this corner guiding the high pressure of the
outlet through its core onto the inlet region.
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Author's Reply:

It is interesting to learn that you have found similar vortex structures
as we in the shroud/suction side area of your impeller by using a
different type of measurement technique. Nevertheless, there seem to be
specific flow effects present in your impeller, because we did not measure
backflow in either of our impellers.
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CALCUJ DE L'ECOUIINT TRIDIMENSIONIEL TURBULENT

DANS UN AUBAGE RECTILIGNZ DE TURBINE

par
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B.P. NO 72-- 92322 Chitillon CEDEX (France)

RESUME

La pr~sente communication est consacr~e A la simulation num~rique dle l'6coulement tridimensionnel
turbulent dans un aubage rectiligne de turbine, par r~solution des 6quations de Navier-Stokes compres-
sibles moyennes et compl~t~es par un mod~le de turbulence algdbrique. La m~thode num6rique se caractA-
rise par l'utilisation d'un schdma de diff~rences finies explicite centr6, associ4 A une phase multigril-
le d'acc~l~ration de convergence. La d~composition du domaine de calcul en un sous-domaine en 0 autour de
l'aube et deux sous-donaines en H A l'amont et A l'aval permet d'assurer une bonne description des bords
d'attaque et de fuite arrondis, tout en plaqant les fronti~res amont et aval du domaine-de calcul
suffisamment loin de l'aube. Les r~sultats obtenus dans un maillage comportant plus de 300 000 points
(dans un domaine limit6 par un plan de sym6trie) mettent en 6vidence des ph~nom~nes complexes d'Acoule-
ments secondaires, analogues qualitativement A ceux observ~s dans une exp~rience r~alis~e A vitesse plus
faible.

ABSTRACT

The paper deals with the numerical simulation of a three-dimensional turbulent flow in a linear
turbine cascade, by solution of the Reynolds-averaged compressible Navier-Stokes equations with an
algebraic turbulence model. The numerical method is characterized by an explicit centered finite diffe-
rence scheme, associated with a nultigrid convergence acceleration. The splitting of the computational
domain in an 0-type subdomain around te blade and two H-type subdomains upstream and downstream allows
an accurate description of the round leading edges and trailing edges, while setting the upstream and
downstream boundaries of the domain sufficiently far from the blade. The results obtained in a mesh
containing more than 300,000 points (in a domain bounded by a symmetry plane) show complex phenomena of
secondary flows, qualitatively similar to the phenomena observed in an experiment carried out at a lower
flow velocity.

1. INTRODUCTION

I.am~lioration des performances des moteurs ndcessite aujourd'hu'. la mise en oeuvre d'une simula-
tion numfrique de l'6coulement dans une roue de turbomachine pr~sentant une valeur prddictive sfire. Pour
obtenir une description correcte d'un 6coulement aussi complexe, il serait souhaitable de prendre en
compte simultan~ment les effets de la viscosit6 du fluide, le caract~re tridimensionnel de 1'6coulement
et les phdnom~nes instationnaires. Les travaux mends A l'ONERA dans le domaine die la resolution insta-
tionnaire ou pseudo-instationnaire des 6quations I'Euler ou de Navier-Stokes compressibles ont conduit au
coors des derni~res anndes A l'analyse die l'6coulement dans une roue de turbomachine en r~gime permanent
(1] de fluide visqueux bidimensionnel, et en r~gi.ie permanent [21 ou instationnaire [3] de fluide parfait
tridimensionnel.

Les ordinateurs actuels ne semblent pas encore assez puissants pour permettre la r~solution des
6quations de Navier-Stokes tridimensionnelles dans on maillage ad~qupt, pour le calcul d'6coulements
instationnaires de turbomachines. Les premiers essais effectu~s par Rai (voir par exemple, (41) sur un
cas d'interaction rotor-stator et tans des maillages sans doute encore insuffisants ont conduit A des
Pot die calcuI heancoup trop 61ev~s pour des applications industrielles.

En revanche, 13 est d~s maintenant possible de rdsoudre les 6quations de Navier-Stokes tridimen-
sionnelles en r~gime permanent. Plusieurs publications r~centes (5 a 91 sont d'ailleurs relatives A des
analyses d'6coulements stationnaires de turbomachines fond~es sur cette rdsolution.

La pr~sente communication est consacrde au calcul d'un 6coulement tridimensionnel stationnaire de
turbomachine par resolution des 6quations de Navier-Stokes compressibles moyennes et compl~t6es par un
mod~le die turbulence alg~brique. La mdthode numdrique qui ne sera que bridvement rappel~e se caract~rise
par l'utilisation d'un sch~ma de differences finies explicite centr6, auquel on adjoint une phase
d'accdldration de convergence de type "multigrille", et par la mise en oeuvre d'une approche par sous-
domaines. Le code "Navier-Stokes 3D" [11] a 6t6 r~alis4 A partir du code "Euler 3D" (2] et du code
"Navier-Stokes 2D" (10], El] pr~c~demment d6velopp~s A 1'ONERA. Une comparaiso. satisfaisante des r~sul-
tats du calcul avec des donndes exp~rimentales ddtaAl16es, sur un cas d'interaction onde de choc-couche
limite turbulente dans un canal tridimensionnel, a Wt pr~sent~e dans [11] et a constitu6 une premi~re
validatio~i du code "Navier-Stokes 3D".



132 Lapplication traitde ici concerne le calcul de ldcoulement turbulent dans une grille rectiligne
de turbine placde entre deux parois planes paralidles. Cette configuration a fait l'objet d'une 6tude
expdrimentale A l'Ecole Centrale de Lyon (12, 13] qoi a permis en particolier de mettre en 6vidence
l'importance des effets lids aux 6coulements secondaires. or, la rdduction des pertes lides A ces
dcoulements est essentielle poor accroitre l'efficacit6 des turbomachines, et une prddiction correcte des
6coulements secondaires par voie numdrique est donc d'on grand intdrdt.

Dans le calcul prdsent6, une-grande attention a Wt portde au choix do maillage. La d~cornposition
(Fig.1) do domaine de calcul en on soos-domaine en 0 autoor de l'aobe et deux soos-domaines en H respec-
tivement situds en amont et en aval permet A la fois d'assurer one bonne description des rdgions de bord
d'attaque et de bord de foite et de placer les frontidres amont et aval do domaine de calcol A des
distances suffisamment grandes de l'aobe. Lexistence doun plan de symdtrie permet de rdduire le domaine
de calcul qui s'6tend (Fig. 1) d'une paroi latdrale au plan de syrndtrie et qoi est discrdtis6 A l'aide
d'un maillage comportant plus de 300 000 points.

Dans 1'expdrience, le nombre de Mach en amont de la grille est 6gal A 0,444 et l'effet do la
compressibilit6 do fluide est ndgligeable. Eu 6gard A des difficultds de convergence prdvisibles lides A
la trds faible valeor de ce nombre de Mach, on premier calcol a Wt tent6 sans succds pour on nombre de
Mach amont 6gal A 0,15, et les rdsoltats prdsentds dans cette communication ont Wt obtenos pour one
valeur do nombre de Mach amont encore plus dlevde, et 6gale A 0,27. Le nombre de Mach aval 6tant alors
6gal A 0,7, l'effet de la compressibilitd nest plus ndgligeable et, par consdqoent, seule one comparai-
son qualitative do calcul avec l'expdrience sera prdsentde.

2. MODELE MATHEMATIOUE-ET RESOLUTION NUMERIQUE

Equations de -Navier-Stokes moyennes

Le moddle mathdmatique mis en oeuvre poor la simulation numdriqoe d'dcoolements tridimensionnels
compressibles torbolents est -farinA des 6quations de Navier-Stokes compressibles moyennes et compldtdes
par on moddle de turbulence algdbrique de type longueor de mdlange. Les dquations de Navier-Stokes
permettant de ddcrire 1'6coulement moyen s'6crivent sous la forme soivante

at + div (pV) =0

09'

Dans ces dquations, p, V et E ddsignent respectivenent la masse volumique, la vitesse de 1ldcoule-
inent et l'6nergie totale par unit6 do masse.

En supposant que le fluide considdr6 est on gaz parfait A chaleors spdcifiques constantes de
rapport Cp/Cv = I , la pression statique p est relide A p, V et E par la loi dd6tat

(2) p~(~IiE-

Le fluide 6tant en outre suppos6 Newtonien et vdrifiant l'hypothbse de Stokes, le tenseur des
contraintes '? et la densit6 de flux de chaleur 4 ont pour expression

7 =-2/3p( dhYV)T + jVV +(V 17 )

oik P est le coefficient de viscosit6 moldculaire qoi vanie en fonction de la tempdrature selon la loi de
Sutherland, et X est le coefficient de conductibilit6 thermique qui est donn6 par X = 'Cp/Pr (le nombre
de Prandtl Pr est suppos6 constant et 6gal A 0,72).

Les expressions do tenseur des contraintes de Reynolds f= et de la densit6 de flux de diffusion
turbtlente =j-'- -~zct donai's par le rmadcle de turbUieftce.

Mod6lisation do I& turbulence

Les rdsultats prdsentds-dans cette communication ont Wt obtenus A Ilaide d'un moddle de turbu-
lence aighbrique pour leqoel le tenseor T'= et le vecteur T pont relids aux gradients de vitesse et de
tempdrature par des expressions analogues A (3), c'est-A-dire

Tj? =2/3 it,divV) + iVV(V
- pC,

Pr,
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Le-nombre de Prandtl turbulent Prt est suppos4 -constant et 6gal A 0,9. Le coefficient de viscosit6
turbulente Pt: est donn6 -par le mod~le de longueur de m~lange initialernent d~velopp6 par Mlichel, Qu~mard
et Durant (14] dans le cadre de lapproximation de couche limite et pour des 6coulements bidimensionnels.
,,, a pour expression:

(5) 11, pI12 
y

2 W

o 1, F et wd~signent respectivement la longueur de m~lange, la fonction correctrice de sous-couche
visqueuse et le module du rotationnel de la vitesse.

La quantit6 reraplace la d~riv~e suivant la direction noriiale A la paroi de la composante
tangentielle de la vitesse, qui intervient dans le mod~le original [14]. La longueur de m~lange 1 est
donn~e par:

(6) 1 =0,085 h(-K-d) avec K =0,41,
0,085 6

o i d et 8 d~signent respectivement une distance aux parois et une 6paisseur de couche limite dont la

d~termination sera expliqu~e plus bas.

La fonction F, destin~e A repr~senter l'amortissenent de la turbulence au voisinage des parois,
est donn~e par:

(7) F( ) =I -exp(-- 'aVee y 1 /1+

26K

ce qui conduit A une d~finition implicite de wi.

Pans le riod~le original (14], les quantit6s d et S apparaissant dans lexcpression de la longueur
de m~lange ( 6) disignent sans ambiguit6 la distance A la paroi et l'6paisseur de la couche limite. Pour
lapplication tridimensionnelle pr~sent~e ici, la distance A la paroi est remplac~e par une distance
modifi~e tenant compte de la pr~sence de plusietirs parois, et l'4paisseur de la couche limite est rem-
plac~e par la valeur de cette distance modifi~e, en un point liv de la fronti~re de la couche visqueuse.

Pour l'application trait6e dans cette communication, la d~termination de d et 6 d~pend du sous-
domaine consid~r6. Pans le sous-domaine en 0, la distance d est obtenue A l'aide de la formule

(8) d~________

7122, (I 2 + d,2 d.2 +2

A l'intrados de l'aube consid&r6e A? (voir la figure 2), di et d2 d~signent respectivement les
distances du point M A la paroi intrados de laube Ak et A la paroi extrados de l'aube cons6cutive Ak-I.
A l'extrados de laube Ak, di et d2 d~signent alors lea distances du point M A la paroi intrados de
l'aube Ak~i et A la paroi extrados de l'aube Ak. Les quantit~s zi et Z2 d6signent les distances du point
M aux deux parois lat~rales.

La formule (8) qui a Wt 6tablie A lorigine par Buleev (15] dans le cas d'une tuy~re A section
rectangulaire est utilisde ici par extension pour un canal interaube. Cette formule pr~sente la propri~t6
souhaitde suivante :quand une des distances, 0.1 par exemple, tend vers 0, alors que les autres distances
sont fixes, la distance d se comporte cosine di.

La fronti~re de la couche limite est d~termin~e de la mani~re suivante :dans chaque section de
maillage (Y,Z) o les coordonn6es Y et Z repr~sentent les indices des points de discrt~tisation (Fig.3),
on recherche, en allant en direction du coin, le point B de la bissectrice o le tourbillon w devient
sup~rieur 4 une valeur ( . La section (Y, Z) eat alors divis~e en trois r~gions corime il est indiquA sur
la figure 3. Pans la r~gion II, on recherche pour chaque ligne de maillage Y = cste et en allant vers la
paroi, le point P o w devient sup6rieur A co~. Pans la r~gion III, on procbde de fagon analogue.

Le choix du point Mv associ6 au point Mi oa est appliqu6 le mod~le et permettant de d~terminer la
valeur de a (voir plus haut) est alors le suivant. Si le point M appartient A la r~gion I, le point Mv
est choisi en B. Si le point M appartient A la r~aion II, par exemple a'i segment AR (F4:;. 3), le poiiaL Mv
est cloisi sur !a fronti~re de la couche limite en P. La r~gion III est trait~e de mani~re similaire A la
r~gion II.

Pans les sous-domaines en H amont et aval, situ~s A une distance notable de l'aube, la distance d
est obtenue A l'aide de la formule simplifi~e

(9) d I
zj1Z-
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qui se d~duit de (8) en considdrant que zi et Z2 sont petits par rapport A dL et d2. La recherche de la
fronti~re de la couche ].imite se fait uniquement selon les lignes de maillage orthogonales A la paroi
latdrale.

M~thode num~rique

La mdthode num~rique utilisde [11] eat ddrivde de la mdthode prdsentke par Vuillot (2] pour lea
6quations d'Euler tridimenajonnelles et par Cambier, Couaillier et Veuillot [10] pour les dquations de
Navier-Stokes bidimensionnelles.

Les 6quations (1) sont discr~tis~es A laide d'un schdma explicite centr6 de type Lax-Wundroff A
deux pas, los termes dissipatifs 6tant pria en compte A linstant to~ pour le calcul de la solution A
linstant tn"' = to + At (technique attribude A Thommen [163 et largement r~pandue). La discrdtisation en
espace des termes do divergence et des termos dissipatifa oat ddcrite dans [1ll.

Une viacosit6 artificielle (2] conaistant en un terme non-lindaire du aecond ordre et un terme
lin~aire du quatridrne ordre eat ajoutde aux dquations.

Pour acc~ldrer la convergence vera une solution atationnaire, on applique la technique bien connue
du pas do temps local (calcul6 & partir d'un critdre de atabilit6 pronant en compte lea limitations de
type CFL et do type diffusif), et on utilise une mdthode d'accdldration multigrille. Cette mdthode eat
fond~e sur lea travaux pr~sent~s initialement par Ni (17] pour lea 6quations d'Euler bidimensionnelles,
et a Wt ddvelopp~e A l'ONERA pour lea 6quations d'Euler bidirnensionnelles (18] et tridimensionnelles
(19], et pour los 6quations de Navier-Stokes bidimensionnelles (10]. La mdthode multigrille appliqude au
syst~me (1) consiste A Intdgrer sur des grilles grossi~res, un syst~me aux rdsidus fond6 sur la ddriva-
tion en temps des 6quations do fluide parfait seulement. Ainsi, la phase multigrille ddveloppde pour lea
6quations d'Buler tridimensionnmdles eat utilis~e sans modification pour 1e aystbme (1). Le calcul
pr~sent6 dana cette communication a Wt r6alis6 en utilisant deux grilles grosaidres dana chacun des
trois sous-domaines.

Le traitement des conditions aux limites amont et aval et des raccords entro sous-domaines (y
compris la frontidre do pdriodicit6) ost effectu6 A l'aide do la technique des relations caract~ristiquea
d~velopp~e do fagon rigoureuse pour des systbmos hyperboliques (20], et appliqude par extension dana 1e
cadre des 6quations do Navier-Stokos (10].

3. CALCUL DE L'ECOULEMENT DAN$ UNE GRILLE RECTILIGNE DE TURBINE

Conditions a6rodynamiques

L'expdrience ((12], (13]) a 6t6 r~alis~e dana la soufflerie do grille d'aubes plane installde au
Laboratoire de M~canique des Fluides de l'Ecole Centrale do Lyon. Elle a permis une 6tudo portant sur los
6couloments secondaires, en absence et en prdsence dinjections A la paroi. Le calcul a Wt effectu6 sans
reprdsentation des injections paridtales.

Le profil constant des aubes oat celui d'une grille distributrice do turbine A gaz. L'aubage
prdsente une hauteur 2L= 274 mmi, une cordo do 163 mm, un pins interaube de 141 mm et un angle do calage,
compt6 par rapport A la direction axiale ox, de 41030'.

Lea conditions a~rodynamiques exp6rimentales donndes dana un plan situ6 A 24 mm en arnont du front
do grille sont lea suivantes :nombre do Mach 6gal A 0,044, direction do la vitesse solon ox, nombre do
Reynolds (calcul6 a partir do la corde et de la vitesso extdrieuro A ha couche limito) 6gal A 165 000. La
couche liraite so ddveloppant sur la plaque plane qui constitue la paroi latdrale z 0 mm atteint dana 1e
plan x = -24 mm une 6paisseur importante, 6galo A 50 mm.

Cosine il a Wt dit dana lintroduction, le calcul a Wtt effectu6 A un nombre de Mach amont
* beaucoup plus grand quo dana loexprience, et 6gal A 0,27. En revanche, la similitude en nombro de

Reynolds a Wt roapoctde gr~ce A une diminution des longuours (dimensions do la grille et 6paisseur do
couche limite amont) dana un rapport t6gal au rapport dos vitesses.

* Conditions aux liinites

Sur la fronti~re asont, on impo!se la direction do la vitesso (solon Ox), ha temperature totale (A
sa valeur dana lea conditions g~ndratrices) et 1e profil do pression totale. Ce dernior profil eat d~duit

* d'un profil initial do vitesso longitudinale en supposant quo la pression statique eat constante et
calculde A partir dos donn~es de ha prossion totale notdo pli et do la vitesse A l'extdrieur do la couche
him.ita. Le a fl i--' ia de itesa- -ot liii-m~me obtenu A partir do la formule de Whitfield (21] faisant
intorvenir ld6paisaeur do la couche limite, son 6paisaeur do ddplacement, son param~tre do forme et le
coefficient do frotteinent pariftal dont los valeurs sont extraites do (12]. On pout noter quo 1e profil
do vitesse eat un peu modifi6 en cours do calcul et d~pend do la condition aux limites impos~e sur la
fronti~re aval et ddcrite dapos 1e paragraphe suivant ; en revanche, 1e profil do pression d'arrdt n'est
pas remis en cause.

Sur la front46re aval, on impose ha valour do la pression statique. La valour choisie (P2 0,7065
p11) a Wt obtenue en 6crivant la conseivation du d~bit par rapport A lamont, et en ostimant los valeurs
do l'anglo do ha vitesse et do ha pression d'arrdt dana cette section o los vaheurs expdrisontales
6taient inconnues.

Su.: la paroi do l'aube et sur ha paroi lat~rale z = 0, on impose ha condition d'adh~rence et ha
vleur de ha tempdraturo (prise 6gale A ha tompdrature gdn~ratrice). La pression statique eat calcul6e en
supposant null.e aa d~riv~e le long de ha higne do maillage passant par he point consid~r6 et pratiquoinent



normale A la paroi.

Enfin, une condition de sym~trie est appliqu~e sur le plan de sym~trie z =L.

Les aubes 6tant non vrill~es et prdsentant un profil constant, le maillage tridimensionnel (Mg.
4) a Wt obtenu par empilement de maillages bidimensionnels identiques. Sur les deux frontibres de
raccord entre le sous-domaine en 0 (autour de laube) et les deux sous-domaines en H (situ~s en amont et
en aval), i1 y a correspondance des points de maillage, ce qui permet d'*6viter de faire des interpola-
tions pour l'application de la technique de raccord et a~,aure done une meilleure r~gularit6 de la
solution A la traversde de ces deux fronti~res. En revanche, sur la fronti~re de p~riodicitd, ii nly a
pas correspondance des points de maillage, car cette correspondance se ferait n~cessairement au prix
d'une d~gradation de la qualit6 du maillage.

Les maillages des trois sous-domaines ont Wt obtenus grAce A une m~thode d'optimisation varia-
tionnelle (22] permettant d'am~liorer grandement la r~gularit6 et l'orthogonalit6 de maillages initiaux
construits alg~briquement. Le m~illage bidimensionnel comprend 13 x 25 points dans le sous-domaine en H
amont, 161 x 53 points dana le sous-domaine en 0 et 33 x 21 points datns le sous-domaine en 11 aval, soit
9551 points au total. Le maillage tridimensionnel correspond A un empilement de 33 maillages bidimension-
nels et coaprend donc 315 183 points.

Les reaserrementa op~r~s au voisinage des parois pour une discr~tisation correcte des couches
limites conduisent A des tailles de maille 6gales environ A 0,2 10-4 Cx sur 1'aube (pros du bord d'atta-
que) et A 1,6 10-4 Cx sur la paroi lat~rale (Cx d~signe lencombrement axial de l'aube).

R68ultats

Les r~sultats pr~sent~s ont W~; obtenus apr~s une d~croissance des r~sidus sup~rieure A trois
ordres de grandeur. Le temps CPU sur i ordinateur CRAY-2 est 6gal environ A vingt micro secondes par
it~ration et par point, ce qui .ondu '. A un temps de l'ordre de dix heures pour les r~sultats pr~sent~s.

La figure 5 repr~sente lea di.stributions de pression aur l'aube pour quatre valeurs de z :z =0
(paroi lat~rale), z =0,041 L, z = 0,178 L et z =L (plan de sym~trie). Alora que la pression W'est
pratiquement pas modifi~e sur la quasi-totalit6 de lintradoa quand z vanie, la pression A lextrados
connait en revanche de fortes variations et augmente, sur la majeure partie de lextrados, quand on
a 'approche de la parol lat~rale. Ce comportement 1i6 aux effets secondaires correspond tout A fait aux
constatations exp~rimentales (12, 13]. Par ailleurs, dans lea trois plans autres que la paroi lat~rale,
l.e calcul met en 6vidence dans la r~gion du bord de fuite, correctement discr~tis~e par le maillage en 0,
une ch..te de la preasion du c6t6 intrados correspondant A l'acc~l~ration de l'6coulement dana la r~gion A
forte courbure, suivie d'une recompression rapide associ~e au d~collement de bond de fuite.

Les counbes iso-nombre de Mach dana le plan de sym~trie sont reprdsent~es sur la figure 6. Cette
fi.gure montre en particulier la bonne description, par le maillage en 0, de l'6coulement dana la rdgion
du bord d'attaque, et la r~gularit6 des courbes iso-ncombre de Mach dans le sillage A la traverade de
linterf ace entre le sous-domaine en 0 et le aous-domaine en H aval.

La figure 7 rep,.'sente lea vecteurs vitesse obtenus par le calcul dans le plan de sym~trie. Sun
lea trac~s des vecteurs vitesse pr~sent~s dana cette conmunication, il faut noter que lea points corres-
pondent aux origines des vecteurs. Par ailleura, l'6chelle de longueur des vecteurs eat propre A chaque
tnac6 et ne donne donc qu'une indication du module de la vitease relative au trac6 consid~r6. Enfin, lea
vecteurs ne sont pas trac~s en tous lea points de maillage.

L'agrandissement du champ de vecteurs vitesse au voisinage du bord de fuite (Fig. 8) met en
6vidence la prdsence de deux tourbillons contrarotatifs dans le proche sillage.

Dana le plan de maillage situ6 au voisinage imm~diat de la paroi lat~nale, lea vecteurs vitesse
repr6sent~s sur la figure 9 ont une allure tr~s diff~rente de ceux tnac~s dans le plan de aymdtrnie.
L'examen de la figure 9 raontre la prdsence d'un col (ddsign6 par la lettre C) en amont de laube, assuciA
A lexistence d'un courant de retoun allant du bord d'attaque de l'aube vera ce point C. Ce d~collement
de la couche limite provient de l'impontant gradient de pression contraire subi par 1'6coulemert sur la
paroi lat~rale lorsqu'll approche du bord d'attaque de laube. Ce comportement classique, correspondant A
la naissance d'un tounbillon en fer A cheval, a Wt d~crit au cours des derni~res ann~es par resolution
num~rique des 6quations de Navier-Stokes dana le cas de la configuration plus simple d'un cylindre aur
une plaque plane, en rdgime laminaine (23] ou en rdgime turbulent (6].

On peut noter par ailleuns sun la fititre 9 la forte augmentation du module de la vitesse dana la
r~gion du bord d'attaque par rapport A l'6cu,,emsnt en amont. Une bonne description de ce ph~nom~ne n6-
cessite l'utzilisation d'un maillage tn~s fin cans la direction z au voisinage de la paroi latdrale. Dana
le calcul prtksent, l'Opaisseun de la maille ,mr~s de la paroi lat~rale correspond A une division par 6 de
1'6paisseut initi.alement choisie dana un essai pr~liminaire et adapt6e au profil de couche limite en
amont. Linfluence sur la solution d'une rdduction suppl~mentaine de !a taille de maille (qui neste
probablement encore trop impontante) devra ftre soigneusement 6tudi~e dana l'avenir.

Dana le plan de maillage passant par le bord d'attaque de l'aube, pn~s du coin forad par ce bond
d'attaque et la paroi lat~rale plane, le comportement de I'6coulement calculd eat illustn4 par lea
figures 10a A 10d qui nepr~sentent le maillage, lea lignes iso-nombre de Mach, lea lignes isolpreaaion
totale et le champ de vecteurs vitesse. En particulier, l'examen des lignes iso-preasion d'arr~t (Fig.
10c) montre l'enroulement de la partie interne de la couche limite autour d'un noyau de pertes 6levdes.
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I Sur ia figure 10d repr~sentant les vecteurs vitesse, on voit clairement 1'enroulement de l'Acoole-ment
dans le coin, le mot "enroulement" n'dtant pe-ut-6tre pas parfaitement appropri6 dans la mesure cad ldcou-

lement s'6chappe du plan- consid6rd dans la direction tangentielle A Vaubage. La figure 11 pr6sentant un
fort agrandissement des vecteurs vitesse dans le coin indique la prt~sence, en -plus du tourbillon princi-
pal, d'un petit- tourbillon secondaire contrarotatif.

Les vecteurs vitesse sur la surface de maillage imm~diatenent voisine de la- paroi de laube sont
reprdsentds sur' les figures 12, 13 et 14 respectivement dans la r~gion-du-bord-d'attaquie, du c6t6

extrados et du c6td intrados.

On -peut constatcr A nouveau sur la figure 12 la grande valeur de la composante verticale de la
vitesse prds de la ligne de bord-d'attaque. Du-c6t6 extrados, lexamen de la figure 13 montre la forte
d~viation de l'6coulement vers le milieu de 1'aube et l1important ralentissement dans la partie arri~re.
En revanche, du c6t6 intrados Fig. 14), 1 6&oulement est quasi-bidimensionnel sur la majeure partie de
Vaube.

L'6coulement oat repr~sent6 enfin (Fig. 15 A 18)- sous forme de courbes iso-pression d'arrdt et de
vecteurs vitesse dans deux plans- parall~les au front de grille.

Pour le premier plan situd A l'int~rieur de la grille en une abscisse 6gale A 86% de lencombre-
ment axial, 1'6coulemeat calculd est compar6 aux r~sultats exp~rimentaux [12] sur los figures 15 et 16.
L'examen des courbes iso-pression d'arrdt (Fig. 15) montre quo l'6paisseur do la couche limito sur la
paroi lat~rale ost beaucoup plus faible dans le calcul que dans l'exprience. Ceci est sans doute dfi en
partie L l'acc~l~ration plus forte de l'6coulement calcul6, li~e au changement de conditions afrodynami-
ques. En revanche, lallure des courbes calcul~es pr~sente une certaine similitude A colle observ6e dans
1'exp~rience (A l'exception des regions proches des parois oiA les mesures ne sont pas disponibles), et le
calcul pr~dit de manidre conforme A l'exp~rience des pertes plus importantes du c6t6 extrados.

Les vectours vitesse repr~sent~s sur la figure 16 t~moignent de la pr~sence dans le calcul du
tourbillon de passage qui occupe, comae dans l'expfrience, tout lc canal interaubos.

Lea r6sultats du calcul sont 6galement pr~sent~s dana un plan situ6 A une distance 6gale A 52% de
lencombrement axial en aval du bord de fuite. -Deux- canaux ont W trac~s par p~riodicit6. L'allure des
courbos iso-pression d'arr~t (Fig. 17) et des -vecteurs vitesse (Fig. 18) est classique pour ce type
d'dcoulement avec un n,>yau dans le sillage correspondant b-une perte de pression d'arrdt, et la pr~sence
d'un tourbillon 6tendu.

4. CONCLUSION

Les r~sultats pr~septds-dans cetto communication ont montr6 que la m~thode num~rique utilis~e,
appliqude dana on xaaillage fin associant deux scus-domaines en H et un sous-domaine en 0, conduit A une
description pr~cise de l'&coulement dans une grille de turbine, et permet de mettre en 6vidonce des
phdnomdnos complexes d'6coulements secondaires. En raison du changement de conditions de l'6coulement 116
au caract~re compressible des 6quations r~solues, seule une comparaison qua~itative limit~e avec l'exp6-
rience a Wt effectu~e. Cette comparaison peut Atxre consid~rde comme encourageante, mais une validation
plus poussde du code est bien entendu n~cossaiie pour pouvoir l'utiliser comae on outil pr~dictif. Cette
validation constituera la suite imm~diate de nos travaux.
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DISCUSSION

Savini, Italy

1. Can you comment about comparison with experimental total pressure
contours downstream of trailing edge?

2. Was the multigrid effective for this computation?

3. How did you treat the wake region in the 0-mesh" subdomain?

Author's Reply:

1. Due to the different flow conditions, we have done a limited
comparison between computation and experiment; in particular, we have
not compared the total pressure contours downstream of the trailing
edge. Besides, the total pressure contours downstream of the trailing
edge were available in the experiment only in one section very close
to the trailing edge (at a distance equal to 0.024 C x).

2. The multigrid acceleration technique was tested in Ref 10 for a 2-D
Navier-Stokes calculation and was-found to yield in that case an
acceleration factor of about 3. We have not tried to do the present
3-D computation without multigrid because it would have been too
costly. I think that the acceleration factor is- slightly smaller in
the 3-D computation than- it was- in the above mentioned 2-D
calculations.

3. There is no special treatment for the wake region in the
0-subdomain. In particular, the turbulence model is- applied in the
same way at any point of the 0-subdomain, as it is described- in the
paper.

Hoffmann, Germany

Did you try a calculation with an H-type grid instead of your 0-type grid
equivalent to that of your 0-grid? If yes, did you achieve a comparable
accuracy near the trailing and/or leading edges. Using--such- a fine H-type
grid as you did with the 0-type, to my opinion, may yield in comparable
accurate results.

Author's Reply:

I did not try a calculation with an H-type grid. However, I am convinced
that, with an equivalent number of mesh points, an 0-type grid is capable
of providing improved solution accuracy when compared with an H-type grid.
The use of an 0-type grid allows the minimizing of the- discretization
errors at the leading and trailing edges.

Erkilet, Turkey

From the paper I understand that, you assumed Prt = 0.2 Pr = 0.9. May I
learn, how did you assume these values?

Author's Reply:

We assumed from general information- given in literature. Do you have a
comment for those values?

Comment: As far as I know, for turbulent turbomachinery flows, it is
advised to assume values about 1.
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Papailiou, Greece

1. Which is the number of nodes for your calculation?

2. Can you give some more details about the physical meaning of the

distance d?

Author's Reply:

1. The number of nodes is equal to 315,183.

2. The distance d is used to account for the turbulent length scale
corresponding to the presence of several walls. More details about
its physical meaning may be found in Buleer's paper [15].
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CALCUL DES ECOULEMENTS SECONDA7RPS
,DANS UNE TURBINE AXIALE

J. BERNARD -- F. FALCIE'rI
SNECMA, Centre de Villaroche

77550 MOISSY CRAMAYEL - FRANCE

RESUME

L'estimation des 6coulements secondaires est uin objectif majeur pour ]a conception des aubes de turbine
et I'analyse de leurs performances. Une m~thode de calcul des 6coulements secondaires, d6velopp~e
iiiitialement pour les compresseurs multi-6tages, a 4t6 appliquiie en grilles d'aubes de distributeui et stir
Lin 6tage de turbine basse pression. La mdthode, coupide A urn calcul m~ridien classique, d6termine
correctement ]a vorticit6 secondaire, et la correction locale de la triangulation qui lui est associ6e. La
d6termination des pertes secondaires et du blocage rcstc insuffisante car lide Zi un calcul integral des
coukhes limites de paroi. La m6thode petit n~anmoins Utre utilis~e conjointement aux corr6lations usuelles
et dans ce cadre son emploi permet Line meilleure adaptation des grilles d'aubes successives lors do la
,.on ,eption. L'analyse des performances d'un aubage, et notamment la ptivision d6taill~e des 6coulements
secondaires, exige bien sfir l'emploi do m6thodes do resolutiont des 6quations di Navier-Stokes
tridimensionnelles.

ABSTRACT

Satisfactory prediction of secondary flow effecta can be considered a majoi. objective in the design and
analysis of turbine blades. A method, initially developed for the computation of secondary flows in
multi-stage compressors, is biiefly presented together with results obtained on a turbine nozzle cascade
and on a low press-ure turbine stage. Satisfactory results are obtained for the secondary vorticity as
well as for the local variations in the velocity triangles. However, secondary losses and blockage are not
well predicted due to the integral character of the wall boundary layer calculation used in tho model.
However use of the method together with current correlations can yield interesting results especially as
far as suttebsive blade row adaptation is concerned. For detailed prediutioris of blade row performance,
in particular secondary flow effects, the turbine designer must. implement more complex methods
developed for the resolution of the three-dimensional Navier-Stokes equations.

Nomenclature

8 =-coefficient de blocage
h =hauteur de veine
hm, hb =mitriques h.

(m,b,O) ZsystbMe de coordonndes -curvilignes axisymdtriques
9P pression-statique
P =pression totale
(s,b,n) =systbme de coordonndes intrinsbiques, orthogonal
Urn, ub co -ordonndes selon len directions m aet b
T =tempedrature totale
7v vitesse absolue

W = vitesse -relative
(z,r,e) =systbme de coordonndes cylindriques,

cc =angle absolu de 116coulement (:tari (ye/yin))
J3 =angle relatir de l'6coulement ( aI(~w)

=3 angle du promi
= dpaisseur de la-couche limite

en =dpaisseur de d~placement mndridienne

=dpo .isseur de d~placesment transversale
J b)

AO,,.A048 composantes du-ddflcit de force d'aubage
603m =d~ficit de pression statique

0 =angle entre les directiorsz et mn

11 vorticitd relative (=-TAV7emasse volumique
2t =viscositd clndmatique, turbulente

e; = tenseur des tensions visqueuses

indices infdrieurs

=valeur 5 la poroi
Mtb,S zcomposantes dun vecteur dons le systbme de-coordonndes oxisyindtriques
s ,b,fl =-composantes d'un-vecteur dons le systbme de coordonndes intrinsbques

valeur b la lunite extdrieure de la couche visqueuse

indice-sup~rieur

A relatit hi ldcoulement sain -non-visqueux
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INTRODUTq3ION

Los objectifs croissants de charge et de rendenient pour les turbines de moteur d'avion irnpliqtiont tine
estimation correcte des pertes. Les pertes socondaires doivent en particulier 6tre connues d6s le stade
de la d6finition de ]a triangulation d'un projet de turbine. Or les calculs m6ridiens servant A 6tablir
cette triangulation tie pronnont pas en compte lea effets visqueux associ6s aux parois du moyeu et au
carter; ceci conduit le concepteur A appliiuer des corrections trbs globales stir la triangulation. A partir
de correlations semi-empiriques ou l'experience du constructeur, l'effet de blocage et les pertes dais
aux couches limites so d6veloppa r la veine sont pris en compte par tin coefficient, et par une
correction globale des pertes di t6es. Le probl6ine de la ddsadaptation locale en pied et en
t6te de grilles d'aubes successi- ord6 qu'en tr-rmos de tenue i l'incidence.

Une approche plus compl6to du cali aes pli6noin~nes socondaires est en fait suhaitable d~s to stade de
la definition do la triangulation :Ia correction du calcul m6ridien sous l'effet des 6coulements secondairos
ost, seutle capable d'aboutir hi lestimation correcte do Ia triangulation, notaimient en pied et en tfte des
aubages. L'objectif doit donc Wte do disposer non settlemaent de 1'dvolution axiale du blocage associ6 aux
coucios limites du iaoyeu et du Carter, mais aussi do l'6volution radiate des pertes et de l'angle do sortie
de l'coulement li6e A ]a prdsence des idcouloiaonts secondaires.

Un code de caicul des ecouloments socondaires a 6t6 ddvelopp6 Ai l'Ecole Centralo do Lyon et it la SNECMA
J1 pour le cas des comprosseurs monoetagos. Une adaption du code aux compresseurs multi-6tages a 6t6
realisee 2.>. L'objet do co pr6sent travail concerne ]'application de tce code A des 6coulements do turbine
afin dWen d6terminer la validit4.

Dans tin premier temaps los caract6 ristiqutes do la m6thode seront pr6sent6es en insistant Suir los
hypotheses simplificatrices entrant dans Ia moddlisation. Colles-ci pourront 6tre discutdes au vu des
resultats obtonus pour des ticoulements do turbine. Le comportement du code sera en effet analysd stir
des configurations industrielles do grille d'aubes et d'6tago do turbine Skkr losquelles des rdsultats
expdrimentaux sont disponibles.

Cette analyse doit permettre do comprendre le doniajac d'application et los limitations do cc type
W'ar e'roche. Los perspectives plus gdndrales quant au calcul des phdnom6nes secondaires seront
6galezaent aborddes soua 1'6clairage do 1'expdrience acquiso Ai la SNECMA.

I - METHODE DE CALCUI,

La mdthode do calcul utilisde est ddcrito en ddtail par Lebocuif-Brochet <1>. Notts reprendrons ici los
caracteristiques principalos tde la mdtliode era insistant sur los points particuli6rement iraportants dans le
cadre d'une application en grille d'aubes do turbine.

L'ecoulemeiit est represente par un mod6le A truis zones . deux zunes visquouses au ',oisinage des parois
du moyeu et du carter, sdpardes par une zone samne oit l'dtotlenient nidridien classque est peu perturb6
(voir figuire 1). Notons toutefois quo le calcul do Ia zone saine tieat cumpte des effets visqucux lids it la
prdsence des profils.

Los 6coulements secondaires prdsents dana los deux zones visqUoiises sont apprdhendds par tine
correction visquouse apportee it l'6coulement sain. Le niveau d'approxiniation du calcul des 6couloments
secondairos est comparable A celto du calcul mdridion . Ia zadthodo ddtermine ainsi la valotir moyennde on
azimut des effets secondaires dans tout le plan nidridien.

Los couches visquouses stir le moyeu et Ie carter sent traitdes sdpardment, l'coulement extdriotir do
reference etant Ia valour a la paroi do l'6COuilement ,ain. L'6coulenient womplet est roconstitud en fin do
calcul par stiperposition. Un coupiago classique 6coulement imiridien - couches visqueuses est rdalis6 par
des injections do ddbit paridtaies au moyeu ot aui Carter, reprdsentant le blocage (voh' fig. 2).

%~U MEAIOIEN
HO-SOJ50EUX

BOUCLE
Vi""CALCUL. - IC _i.CtL oICOucHi ICO~qHE COi'LAGE

IviHOYE U I ICATiER~ IN H.

oceirs iNJECTES

q

Fig. -1 Mod6isation do l'dcoulemcnt nidridien -Fig. 2 Couplage calcul mdridien-Cdcoulement secondaire



15-3

1.2. CLC4CU DES COUChJES VSJEUSES

La correlation visqueuse relative A chaque paroi est obtenue en r~solvant un syst~me d'6quations
d~i,es d~ks 6iuations de Nd'.iei:-Stokes cumpressibles statiunnailes et parabolls~es dans la, directioa de
l'4coulement. La connaissance de l'4coulement sain A la paroi d6finit une direction priviI~gi~e de
1'6CoUlemezit secoridain~e. Cette propri6 est Utilis~e pour dconmpuser ce dernier en un 6coulement
lUngitUdinial skd ant tutte direktkofl et kin 6&oulement, tranbversal directement hi6 A la vortikitt secondaire
(tourbillon do passage).

On utilise ainsi en syst~me de coordonn6es m6ridiennes (in, b, 0) et tin syst~me de coordonn~es
intrins~ques (a, b, n) l6it chaque aubage (fig. 3). Un traiteinent partiuulier, est appliqud dans les plans
de CalCUl SUda6 entre deux grilles et o n on passe d'un rep~re fixe A tin rep~re mobile ou inversement.

b san

w

W. b '-_co.che visqueuse

0 axe de rotaonf

Fig. 3 Syst~mes orthogonaux- do coordonnkos Fig. 4 Int~gration des- 6quations suivant -Ienvergure

La mdthode eat enfin basde iur une approche intdgrale de ]a coluche limite. Lea 6quations decrivant

l'dvolution de ]a couche lirnito sont:

-l'dquation intdgrale de continuil moyonnde en azimut

(1) _L $~~*mb(If) IiL. )

Le second mombre de cette 6quation reprdsente l'entrainement du fluide dana ]a couche limite, mod~fisi
par ue loi do Head <3).

- lea dcxix composantes solon m et 0 de I'6quation intdgralo de quantMt de vaouvement, moyennde en
azimut, 6crites soes forme ddficitaire par rapport A I'dcoulement sain, et intdgrdes jusqu'li ]a fronti~re
extdrieuro (voir fig. 4).

(2)~_ .L3h., 1Az (to td ~ ~ f~~~ V2*ZV)db= 610 +603f

(3) h AA A r AA A h AACVWAA *)db

fe~~~fqx-e~VC)db 6io,

Le vectour Di roprdsente Peffet visqueux aur la force d'aubage. Dana une zone libre d'aubage, ce torme
eat rnul et (2) et (3) sont r6solues directeinent. En zone aubdo ii est, ndcesaaire de se donner ]a direction
du vocteur Di.

oti le coefficient e reprdsonte en 4cart de Di par rapport &. ]a perpondiculairo au profit.

Les trois 6quationa do base (1), (2), (3) no permottont pas une rdsolution du champ adrodynamique
complet, il est, ndceasajirt, ci d~fArminPi' 1'P -1-ioiis rmrnsentes de le valouir aicyennec on azirrut du
vecteur xitesse. L'approcho intdgrale retenue noes conduit A d6dorire la composanto longitudinale Ws par
tin profil analytique. Le choix s'est port6 sur ein profit do KUhn et Nielson <4X.

tUne description analytique des profits do vitosse W, et Wi semblo cependant plus difficile. La composante
tranversale Ws, directement lide A 1'existenco do la vorticitd socondaire (tourbillon do passage) eat alors
obtenue par une mithode diffdrentielle basdo sur ]a rdsolution d'une 6quation do transport do ]a vorticit6
aecondairo longitudinale at .

L... (Sc - W) -W 4'.2 (J)[cc#~ )Ci~ 4, 1G

(5) G Chth IUM 0 - DI" )%, In -f ... I

A 2
(, 

2 0
6(.

11
1t Gi0  -4 U7,. )(flA

2
,i)(KezIJB

Gb a b hUn
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11 est ndcessaire de r~soudre dans le plan transversal une 6quation de Laplace

(6) at - 2

la fonction de courant v~rifiant

(7) ) b ~

Si la composante W. repr6sente directement leffet de la vorticit secondaire, ii W'en eat pas ainsi pour la
composante Wi (moyenn~e en azimut). Seules les fluctuations aszmutales do Wj pourraient atre d6duites de
Ia connaissance de ]a vorticit6. Ainsi cette composante eat quant A elle obtonue en -r~solvant une forme
appropri~e de Nq&uation de continuit6, traduisant N'pais~lasemont de la couche limite

(8) &e.b ~W()

Le terme Wk (0) 6tant nul sauf dans le cas de pr6l~vement ou d'injection pari6tale de d6bit pour la
ventilation interne du moteur.

Le calcul de ]a vitesse eat cornpl6tA6 par ceux de la pression statique et de )a temp6rature tota.e. L'6cart
de pression atatique avec N'coulement sain est calcu16 en r6solvant la coinposante aelon b de VNquation
de quantit4 de mouveinent. La fluctuation aziinutale do Wi, d'un ordre de grandeur nettement aup6rieur A
sa valeur zcoyenne nWest cependant pas prise en compto. La temp6rature totale T, qui intervient dans 10
calcul de Ia masse volumique eat obtenue en r6solvant une forme non visqueuse de l'dquation do
l'6norgie; en particulier, les transferts thormiques pari~taux no sont pas mod~lisds par Ia mA-thode.

La parabolisation des 6quations r~duit lea temps de calcul n~cessaires, mais peut conduire A des
instabilit6s nuin6rigues. Lea effets elliptiques n~gligia, li6a surtout au champ do pression statique sont
restitu6s de fagon approch~e en r~solvant une 6quation suppl~mentaire relative it N'couleinent sain, en
m~ine temps quo lea 6quations pour l'4coulement visqueux. En pratique cette 6quation se pr6sente cotame
une 6quation en Q. et calcule lea effets lin6aris6s de blocage et de courbure sur l'~coulement samn;
ceux-ci sont provoqu6s par lea variations entre deux it6rations de couplage du d6ficit de debit
repr~isentant )a couche limite. L'effet coraplet eat bien ontendu restitud par le couplage au calcul
m6ridien.

Apr?~s diacritisation, cette eiquation auppl~mentaire s'6crit sous une forme vectoriello:

(9) A

de nature elliptique et assure ainsi la- stabilit6 du calcul.

La description de I& in~thode do r~solution adopt~e pour act ensemble d'dquations (1) A (9) n'apporterait
pas d'4clairage aur le travail r6alis6, le comportement num6rique 6tant satiafaisant dana 1'enaemble des
cas pr~sent6s. Le lecteur int6ress6 pourra so reporter A tine description donn~e dans <1> ot dans <2>.

2TESTS DE LA METHODE AXISYMXRL UE

2.1. Q_L_ e-d isrbtu e tcie asePeso

La premi~re application pr6sent6e ici eat le calcul des 4coulements secondaires pour uno grille d'auber. do
diatributeur de turbine basso pression. Cette g~omdtrie a pu Utre test~e en soufflerie do grille annulaire,
at dec r6sultats expdrimentaux disponibles pormettent uno romparaison des r6sultata die calcul hux
valeura mesur~es.

La g~om~trie de l'aube, fortemont tridimensionnelle ost pr~sent~e en fig.5. L'aubage est subsonique :le
nombre do Mach A l'amont vaut 0.5, ]e nombro do Mach A l'aval vaut 0.65. La d~viation do Pa~ubage eat
relativement forte pour tin distributeur (ABI = 85') ce qui correspond A une application r~aliste pour ]e
teat do ]a m6thode en grille d'iiuboa do turbine.

Lea mesures diaponibles sont los suivanter : conditions g6n~ratrices do ]a soufflorie, profils radiaux do
preasion totale et do l'angle do I'dcoulement A Ileortre et A ]a sortie do ]a grille d'subes, mesures do
preasion statique aux parois dui ioyeu et du carter d'une part, sur la section du profil it mi-hautour do
veine d'autre part (non utiles dana le cadre do cc travail). Une attention particuliare aux mezures
proches des parois moyeu et carter & 6W4 port6e, afin do d~terminer I'efct des 6coulements secondairea
sur lea performances do 11a grille.

0.40

Fig, 5 G 6om 6trie d laubage 
Fig. -6 V eine im6ridienne t plans d m esures

Vuiarir
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Un calkul mdridien, Qoupl6 au ealcul des 4coulements setondaires, a W 4t6alise. La gevmetrie de la verne,
le maillage de calcul et les injections mod~lisant le cwuplage sont repr6sent6s en fig.6. Le maillage

1vertical" est commun aux deux w.,des, mais lec ode d'6coulcmerits secondaires est 6,videmment. plub
resserrd au voisineage des parois, ane vingtaine de points de calcul se trouvant dans la zone visqueuse.

Le comportement numdrique de 'a mdthode .ouplee a k6d satisfaisant. Cinq it/5irations de Louplage
seulement sont n6cessaires, grAke it I'4quatiori d'irteraition fluide viquu -doulement sain pr6sente
dans ]a m6thode de calcul des deoulements secondaires.

Les mesures de pression totale et dWangle A l'amont (fig.7 et 8) ont servi A l'initialisation du calcul
d'6coulcment secondaire dans le premier plan (plan 18 du maillage). Les rdsultats dans le plan 35 du
rmaillage, correspondant au plan de mesures A 1'aval de l'aube, sont prdsentds en fig.9 et 10.

On peut constater si ces r~sultats une addquation correcte de 1'angle de sortie calcuM a l'angle de
sortiu mesur4 (voir fig.10). Au inoyeu la concordance est tr~s bonne, quciques 6earts subsistant au
carter. L'angle de sortie depend bien sar du rapport de la vitesse transversale WS A la vitesse
longitudinale W,. Ici, compte-tenu des 6carts entre l'6coulemant secondaire et Nc~oulement sain ne
ddpassant pas quelqucs degr~s, le bon accord de l'angle de sortie ddnote essentiellement un ealeul
satisfaisant de ]a vitesse transversele Wo, par le biais de ]a vorticitg secondeire Qs

Le~s r~sultats sont muins bons pour cc qui coneerne la p.ession totale. L'6,volution iadiale de la pression
totale, d6duite de 'volution radiale de ]a vitesse Iq et de ]a pression statique, prdsente un 6cat
impurtard. entre valeurs cakuhies et valeurs mesurmics, dens les zones visqUeuses prothes du muyett et
du ,arter (voir fig.9). Ce r6sultat provient pour l'essentiel d'une mauvaise addquation du profil de
vitesse anelytique pour d~crire ces couches visqueuses.

Enfin des 6carts de pressiun statique b. laval de la grille d'aube ddmontrent un calcul du blocege
insuffisant (voir fig.11 et 12). L'6volution de la couche limite, ddcrite par one mdthode int~grale, ni'est
pas correetement prddite. Par le biais du couplage au .;alcul m~ridien par injections paridtales, les
corrections de d6bit sont errondes et condoisent A tine valeur trop faible de ]a pression statique.

2.2. Etage de turbine bassp j LesEion

La deuxi~me application du code a 6t6 rdalisde pour tin caleul des 6coulements secondainres dens le
premier 6tage d'une turbine basse pression. Cette gdomdtrie a 6t6 testde en banc de turbine et les
rdsultats disponibles permettent une comparaison des rdsultats de cakcul aux valeors mesurdes.

La gdomdtrie du distriboteor cat plus simple que dens le test prdeddent, mais 1'deoulement est de m~me
type :subsonique, Ie noinbre de Mach valant environ 0.5 h l'amont, 0.60 At 1aval; la ddviation est du
mame ordre : a B 90%. Pour ce qui concerne ]a roue mobile, N'coulement relatif est 6galement
subsonique, le nombrc de Mach relatif velant 0.35 A l'amont, 0.66 A l'aval. La ddviation, quaint h elle, vaut
0z~ W0. Cet 6tage de turbine est reprdsentatif du premier 6tage d'Unc turbine basse pression de moteur
civl).

Les mesures disponibles pcair la validatioun de la mdthode sont momns nombreuses et momns fines que dens
le ceo prdc6dent. La veine d'essaiis crt 6quIpde de trois plans de mesure, A 1'amont du distributeur, entre
Jos deux grilles et & l'aval de ]a roue mobile, notds 480, 490, et 49A respectivement.

Les --onditions giin6ratrlce. de 1'6coulemen. sont connues, ainsi que les profils radieux de pression totale,
angle et tempdratui~e totale de I'dcoulemcnt aux plans 480, 490 et 49A. Derri~re les aubages des mesures
e'n boinsage (ddplacement. radial de ht sonde, azinut fixe) et en lumi~re (Int6gration azimotale des sillages
sur on pas A diverses profondeurs d'immersion de ]a sonde). Les mesures proches des parois W'ont
cependant pa Wt offectudes avec toute ]a prdeiibr. souhaitable ici. Enfin, notons que les mesures de
tempdrature totale n'oat pas Wt exploitdes dans cc travail seuf pour s'assorer de la cohdrence du calcul
mdridinit per rapport au point dd fonctioitnement de Ia- turbine.

l'omwne P-rdcddemmcnt le calcul mdridien, coupl6 au calcol des 4coulements secondeires, a 6W~ -rdalisd, avee
autant de cilidrrnce qu'il est possible pour reconstituer le -point de fonctionnement de la turbine. La
veino ot le rnaillago de calcul sont reprdsenfds en fig. 13. Les plans de mesure 480, 490, 49A
correspondent respectivement aux plans de maillage- 17, 30, et 37.

* -0.30 9

-I., - 0.00 0.10

F.ig; 13 Veine mdridienne et -plans de -moaure
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Le comportement num~rique de la m6thode coupl6e a Wt satiafaisant. Sept it~rationa de couplage ant 6t,6
r~alls~es.

Les meaures de presalon totale et d'angle au plan 480 ont servi A l'initialisation du calcul des
C-coulements aecondaires dans son premier plan. Ces r~sultats sont pr~sent~s fig.14 et 15.

Les r~sultats au plan de mesure 490, A l'aval du distributeur, sont pr~sent~a fig.16 et 17 pour Ia
preasion totale et l'angle de l'6coulement. On note comme pr6c~demment un calcul r6aliste de l'angle de
sortie, associ6 A une 6valuation des pertes moins pr~ciae. Dana cc cas cependant, 11 faut noter des 6carts
de preasion totale dans Ia zone samne, d~a A des 6carts importants des valeurs mesur~es entre les plans
480 et 490, non pris en compte par le calcul mdridien. De plus Ia conclusion sur l'angle de sortie eat plus
difficile compte tenu de l'absence de mesures fiables au volalnage des parois.

Lea r6aultats au plan 49A, A l'aval de la roue mobile sont prdsent6s fig.18 et 19, pour Ia pression totale
et 1'angle de aortie. LA encore lea conclusions sont rendues difficiles par l'interprdtation des mesures.
Pour ce qui concerne l'angle, on notera, que l'coulement samn recoupe plut6t les valcurs mesur~ea en
boaaage. Par contre l'allure de 11culmn A Ia paroi, au moyeu et au carter, a'accorde plutht aux
meaures ddduites de Vitgrto de -1'lages. Pour cc qui concerne la pression totale, l'accord entre Ie
calcul et lea meaures eat trea aatirfao nt, notamment pour lea sillages intdgr~s. Bien quc mal calculde au
plan 490, Ia pression totals semble W~en 6valu6e au plan 49A, ceci Rtant en fait en grande partie di A
l'ajuatcment du calcul m~ridien au point de fonctionnement de Ia turbine.

Enfin un rdsultat inthreaaant concerne I'6volution du blocage, repr6sent~e par 1'6volution de Ia pression
statique aux plans 480, 490, 49A. (voir fig.20, 21, 22). On note un ddsaccord assez important au plan
intermddiaire, montrant une sous-cstimation du blocage produit par lea couches limites A la travers~e du
distributeur. Cependant au plan 49A l'accord calcul-expdrience est AL nouveau satisfaisant, laissant
pr~sager une estimation correcte du blocage A ]a traversde de l'6tage. Cependant l'incertitude aur
l'accord du calcul concernant l'angle de l'6coulement au plan 49A entache cc dernier rdsultat d'une marge
d'incertitude importante.

Cc dernier tr it montre l'obtentlon dc rdaultats rdaliates dana l'ensemble mais des easais en turbine plus
pr6cis seraient n~cessaires pour conclure; ccci d'autant plus que des 6carts lacaux importants ant 6t6
ddmontrds, notamment pour lea pertes et le blocage, tant pour un distributeur isol4 que pour un 6tage
complet.

3 - ANALYSE-DES RESULTATS.- PERSPECTIVES POUR LB CALCUL DES PHENOMENES SECONDAIRES EN
TURBINE

3.1. Domains d'a~plication de la m6thode

Lea rdsultats obtenus en grille d'aubes de distributeur d'une part, sur Ie premier 6tage d'une turbine
basac pression d'autre part, permettent de d~limiter aur un certain nombre de points Ie domaine
d'application de Ia mdthode axiaym6trique.

I1 faut noter tout d'abord que Ia diecussion ne porte que sur lea turbines subsoniques, Ia m6thode
n'ayant pas 6t6 testhe sur des aubages tranasoniques; aucune prise en campte des chocs nWest d'ailleurs
incluse dana Ia mdthode.

Le premier point d~montr6, largement positif, eat une b-)nne ad~quation de l'6quation de transport de la
vorticit6 secondaire pour Ie calcul du champ de vitesse tranaversale Wt. Ce r~sultat semble pouvair ftre
expli qu6 par le caract~rc esaerntiellement 'potentiel" du mdceanisme de formation du tourbillon de passage.
Certains auteur8 obtiennent une estimation tr~s correcte des 6coulements secondairca, au mains pour Ie
champ des vitesses, A l'aide de mdthades de calcul tridimensionnelles en. fluide parfait les travaux de
Boletis et Arts <5> pour une grille d'aubcs de turbine basse vitesse, et ceux de Bassi, Osnaghi,
Perdichizzi, Savini <6> corroborent largement cette hypoth~se.

En revanche, le calcul de Ia cauche limite pariftale, au moyeu et au carter, se heurte A des obstacles
plus s~rieux. 11 ne seinble pas que l'hypoth~se de couche lFmite retenue soit suffisament pert inente, ni Ia
mdthode int~grale suftisament prdcise, pour un calcul pleinement satiafaisant du blocage et des pertes
secondaires.

Ccci peut 8trc aia6rnent canfirm6 par une revue expei'imentalc de Ia nature des phdnomines secondaires.
Gregory-Smith et Graves <7> ant r~alis6 des. mesures tridimensionnelles ddtailldes des ph6nom~nes
secondaires en turbine. On peut ais~ment v~rifier que le champ de pressian atatique eat fortenent
influenc6 par Ia pr~sence du tourbillon de passage (voir fig. 23). D'autre part, Ia production des pertes
eat Mie A des ph6nom~nes tridimensionnels localisds * prdsence de lignes de ddcollemcnt et de recallenent
tridim#-nainnnPllPq sawr Iak plate-forme et sur l'extradoa (voir fig. 24). convection de fluide de basac
6nergie au sein du tourbillon de pabsage, inter.Action de celui-ci avec la couche limite i l'extradas (voir
fig. 25).

Cependant, le . ianque de prdcision au niveau des pertes et du blocage ne condamne pas l'emploi de Ia
mdthode pour le calcul de conception des turbines. On peut noter en effet quc Ia mdthode donne des
r6sulte 3 int~ressants pour cc qui concerne Panfgle de sortie; par ailleurs, I'imprdcisian du calcul du
blocage ne p~naliac pas Ie calcul au niveau du plan de sortie de l'6tage de turbine; enfin, l'estimation
des pertee secandaires peut 6tre abtenue par lea corrdlations utilis6es largement par lea canatructeurs.

En conclusion, la coffbinaison calcul mdridicn - m~thode axisymdtriquc - corr6lations expdrimentales
semble prometteuse pour Ia conception des turlan, . ,e problime de lVajustement de Ia triangulation aux
effets via.]ueux tridimensianneis est natamnen.. abord6 de faqon satisfaiaonte; l'adaptation locale en pied
et en t~tc des grilles d'aubes successives est nassible.
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Ces r~sultats d'ensemble, que P'on peut juger positifs compte tenu de ]a simplicit6 de la formulation
(qdtelques secondes de calcul IBM 3090 pour un 6tage de turoine) devront bien entendu 6tre confirm~s
sur des tests incluant des turbines completes de quatre ou c;inq 6tages.

Une amelioration de la m~thode reste sans doute possible par u.. meilleure mod~lisation des couches
visqueuses, de la "couche limite" longitudinale notamment. Cependant ceci ne se--a r6alisable qu'au prix
d'une lourdeur accrue. Enfin il n'est pas assure qu une m~thode de type axisym~trique soit capable
d'estimer correctement la o~roduction des pertes secondaires, ph~nom~ne essentiellement tridimensionnel.

S lignes de d~collement

R lignes de recollement

Fig. 24 Lignes de courant A la paroi
d'une aube de turbine

3.2. Calcul des 6coulements visaueux tridimensionnels en grille d'aubes de turbine

Parallernent aux travaux pr~cdderts, portant sur des m~thodes 16gires, adapt6es A la conception des
turbines multi-6tages, le d~veloppement de m~thodes de calcul des 6coulements visqueux tridimensionnels
est une prior~t46.

La prevision de ces 6coulements est en effet essentielle pour l'analyse des performances d'un auhage

- prdvision fine des 6coulenients secondaires, incluant la description du tourbillon en fer-A-cheval, des
lignes de d~collement associ~es, du tourbillon de passage, des lignes de courant au voisinage des
plates-formes et des nr'f*.s.

- pr~vision fine des Fertes de l'aubage incluant lea pertes de profil et pertes secondaires; la
connaissance de la localisot.mn des nertes doit permettre de mieux cornprendr- et mieuxc contr8ler leur
production. L'optimisatior ahrodynamique tridimensionnelle des aubages d6pencA de ces deux points.
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- prdvision fine des effete thermiques tridimensionnels 'redistribution du profil radial de teirp6rature A
l'entrde de la grille d'aubes, 6volution dans le canal interaube d'un pie de tempdrature derri~re un
injecteur, transferts thermiques pari6....x sur lea aubes et les plates-formes.

Compte tenu de cet objectif multiple, la SNECMA a engag6 un effort important pour ]a rdsolution des
6quations do Navier-Stokes compressibles moyenn~es stationnaires en grille d'aubes de turbine. Cet
effort, compidmentaire du travail pr6sent6 au paragraphe 2, aboutit d~s aujourd'hui A des applicatiocis
industrielles.

Le ddveloppement d'un code Navier-Stokes paraboliB6 tridimensionnel a Wit entrepris A l'Ecole Centrale de
Lyon, pour~ le calcul des 6coulements secondaires en grille d'aubes de turbine ventildes. Une premi~re
application eat en cours sur une grille d'aubes de distributeur basse vitease <8>.
Le ddveloppement d'un code Navier-Stokes tridimensionnel A l'ONERA, soutenu par la SNECMA, permet
aujourd'hui une application en grille d'aubes de distributeur <9>. Les r~sultats montrent un calcul
correct de l'6coulement tridimensionnel y compris au voisinage de Is plate-forme (voir fig. 26).

Ces applications, qui doivent aboutir aux objectifs cit~s plus haut, prdsagent pour Ia SNECMA la
possibilit6 d'appliquer une panoplie de mdthodes adaptdes au calcul des 6coulements secondaires it divers
stades d'un projet: m~thodes 16g~res, axisymdtriques, pour lea calculs de conception multi-4tagoa,
mdthodes tridimensionnolles, bien plus coiteuseB, pour l'analyse des performances d'un aubage.
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Sumnmary

A three-dimensional viscous flow code is used to distinguish aerodynamic performance of different designs of tur-
bomachinery components. Two designs of a high-pressure-ratio turbine nozzle and a centrifugal compressor impeller are
numerically studied to investigate detailed flow development and overall aerodynamic performance. The present study indi-
cates that the current viscous code can differentiate aerodynamic performance of various designs of turbomachinery com-
ponents.

Introduction

Computational fluid dynamics are frequently used for the analysis and design of turbomachinery components. Various
methods, such as streamline curvature, potential flow, Euler, and Navier-Stokes, are an integral part of computer-aided
engineering systems. As computer architecture becomes more powerful, increasingly complex Navier-Stokes methods are used
to get more realistic pictures of the flow. Although Navier-Stokes methods are more e..pensire than Euler methods or Euler-
boundary layer methods, they provide invaluable information when the design is pushed beyond the current envelope of correla-
tions.

Various previous numerical studies based on Navier-Stokes solutions [1-4] have shown great promise for the prediction and
evaluation of aerodynamic performance of newly designed components. One of the purposes of doing viscous flow computation
is to estimate aerodynamic performance parameters of a particular component. To predict aerodynamic performance correctly,
various important viscous flow phenomena (boundary layer development, secondary flow generation, flow separation, shock-
boundary layer interaction, etc.) must be adequately represented in the solution. Because the currently available physical
models (flow transition, turbulent shear stress, turbulent heat flux, etc.) are rather restricted, the numerically predicted value of
aerodynamic performance parameters, especially aerodynamic losses, are not always exactly the same as the experimentally
measured values. However, it is believed that the differences in aerodynamic performance of different designs can be predicted
numerically using Navier-Stokes solutions.

In this study, a relatively well-established numerical method for Reynolds-averaged Navier-Stokes solutions is applied to
compare numerically the aerodynamic performance of slightly different designs. Designs for a high-pressure-ratio turbine noz-
zle and two different centrifugal impeller designs are used for comparison purposes.

Governing Equations and Turbulence Modeling

The following Reynolds-averaged Navier-Stokes equations are solved for the current problem:

I
-- (;) = 0 (3)

(O j) + 2p Itij flj UK = - + j I Fj (2)
CW, &, j 3 3&k

---(fje) -r4 - t- (pU) + UF + Ua U,/ + allk (3)k

yj (*cJ[Pr),ff.ci] & wj a &IS &j3 kAV

P = pRT (4)

where J, -- mean velocity, u4 fluctuating velocity, e = total energy, 1 = angular velocity,

and

1e =CT + j UjV
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A modified k-r, two-equation model is used to estimate Reynolds stresses and heat fhx. The turbulence model is extended
to the solid wall following the studies of Chien [5]. The following additirnal transport equations are solved to calculate tur-
bulent stress terms:

apUk)8 a~ ' -4 O (5)

&i (= 9kZ 0jUj C- 5
-P~uj4J-P p2 -1

&i a. Uk- 1i k1

where

= iJ + Co,(k 2/) [I- eXi (-c3u*I/v)]

and

f0 .4 e - ( 0 1 6l O
= 1.8

No attempt was made to optimize constants of the turbulence modeling equations for this study. Therefore, standard values of
various constants of the turbulence model are used; the values are

C, = 0.09, C1 = 1.35, C 2 = 1.8, Uk = 1.0, U, = 1.3, C 3 = 0.0115, C 4 = 0.5

Numerical Scheme and Boundawy Conditions

Equations 1 through 6 are solved numerically with a fully conservative control volume approach, The finite difference equa-
tions are formulated in terms of Cartesian momentum (pU), static pressure (p), total internal energy (e), tutbulence kinetic
energy (k) and turbulence energy dissipation rate (). The numerical fluxes through control volume sufaces are estimated with
a quadratic upwinding scheme and so the formal spatial accuracy is third order on smoothly varying meshes. The. steady-state
solution is obtained through the elliptic relaxation of the finite difference equations and each relaxation consists of one semi-
implicit prediction and two implicit correction steps. During each iteration, pressure-based correction equations are used to
ensure global conservation.

With the static pressure field at the previous iteration, the momentum conservation equations are solved using the following
equation on nonorthogona body-fitted coordinates:

1 a

+I a r D,, - (7)
i~ a 7  +

where r' is the diffusion coefficient, G is a velocity component along the transformed coordinates (CO), and 9# consists of
additional body force terms and pressure terms. A 3-point central difference approximation is used for all the diffusion terms
and a modified quadratic upwinding scheme is used for convection terms.

Because the coefficients of the finite difference equation (7) are based on the values at the previous step, the resulting ,
does not satisfy mass conservation. Two correction steps are needed to satisfy the mass conservation at each iteration. The
concept of pressure-implicit splitting is used for the correction ofp and eUI after the prediction step.

The two correction steps are as follows:

(P4)'" - (P4)" = & i 4.(P" -P) (8)

(pU i' z  (pU )* = A ; ' FAt. f(pU) ** - (o * I - 4 (pn + 1 _ P ) (9)

For equations (8) and (9), the mass conservation condition is imposed as

4.(PL)'* = M(p1r +I = 4(14)' = 0 (10)

By combining equation (10) with equations (8) and (9), Pelsson-tqpe equations are obtained for (P - n) and (Po* - P)
and the value of (p)? +I, pn +1 is calculated with the corrected pressure. With the co.rection step in equations (8)-(10), den-
sity is handled rather implicitly and (p[.4) and P are updated. A single implicit step is used to calculate k, r, and e with the
corrected values of p1. andp.

The computations were carried out on 1-0 type composite grids. With the I-grid, spatial periodicity of the grid at the
periodicity surface is not forced and the physical flow periodicity condition is handled inside the flow solver by a high-order
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r interpolation of variables. Good orthogonality of the grid can be maintained near the blade surface and at periodic surfaces,
which is essential for accurate solution of transonic viscous flow inside turbine blade rows with high turning. Near the blade
ourface, an O-grid is wrapped around the blade. This inner O-grid is used mainly to represent the high gradient of variables
near the surface. With the 1-0 type grid, dimensionless wall distance (v ') at the first node can be in the order of 1 to 5 with an
acceptable overall grid size.

At the inflow boundary, the distribution of total pressure, total temperature, and inlet flow angles are fixed. At the outflow
boundary, the static pressure is fixed at one location. Fer the turbulence, the experimental value of turbulent kinetic energy is
used at the inflow boundary and the equilibrium condition is used to estimate the inflow condition of the turbulence dissipation
rate. Residuals of each finite difference equation are integrated over the entire domain. When the integrated residuals of all
the equations are required by four oiders of magnitude from their initial value, the solution is considered to be converged. The
cede is vectorized on Cray-XMP and has an option to run out-of-core solution (solid-state-disk storage on Cray-XMP) for
large-scala problems.

apr High-Pressure-Ratio Axial Turbine Nozzles

The current turbomacbire design practices are still mainly based on quasi-three-dimensional methods. Various correla-
tions for the viscous effect are built on these methods, which are also based on past experiences. The current standard design
procedures work well as long as the design is within the envelope of valid correlations. As expected, the current quasi-three-
dimensional methods become less reliable when the aerodynamic or geometric parameters are changed drastically beyond past
experience.

The basic flow structure in turbine blade passage is believed to be fairly well understood [6,7]. Various numerical studies
based on fully three-dimensional Navier-Stokes analysis [2,31 have also indicated that the entire flowfield can be predicted with
the accuracy for design applications.

Two different designs of a high-pressure ratio turbine nozzle are numerically simulated to determine whether the numerical
solution can distinguish differences in aerodynamic performances.

The geometry of two nozzles is shown in Figvre 1. Nozzle A, with 42 blades, and nozzle B, with 24 blades, were both
designed to operate at a pressure ratio of 2.1. Nozzle B was designed to reduce the overall weight of the stage. As expected,
nozzle A has very go:Pd aerodynamic performance. However, experimental test results of nozzle B indicate significant
deterioration of aerodynamic performance, which is quite contradictory to the design intention. Figure 2 shows static pressure
distributions on the blade surface for both nozzles. Mach number contours near the hub are compared in Figure 3: Nozzle A
shows conventional Mach number distribution and usual supersonic shock system near the trailing edge, a weak shock on the
pressure side, and a strong shock on the suction side that propagates toward the next blade row, even after strong interaction
with the wake. However, nozzle B does not indicate such a conventional shock system near the trailing edge. The velocity vec-
tors near we hub are compared in Figure 4: Flow separation is clearly shown for nozzle B, which might contribute to the rela-
tively high aerodynamic loss. Radial distribution of total pressure loss is compared in Figure 5. The current numerical solutions
for the two high-pressre-ratio turbine nozzles indicate that the numerical solution can distinguish aerodynamically good design
from aerodynamically bad designs, which conventional correlation-based methods cannot correctly identify.

(b)

Figure L ComputstioaI grids for two ozoles.
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(a) (b)

Figure 2. Coinparision of staitic pressure contours near the hub.

(a) (b)

Figure 3. Comparision of Mach number contours near the hub.

Figure 4. Compulon of velocity vectors near the hub.
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Two Backswept Centrifugal Impellers

The development of an aerodynamically efficient centrifugal compressor stage is essential for the high-performance small
gas turbines. The flow inside the centrifugal compressor stage is very complex and various three-dimensional viscous flow
phenomena dominate the flowfield. Experimental investigations with the well-developed optical measurement te ,hniques [8,9]
have further shown the complex nature of the flowfield (flow separation, large vortex motion, different exit flow profiles, etc.).
In recent years, various studies have been made to calculate the flows inside Eckardt's backswept impeller [4,10] and Krain's
backswept impeller [11,12] with full three-dimensional Navier-Stokes code. As reported earlier, the impeller exit velocity
profiles from these two impellers are distinctively different. Eckardt's impeller shows a traditional jet/wake type profile at
design and choke flow condition while Krain's more advanced impeller shows smoother profiles at all operating conditions.

As detailed numerical studies of these impellers at design condition have been published previously [10,11], the aerodynamic
performances of Eckardt's impeller and Krain's impeller at off-design conditions (choke condition) are compared numerically.
Figure 6 shows both impellers. The detailed geometry and test conditions are given in [8,9]. Eckardt's impeller has 20 blades,
and Krain's impeller has 24 blades. Both impellers have 30 backswept geometries and operate with vaneless diffusers. The
computations were carried out on H-type grids with the same number of nodes (26 x 31 x 51 in blade-to-blade, spanwise,
streamwise directions). Six span-wise nodes are located inside the tip-clearance regions for both impeller calculations. Figure 7
shows meridional impeller shapes and measurement planes where comparisons are made.

For the current study, detailed development of vortex motion and secondary flow inside the impeller is investigated using the
numerical solution. Krain [9] and Hah and Krain [11] have used the shape of the lines of constant relative flow angles (iso-
clines) to identify the existence of a vortex.

Eckhardt Krain

Figure 6. Eckardt's and Kraln's impellers.
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The basic equations for the isoclines of a real vortex moving with the relative velocity Wb are derived in Figure 8a. The

result of the analysis for a through flow inclied against the drawing plane (0 = 35*) is shown in Figure 8b. According to this
analysis the isodines are parallel to each other in the solid body vortex area and are elliptical in the potential vortex area. The
vortex center is always located in the middle of the parallel isoclines. A real vortex, which consists of a solid-body vortex and a
potential vortex part, is assumed to be present when isoclines similar to those shown in Figure 8b are identified.

In Figure 9, circumferentially averaged shroud static pressure distribution is compared for the two impellers, and typical dis-
tribution of wall static pressure at this operating condition is observed. As shown in Figure 9, the overall impeller performance
is very well predicted for both impellers. A detailed flow angle analysis is given in Figure 10. At Plane I, the impellers show no
effect of tip-clearance and similar distribution of contours are observed. From Plane I to Plane I, two vortex systems are
developed near the shroud. The pressure-side vortex of Eckardt's impeller is more clearly formed and its location is nearer to
the center of the passage than is Krain's impeller. For both impellers, this vortex is formed because of tip-clearance flow and
this difference in vortex structure might be due to the relatively stronger tip-clearance cffect in Eckardt's impeller. From
Plane III to the exit Plane IV, three distinctive vortex systems are developed for both impellers. However, the relative magni-
tude and location of the vortices are quite different between the impellers. Cornpared with Krain's impeller, the vortices of
Eckardt's impeller are rather concentrated near the shroud and toward the center of the blade passage. The vortices represent
velocity gradient, so some high-velocity gradient is expected near the pressure side of the centerline in Eckardt's impeller from
Figure 10f. The exit relative total velocity component is compared with the experimental data in Figure 11. The agreement
between experimental data and numerical prediction in Figure 11 is very good for both impellers considering the complex
nature of the flowfield. The current numerical study indicates that the distinctive difference of flowfield in two different centri-
fugal impellers can be numerically predicted.
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•Figure Sa. Measurement of vortex flow with 12F measurement technique.
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Main flow direction inclined against L2F-
measurement plane (Pb=35"1

Figure 8b. Isocline structure for a real vortex, composed of a solid body and a
potential vortex.
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Figure iln. Comparison of isocline pattera at Plane 1.
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Figure lOd. Comparison of isocline pattern at Plane IV.
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Figure 10e. Comparison of isocline pattern at Plane V.

Figure 19f. Comparlsoit of isocline pattern at Plan~e V1.
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Concluding Remarks
The current study presented the results of the application of a three-dimensional viscous flow code to distinguish aero-

dynamic performance of different designs of turbomachinery components. Two different designs of a high-pressure-ratio tur-
bine nozzle and a centrifugal impeller are used for verification purposes. Detailed examination of the numerical solutions in',,i-

i cates that the current tluie-dimensional Reynolds-averaged Navier-Stokes code does properly predict the differences in aei o-
dynamic performance of the different designs, which other correlation-based methods or inviscid methods do not predict. "'1".,

, current work concludes that the Reynolds-averaged Navier-Stokes method can indeed be applied to the real design work of tur-
t bomachinery components. Designers can examine and verify several candidate designs numerically before any final verification
! test. Therefore, the overall development cycle can be significantly shortened.
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DISCUSSION

Skoe, Norway

1. Are the number of gridpoints within clearance region sufficient to
calculate realistic clearance loss, and the adverse effect of loading

(on clearance loss)?

2. How is comparison between test & analysis for design point operation?

3. Is the code capable of treating splitter blades which is usually used

on high performance centrifugal rotors for elevated pressure ratios?

Author's Reply:

1. We have six grid points inside tip-clearance and I think that the
overall effects of tip-clearance on the main flow can be properly
represented.

2. We published the results at design condition in the ASME paper
89-GT-181 and the results were very encouraging.

3, As all our current impellers have flow-splitter, the code is written
to handle flow-splitters.

Leboeuf, France

Can you conment about the turbulent low Reynolds number effect included in
your code?

Author's Reply:

The low Reynolds number modification of our standard two-equation
turbulence model is intended to solve the transport equations to the solid
wall without any assumption of profiles. Generally, this modification
improves prediction of separated flow region especially near the trailing
edge. Also, it simulates the effect of freestream turbulence
qualitatively well when the freestream turbulence is above 1-2%.

Papailiou, Greece

Do you perform accurate unsteady computations with the appropriate
accuracy for the unsteady terms?

Author's Reply:

Yes, we use a scheme which is second-order accurate in time when we
perform unsteady time-accurate calculations.

Hansen, USA

As you look forward from today and into the future, what is your own best
thinking about turbulence models that should be used for complex
turbomachinery flows?

Author's Reply:

Thank you for your question about a very important issue of turbomachinery
CFD. As you know very well, the turbulent flow inside turbomachinery is
significantly influenced by the effects of curvature and rotation. Also,
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flow transition must be properly modeled for the heat transfer computation

on the turbine blades. With the currently available computers,
three-dimensional flow computation inside turbomachinery with large eddy
simulation or direct simulation of turbulence becomes impractical because
of unrealistic amount of computing time. As we should produce useful
computations for design purposes with reasonable cost, rather simpler
mixing length or two-equation type model is used currently. Further
research efforts to improve rather simpler models for complex flow
application are essential for successful CFD for turbomachinery.
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ABSTRACT

A secondary flow calculation method is presented, the development of which has recently been comple-
ted in the Thermal Turbomachines Lab. of the National Technical University of Athens. This method makes
use of the meridional vorticity transport equation, the momentum integral equation and the mean kinetic
energy integral equation. Emphasis is placed upon the use of a coherent two-zone model and care is taken
to describe adequately the flow inside an unbounded (external), semi-bounded (annulus) and fully-bounded
(bladed) space. The hub and tip secondary flow development is calculated simultaneously, so that, use of
an approximate model for the interaction between the viscous shear layer and the external flow, permits
to adapt this last flow field to the growth of the wall shear layers during the computational procedure.
Not only the meridional but also the peripheral blockage is taken into account during this procedure.
An additional approximate viscous-inviscid interaction model is used, when shocks are present in the
passage.

An attempt is made to place the method in historical perspective. Then, after its brief description,
comparisons with experimental results are presented along with the appropriate discussion in order to
evaluate the capabilities of the method.

1. INTRODUCTION

The meridional flow model has been proved successful for the calculation of the flow field in single-
and multi-stage compressors. The same flow model has been proved successful for the computation of the
external flow field in tirbines. However, for the wall shear layer case in turbines, the meridional flow
model which utilizes circumferentially averaged quantities has been found to be inadequate and fully
three-dimensional analyses have been proposed instead. It remains to be seen how these approaches will
deal with the unsteady effects in the peripheral direction and the corresponding circumferential mixing,
when one or more stages are considered.

Coming back to the compressor case, the main effort in the past decades has been directed towards
producing a wall shear layer calculation method compatible with the meridional flow one used to calcula-
te the external "inviscid" flow. Railly(l) was the first to develop equations for the wall shear layer
behaviour in accordance with the meridional plane model. Although he identified the additional unknowns
resulting from the loss of information related to the circumferential integration of the low equations

(appearance of the force defect, "fluctuation" and pressure terms as they were named later(2), he failed
to recognize their importance. Being unable at that moment to propose an adequate modelling, he decided
to drop them out altogether. The importance of the force defect term was recognized some years later by
L.H. Smith(3) on the basis of experimental evidence fr.om multistage compressors. Mellor(2) , then, re-
considering Railly's analysis, was able to formulace a closed problem taking into account the force de-
fect terms but neglecting the "fluctuation" and the pressure terms. 'ot being able to propose detailed
assumptions needed for closure, he proceeded to an additional integration in the axial direction for a
distance equal to an axial chord. Observing that, for compressor configurations, secondary vorticity
was large at the inlet of each blade row but dimirished drastically as the flow proceeded towards the
trailing edge, he assumed a collateral shear layer at each blading exit (zero secondary vorticity). He
relaxed, this assumption for the case of non zero tip clearance and formulated the corresponding cor-
rection on the basis of secondary vorticity theory. He, then, argued that the blade defect force was
normal to the mean blade direction. Essentially, using these assumptions, he was able, in the frame
of an emnegrl formulation, to reproduce the qualitative and quantitative behaviour of the wall shear
layers 2 j . The same method was usad later(5), where Head's entrainment equation was added, in
order to compute multistage compressor wall shear layer behaviour successfully.

Mellor's method, although attractive formally, could not take into account the flow field situa-
tion inside the blade passage, considering integral flow properties only at each blade row inlet and
exit. Additionally, the assumptions used did not permit the calculation of the secondary flow beha-
viour of a single blade row. Following Mellor's work a series of experiments %as undertaken and avail-
able experimental results were used (this work is reported in references (5) to (18)), in order to
establish semi-empirical Information, in an effort to obtain closure relaxing the restrictions of his
formulation.

The analysis of the experimental results %as performed using the two-zone model. Through this
anny_5i wspsll to ELalvllsh Lhe following facts:
a) the circumfer ntially averaged longitudinaL velocity profile, viewed in the reduced form propo-

sed by Mellor?2) could be described with adequate accuracy for engineering purposes by the clas-
sical two-dimensional turbulent boundary layer velocity profile family.

b) the defect force vector was locally normal to the blade mean camber line.
c) the transverse velocity profile was s-shaped following Hawthorne's theory (see, for instance,

d) the defect force vector was the most important of the three additional unknown terms resulting
from the circumferential integratior., the"fluctuation" and pressure found to be only correction
terms, in the cases where these could be evaluated.
The above mentioned experimental facts pointed towards establishing a method, which could be

integral in the longitudinal direction but had to be differential in the transverse one. This ought
to be so, because the transverse velocity profile shape depends upon the passage geometry. The va-
rious stages of development of this method can be found in references (9),(l1),(12),(13),(15),(16),
(17),(18) and (44). Using a two parameter velocity profile family for the description of the longi-
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tudinal velocity profile, two integral equations were necessary. The momentum integral equation in the
meridional direction and Head's entrainment equation were used for this purpose. This last equation
was found to be particularly suitable for a circumferentially averaged formulation. For the calculation
of the transverse velocity field, the secondary vorticity transport equation was used in a single form

(Squire and Winter's formula was utilized at the very beginning) disregarding viscous terms. A linear
matching to the solid wall no slip condition was employed in order to simulate the viscous part of the
transverse profile.

Initially, Horlock's(21) s-shaped velocity profile family was tried, but quickly it was abandoned
in profit of Hawthorne's approximate solution, in spite of the fact that this could not produce Johns-
ton's(22) triangular transverse velocity profile, when the passage walls were removed to infinity.

Considering a calculation step (Section 1, where all quantities are known and Section 2, where the
various viscous quantities are calculated), the following simple algorithm may demonstrate the basis
of the corresponding calculation procedure:
STEPI Assume a longitudinal velocity profile at Section 2.
STEP- Establish the streamlines between stations 1 and 2 and calculate the secondary vorticity increase

between the two stations. Use, for this, the secondary vorticity transport equation. Having the
secondary vorticity at station 2 compute the corresponding transverse velocity profile.

STEP3 Use the longitudinal and transverse profiles at station 2 and compute all integral quantities ap-
pearing in the two -..mentum equations and the entrainment equation.

STEP4 Use the peripheral component of the momentum equation in order to compute one of the defect force
components. The others are computed from the condition of perpendicularity to the mean blade cam-
ber surface of the blade force vector.

STEPS Search for a longitudinal velocity profile, repeating STEPS 2 and 3, for which the meridional
momentum integral equation and the entrainment equation are satisfied.

Since the above theoretical development started, until the last contribution cited above, it was
possible to improve the sophistication of the calculation procedure. This was due to the increased un-
derstanding of the secondary flow behaviour coupled with increasing availability of fast computing e-
quipment. We may cite here as examples the inclusion of viscous terms in the secondary vorticity trans-
port equation, the inclusion of the pressure term in the calculation procedure or, finally, the inclu-
sion of adequate viscous-inviscid interaction techniques, in order to avoid computational failure when
flow separation takes place.

Considering the cascade cases that have been computed, one can see that secondary flow behaviour
is accurately predicted even for high turning turbines. It was the viscous part of the calculation that
failed in this last case rather than the secondary vorticity inviscid part. On the other hand, losses
are underestimated in highly loaded compressor cascades, probably because the flow model does not in-
clude explicitely the dissipation taking place in the suction side corner vortex. It is interesting
to note that good prediction of tip clearance flow was realized using the model developed by Lakshmi-
narayana(23). Considering the compressor cases for which computations were performed, we can see that
secondary flow behaviour is, as wall, adequately well predicted.

In spite of the success of the method described above, it tias felt that additional improvements
could be achieved. At the same time, the problem of the shock-secondary flow interaction, appearing
for high speed machines, could be successfully treated using as basis the existing theoretical deve-
lopment. The corresponding investigation that was undertaken resulted in a calculation method, which
presented several improvements in respect to the existing one. However, the same basic methodology,
was concerved. This new method is described in the following section.

2. THE PRESENT CALCULATION M" THOD (refs.(24) to (31)).

The method presented in this work was developed in the Thermal Turbomachinery Lab. of the Athens
National Technical University for the past seven years. The formulation was developed as previously,
using the difference of the circumferentially averaged equations for the external "inviscid" and the
real viscous flow fields. Care was taken from the very beginning to neglect as few terms as possible
and remain, thus, as close as possible to the Navier-Stokes equations for turbulent flow.

The reasons for undertaking this new development will be made clearer below. As was said above,
the general structure of the calculation method follows that already described. "Fluctuation" terms
were neglected, although this is still an open question, while the pressure term is calculated using
the third momentum equation. Calculated are also the three defect force components (until now only
two were considered in the plane tangent to the axisymmetric stream surface of the external flow) and
in this way, dihedral effects are taken into account.

Local static pressure differences arise in the viscous flow region because of the non-zero value
of the normal defect force term and the additional terms appearing in the third momentum equation for
non-zero rotational speed. A basic characteristic of the two-zone model, however, is the identity of
the static pressure fields of the external and the real flow outside of the viscous flow region. This
ensures the parabolicity of the two-zone deficit formulation (difference between real and external
flow fields). On the other hand, the external and the real flow possessing the same total conditions
outside of the region influenced by hub and tip wall viscous effects, it follows that the velocity
field for the real and external flow must be identical there. This result is in direct contradiction
with the exJstance of an s-shaped transverse velocity profile, mentioned previously, and the results
of the secondary flow theory applied to intarnal flow p "o'emt.

An investigation was undertaken in order to understand the reasons for this contradiction, the
results of which are reported in detail in references (25),(26) and (27). It is possible to indicate
where lies the problem by the following analysis. Consider the two-dimensional flow sketched in Fig.

(1a). In addition to the real flow velocity profile, the inviscid flow field is presented for both ze-
ro and non-zero wall shear layer blockage. In both cases the external flow total conditions are iden-
tical and equal to those of the real flow outsids of the wall shear layer regions. In the first case,
however, the velocity field of the external and the real flow being identical outside of the shear lay-
er regions, the static pressures of the two fields are identical (in fact, they differ slightly inside
the shear layer regions). In the second case, however, the velocity fields differ and so differ the
static pressure fields. Global mass flux conservation across the passage results to zero displacement
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thickness for this last case. Neglecting modifications of the effective wall curvature due to displace-
ment effects, all differences vanish when the upper wall moves to infinity (external flow case). Consi-
der now Fig.(ib), where the flow in the transverse plane is sketched for a bladed passage. Initially
(Fig.(lba)) the external transverse velocity field is equal to zero by definition (zero transverse mass
flux). When, due to three-dimensional effects, the mass flux inside the shear layer increases in the
transverse direction (Fig.(lb,b )), the external flow velocity field must move accordingly, in order
to create the necessary opposide mass flux, which will conserve the zero mass flux condition in the trans-
verse direction (and zero total displacement thickness). If the lateral walls did not exist (or if they
were moved to infinity) we would have the case of Fig.(lbo ), which applies to external aerodynamics.
For this case no reaction of the external flow field is visible.

In order to ensure that the static pressure fields of the external and the real flow are identical
outside of the wall viscous shear layer, it is necessary to include the above mentionned opposite mass
flux to the external flow. Then the corresponding increase in the external flow velocity will result to
the appropriate decrease in the external flow static pressure.

Fig.( lb,d ) is added in order to differentiate between what was done before and what Fig.( lb,b) is
done in the present method.

The analysis presented in ref.(27) demonstrates that instead of the transverse velocity profile, it
is much easier, for computational reasons, to consider the peripheral velocity profile of the circumferen-
tially averaged flow. This profile may be deduced by a simple quadrature from the meridional vorticity com-
ponent distribution, when the integration constant is known. For this reason, the meridional vorticity com-
ponent transport equation is used in the present method. In this way, Hawthoine's computational procedure
is not anymore necessary along with the assumption that the secondary flow alone verifies the continuity
equation in each transverse plane.

According to the theoretical development of ref.(27)(and the above discussion), the peripheral velo-
city profile is decomposed into two parts. The first one belongs to the viscous wall shear layer and is
totally confined inside a strip of width 6, the shear layer thickness. The second one belongs to the ex-
ternal flow and denotes its reaction to the blockage in the peripheral direction introduced by the modi-
fication of the mass flux inside the wall shear layer in the same direction. This external flow profile
part restores the total mass flux in a manner compatible with the degree of confinement excerced to the
flow by the physical boundaries and ensures the identity of the external and real flow static pressure
fields outside of the visccus region. The external flow reacts to both the upper and lower wall shear
layer peripheral blockage and, thus, it is necessary that the hub and tip shear layer development is
performed simultaneously. This is the case for the present method.

From what was said above, in addition to the well established meridional blockage, which increases
the velocity-density product in the meridional direction, the peripheral blockage must be taken into
account, modifying the external flow angle. The two blockage effects are independent from one another,

The present method utilizes an approximate procedure, which accounts for this viscous-inviscid in-
tera,:tion and gives a good estimate of the modifications that the external flow must undertake during
the calculation procedure, in order to account for both blockage effects. As, however, at present, no me-
ridional external flow calculation accounts for the peripheral blockage effects, computations are carried
out for the first iteration only, using the approximate procedure mentioned above and the meridional ex-
ternal flow calculation results obtained with zero wall shear layer blockage. This viscous-inviscid ap-
proximate interaction procedure has been built in the present calculation method, protecting it as well
from failure, when flow separation is encountered.

The analysis of ref.(27) demonstrates that for a given meridional vorticity profile, the peripheral
blockage alone decides about the peripheral viscous profile shape (circumferentially averaged) regard-
less of the degree of geometrical confinement (external aerodynamics (unbounded space), annular duct
(semibounded space) and bladed (rotating or non rotating) region (fully bounded space)).

This has quite a few important consequences:
a) The case of a vortex structure coming out of a bladed region is greatly simplified, because one is
not obliged to distinguish between this structure, which will be conserved downstream and the essential-
ly differ~it velocity field, which will be developed because of the additional secondary vorticity creat-
ed downstream
b) The case of external aerodynamics (Johnston's profile) is a particular case of the present develop-
ment and is established when the confining walls are moved to infinity.
c) The fact that the whole shear layer profile is confined inside a distance 6 from the wall, which is
not modified when one passes from an absolute to a relative coordinate system (and vice-versa), facili-
tates particularly the calculation, when rotating parts are present.

Of course, when a bladed region is entered, the flow is adapted to local conditions because of the
change in peripheral blockage. The external flow field in respect to which the calculation will be per-
formed is then modified and this generally gives rise to non zero defect force terms at the inlet of the
particular space considered, that have to be specified, if compatible initial conditions are to be used.

Another feature, which distinguishes the present method from what was done before is the use of the
total kinetic energy integral equation instead of the entrainment equation of Head. This equation was de-
veloped and adopted in view of extending the method to cases, where the two viscous shear layers are mer-
ging (the reasons are explained in ref.(28)). The computational algorithm of the present calculation me-
thod is a completely inverse one. It computes, as well, simultaneously the lost work and the correspond-
ing total temperature increase, something which was done previously after the calculation was completed.

When a shock is present in the passage, an approximate procedure is used in order to overcome dif-
ficulties related to its presence. The shock case is idealized in the sense thdL IL Is uUibiderd 1101.-
mal to the external flow direction, while its strength is conserved. Then, the approximate theory of
Panaras and Inger(32) is used (see also ref.(33)), modified accordingly (refs.(24) and (31)) in order to
give an estimate of the wall static pressure distribution resulting from this kind of viscous-inviscid
interaction. Otherwise, the wall shear layer calculation method remains the same. Unfortunatelly, it
was not possible to find experimental results in order to check the accuracy of this approximate proce-
dure estimating the shock-secondary flow interaction.

In what follows, comparisons between theoretical and experimental results will be presented and dis-
cussed.
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3. COMPARISON BETWEEN THEORETICAL AND EXPERIMENTAL RESULTS.
DISCUSSION.

A cascade experiment is considered first (Case B of Flot(34)). The leading of the blading is quite
high and separation occurs near the trailing edge on the blade suction side. This experiment constitutes
a severe test for the loss producing mechanisms of the calculation method. The computation was realized
using as external flow field the one resulting from an inviscid two-dimensional cascade calculation cor-
rected for the blade suction and pressure side boundary layers. Fig.(2a) gives a schematic representa-
tion of the test cascade and Figures (2b) and (2c) comparisons between theory and experiment concerning

. overall and detailed parameters of the wall shear layer (more details can be found in ref.(29)).
On the same figures some older predictions are reported in order to demonstrate the progress that

has be realized with the present calculation method. It is rather surprizing that the two-dimensional
turbulent boundary layer velocity profile family is capable to describe the circumferentially averaged
experimental shear layer velocity profiles so well. On the other hand, use of the meridional vorticity
transport equation along with the total kinetic integral equations seems to result in a better predic-
tion of both the peripheral velocity profile and the shear layer momentum thickness. Still, however,
the losses (momentum thickness) are not predicted accurately enough. Probably this happens, because the
corner vortex dissipation mechanism is not represented in the method with the necessary accuracy.

The flow field in a radial compressor is considered next. This compressor was designed in the Fluid
Mechanics Lab. of the Ecole Centrale of Lyon and manufactured by NEU Co. The design details and experimen-
tal results are reported in refs (37) and (18). The compressor stage is presented schematically in Fig.

(3a), where the positions where measurements were performed (and comparisons between theory and experi-
ment are presented), are, as well indicated. The utilization of a small size scroll created circumfe-
rential non uniformities in the vaneless diffuser space. Consequently, valid comparisons between theory
and experiment could be performed only for the station immediately downstream of the rotor exit. The
calculation, more details of which can be found in refs. (25) and (30), was carried out using the me-
ridional plane flow field issued from a streamline curvature meridional external flow calculation method
with no wall shear layer presence. The calculation results describe the shear layer evolution along with
the modified external flow field, resulting from the approximate interaction procedure incorporated in
the secondary flow calculation itself. No additional (.second) iteration was performed using the exter-
nal flow calculation. Fig.(3b) present comparisons between prediction and experimental results for the
spanwise evolution of the various flow quantities at the rotor exit. Care has been taken to start the
calculation with such shear layer initial conditions, so that matching of predicted quantities and ex-
perimental results was ensured at the rotor inlet. Solid lines of the figures represent the pitchwise
averaged flow field as computed by the present method. The "stars" represent the results of the external
flow field calculation without wall shear layer presence and the squares represent the experimental re-
sults. The total temperature was not measured during the experiment. The "experimental" values present-
ed here are all issued from Euler turbine equation considerations.

The agreement between theory and experiment at the rotor exit can be termed quite good. The predict-
ed increase of total temperature inside the shear layer is qualitatively correct. For the reasons evoked
above, no quantitative comparison can be made concerning this parameter.

Although comparisons can only be made at the exit station of the rotor, it is interesting to examine
the evolution of the velocity field inside the rotating wheel relative to the blading. This evolution is
presented in Fig.(4) for four calculated stations (47%, 73%, 87% and 100% of the meridional chord). Good
inlet and outlet flow field agreement gives a good chance that the evolution presented in Figure (4) re-
presents reality.

The above presented comparison demonstrates that the secondary flow losses and secondary vorticity
have been well predicted. In addition the wall shear layer combined meridional and peripheral blockage
effect was correctly estimated, although small. No correction for the presence of the suction side cor-
ner vortex seems to be here necessary, while peripheral non-uniformities seem to contribute little.

We consider next the flow fields of two axial flow compressor stages. The first of these, ECL1,
is transonic (schematic representation in Fig.C5a), along with the measurement stations) and the second
one, ECL3, is supersonic (schematic representation in Fig.(5b), along with the measurement stations).
Both possess inlet guide vanes. Reference (34) gives details about the measurements and the experimental
set up for the compressor ECLI, while corresponding information about compressor ECL3 can be found in
ref.(35). More details about the comparisons presented here can be found in refs (24) and (31). Both
wall shear layer calculations were based on the meridional external flow field issued from a meridional
flow calculation performed with no wall shear layer blockage. The calculation results describe, as pre-
viously, the shear layer evolution along with the modified external flow field, resulting from the ap-
proximate interaction procedure incorporated in the secondary flow calculation itself. No additional
(second) iteration was performed using the external flow calculation. Figures (6) to (8) present some
comparisons between prediction and experimental results for the spanwise evolution of certain flow
quantities at the rotor and stator sxits. Again, solid lines of the figures represent the pitchwise
averaged flow field as computed by the present method. The "stars" represent the results of the exter-
nal flow field computation without wall shear layer presence and the squares represent the experimen-
tal results.

At the exit of the rotor of compressor ECLI, agreement between computed and experimental results
can be trmA pft... ."^M . . uc. i prcdictse overall blockage i6 quiLt important and one can
remark the changes due to the peripheral blockage both upon the flow angle and the energy level at the
rotor exit. The details of the shear layers are relatively well predicted, especially the exit flow ang-
le. Still, the total temperature level inside the shear layers is underestimated, indicating that the
computation of the lost work needs reexamination.It is interesting to note that the real flow static pressure distribution follows closely that of
the external flow.

At the exit of the stator, agreement between computed and experimental results is good (Fig.(6b)).
The external flow quantities agree well with the real ones inside the "inviscid" flow region, so that
the same remark as before can be made for the overall blockage prediction. The details of the wall shear
layers are well predicted. We can observe the same discrepancy for the total temperature value, as for
the rotor exit station. The same reasons are advanced.
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In Fig.(7a), the evolution of the velocity field inside the rotor is examined as it was done for
the radial compressor case. Again good inlet and outlet flow field agreement gives a good chance that
this evolution represents reality.

The comparisons presented above concern the meridional/peripheral velocity fields and the longitu-
dinal one. Other approaches, though, utilize secondary vorticity and the corresponding transverse velo-
city profile. A comparison of computed and experimental results for such a profile is presented in Fig.
(7b) for the exit of the rotor. The agreement is good and one can remark the important difference, which
exists between the initial and modified (by the combined effect of the meridional and peripheral block-
age) transverse external flow field.

Comparisons between theory and experiment at the rotor and stator exits of supersonic compressor
ECL3 are presented in Fig.(8). The comparisons are good and the effect of blockage is quite smaller
in this case. It is interesting, though, to remark here that, for the calculation of the rotor tip shear
layer it was necessary to apply the approximate viscous inviscid interaction procedure to which referen-
ce was made in Section 2.

This procedure redistributed the jump in static pressure concentrated in the shock, the position
of which was fixed by the external flow calculation. It was in this way that the shear layer calculation
could negotiate the static pressure increase of the shcok wave. The static pressure distribution along
the solid wall, resulting from the viscous inviscid interaction computational procedure, which was actu-
ally used for the calculation of the tip wall shear layer, is presented in Fig.(9). It can be seen that
the interaction region occupies a good part of the blade axial chord. No experimental results exist to
our knowledge, which permit the validation of this part of the computation.

In ref.(38) and (20) approximate methods for the calculation of the development of wall shear layers
along rotating bodies of revolution, as well as shear layers that develop along a stationary part follow-
ed by a rotating part of a body of revolution, are developed. Full use of these methods in the calcula-
tion method described above would improve it in the case of rotating parts inside annular free spaces.

In future years, it is possible that methods solving the three-dimensional Navier-Stokes equations
become available. These will not be capable to substitute the meridional flow model approach, which in
our opinion will constitute for a long time still if not the exclusive, certainly an intermediate com-
putational tool in the compressor design process. On the other hand, recent investigations, both theo-
retical and experiment (refs.(40),(41) and (42)) demonstrate that intense mixing takes place in the
spanwise direction for multistage machines. Mixing in the peripheral direction (see not only ref.(42)
but the discussion that followed the presentation of the paper) is being recognized as an important
factor. Finally, merging of the two wall shear layers is currently encountered in both radial and the
high pressure part of advanced axial flow compressors.

It is believed that the method presented above may constitute a good test bed for examing appropria-
te models, which could take into account these additional flow effects. It is also, believed that an ex-
tension of this methodology to the turbine case could be proved quite useful for the design engineer.

4. CONCLUSIONS

In this paper the work concerning the development of i secondary flow calculation method, which was
done in the Turbomachinery Lab. of the National Technical University of Athens, was presented. An effort
was done in order to put it in perspective in respect to work that has been realized before elsewhere.

The method that was described above solves the peripherally averaged flow equations and makes use
of the two-zone model. It computes the hub and tip shear layers simultaneously and utilizes an apprcxi-
mate viscous-inviscid interaction calculation procedure, which modifies for blockage the initial external
meridional flow field, as the computation marches downstream. In fact, the viscous-inviscid approximate
interaction procedure is incorporated in the wall shear layer calculation method, giving it the possibi-
lity to match with any external meridional flow calculdtion, even when flow separation is present. In ad-
dition, this approximate procedure gives to the external flow meridional streamlines the possibility to
be displaced during the viscous flow calculation, which uses as coordinate system the initial external
streamlines and their normals.

An improved two-zone model is proposed, which introduces the notion of the peripheral blockage. This
notion is beneficial in more than one way. External and internal flow problems are treated on a common
basis and a clearer definition of each wall shear layer is possible, facilitating computations which in-
volve changes in coordinate systems (absolute to relative and vice-versa). New matching conditions are de-
veloped and difficulties at inlet and exit of blade rows are avoided.

Instead of the traditional secondary vorticity, the meridional component is used, the transport of
which is computed taking into account viscous terms. The corresponding peripheral velocity profile is de-
rived through a simple quadrature.

The total kinetic energy equation has substituted the entrainment equation used until now. Although
this equation is not as easily applicable, it seems that its use improves calculation results, allowing
at the same time the possibility to treat the case of merging wall shear layers.

The method was applied to various cases, for which experimental results were available. A highly
loaded compressor cascade was consicered first, followed by one radial compressor and two one-stage axial
compressor cases. The wall shear layer calculation was performed using as external flow field the one re-
sulting from "inviscid" flow calculations without wall blockage. Comparison between computed and experi-
mental results was good. It made It clear that the viscous shear layer calculation method was capable
to compute correctly the blockage effects, demonstrating the importance of the peripheral part of the
blku. in ddLiva, a good description oo the " - layer Wane obtained.
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Summary

A study is undertaken to assess the need to account for momentum and energy transport by the
unsteady deterministic flow field in modeling the time-averaged flow state within a blade row passage
embedded in a multistage compressor. It was found that, within the endwall regions, large-scale
three-dimensional unsteady structures existed which caused significant transport of momentum and
energy across the time-averaged stream surface of a stator flow field. These experiments confirmeo
that the transport process is dominated by turbulent diffusion in the midspan region. A model was
then proposed for simulating this transport process, and a limited study was undertaken to assess its
validity.

Introduction

Currently, the flow model r, often used in the design and analysis of multistage turbo-
machinery is based on a quasi-thv, dimensional representation of the flow field whose origins can be
traced back to the early fifties 1,Ath, Ref. (1)). This model decomposes the flow field into three
components; the first of these components is associated with the axisymnmetric or through-flow field,
the second with the blade-to-blade-cascade flow, and the third with the secondary flow field. Each of
these flows has been carefully investigated,'and no attempt will be made to summarize the extensive
literature on these subjects.

The nonaxisymmetric component of the flow field is the result of the blade-to-blade cascade flow
and the secondary flow field. The combined effects of the nonaxisymmetric component from both of
these flows will be combined in the present work. Smith, Ref. (2), showed that the nonaxisymmetric
flow produced a transport of momentum across the axisymmetric stream surfaces. He further showed that
this transport process is associated with a stress which he denoted as mg." Based on estimates
derived from subsonic cascade theory, Smith concluded that for designs of the time, the effect of this
transport process on the through-flow was minimal. Later, Sera and Sera and Kerrobrock, Refs. (3) and
(4), reexamined the problem for a high-speed rotor. They showed that the "g" stress, as defined by
Smith, contributed to the loss in performance of their rotor, and that it needed to be accounted for.
More recently, a paper by Adkins and Smith, Ref. (5), updated Smith's original paper. Their study
concluded that significant transport of both momentum and energy across the axisymmetric stream
surfaces took place, especially in the rear stages of high-performance multistage machines. They
related this transport to the nonaxisymmetric component of the cascade and secondary flow field and
developed a mixing model to account for the transport process.

The subject was further studied by Galimore, Ref. (6), and Galimore and Cumsty, Ref. (7). They
also concluded, based on experimental measurements taken in a multistage research compressor, that
significant transport of both momentum and energy across axisymmetric stream surfaces occurred, but
that the transport process was due to turbulent mixing. They, too, proposed a diffusion model for
-this process. Wisler et al., who performed a further experimental study Ref. (8), concluded that both
Adkins and Smith and Galimore and Cumsty were correct and showed that both diffusion models gave
comparable results. In the midspan region of a multistage machine, the transport process was observed
to-be dominated by turbulent diffusion. Near the endwalls, the transport process associated with the
nonaxisymmetric flow field-was comparable to that due to turbulent diffusion. Since the publication
of the last article, mixing by either turbulent diffusion or secondary flow transport, or both, is now
routinely accounted for in nearly all quasi-three dimensional multistage flo'-mede!c. Thus although
uin need to account for mixing in the quasi-three-dimensi.jnal model has been firmly established, what
has not been settled is the need to incorporate similar models into the three-dimensional flow
simulators currently being developed.

With the advent of supercomputers, researchers are attempting to extend quasi-three-dimensional
models to three-dimensions. The motivation for this work is to reduce the degree of empiricism
required for the simulation of multistage machinery and to enhance the understanding of three-
dimensional flows, especially those that occur in the endwall regions. Of the proposed models, those
that attempt to define the time-averaged flow field within a typical passage of a multistage machine
seem the-most promising for design applications, given today's computer capabilities. It has been
shown that flow mixing in these models is associated with the transport of momentum and energy across
the time-averaged stream surfaces by turbulence and the unsteady deterministic flow field. The object
of the work to follow is to estimate the magnitude of this transport process and to establish the need
for including a model of this process in the developing three-dimensional multistage simulation codes.j ................. .....................-~ - - -~ -~ -
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Analysis

The present analysis is based on the work reported in Ref. (9) and the more recent work in
Ref. (10). The starting point for the current work is the- Navier-Stokes equations expressed in cylin-
drical coordinates with an inertial frame of reference. Unfortunately, at large Reynolds numbers,
these equations are associated with a turbulent flow state, while our interest is in describing the
time-averaged flow field within a typical passage of a blade row embedded in a single or multistage
configuration. In Ref. (9), a procedure was developed for deriving the field equations governing this
flow state, starting from the Naviet-Stokes equationg. To form a foundation for the present work, a
brief outline of this procedure will be given, the mathematical details can be found in Ref. (9). The
derivation begins by "removing" or "filtering out" all time scales which are uncorrelated with the
shaft rotation time period. This step is accomplished by executing an ensemble average of a large
number of data samples, each of a length equal to the shaft rotation time period. The application of
this a.eraging procedure to the Navier-Stokes equations then yields their familiar Reymiolds averaged
form. These filtered equations govern an unsteady deterministic flow state whose time period by
construction is equal to that of one shaft revolution. Note that all unsteady flow phenomena whose
frequencies are unrelated to shaft speed cannot be described by this equation system. However,
because the Navier-Stokes equations are nonlinear, the effect of the time-unresolved structures on the
time-resolved structures cannot be completely eliminated by a simple filtering operation. The time-
unresolved structures make their presence known through a series of correlations known as the Reynolds
stress This stress is a direct measure of the transport of momentum across the time-resolved stream
surfaces by the time-unresolved flow structures.

The next step removes or filters out the unsteady flow structures from the time-resolved flow
state. This filtering step is executed with respect to both the stationary frame of reference and- 4-he
rotor frame of reference. Thus two time-averaged flow states will exist: one with respect to the
stationary blade rows; the other with respect to the rotating blade rows. The averaging or filtering
process simply involves averaging the time-resolved flow state over a cycle of one shaft rotation with
respect to the stationary and rotational frame of reference. Those blade rows which are moving rela-
tive to the frame of reference are smeared by this averaging procedure; those that are stationary
remain distinct. Applying this filtering operation to the equations governing the time-resolved flow
state produces a number of mathematical expressions through which the time-resolved flow state can
influence the time-averaged state. These expressions are in the form of a series of correlations. a
body force and an energy source. The body force and energy source are related to the aerodynamic and
thermal loading acting on the blade rows which are moving with respect to the frame of reference; the
correlations which appear in the momentum-equations are in the form of a Reynolds stress. They are
associated with the transport of momentum across the time-averaged stream surfaces by the time-
resolved flow structures. Like their time-unresolved counterparts, these correlations are associated
with mixing, and their relevance will be assessed in the section that follows.

The final averaging operation removes passage-to-passage variation from the time-averaged flow
states. The resulting flow state is referred to as the "average passage" flow field. The derivation
of the governing equations, starting from the time-averaged flow field equations, can be-found in
Ref. (9). The additional correlations, body forces, and energy sources associated with this equation
set will not be dealt with in the present analysis, but will be addressed in future work.

The ensemble and time-averaging operations suggest that the velocity field u; in the stationary
frame of reference may be expressed as

u;(r,O,z,t) = ;(Sk)(r,O,z) + Z [(Sn) (r,O,z)-u(AX)(r,z)]

n=1

* 'i(r,O,z) (1)

+ z [ 1(Rm) (r,O-0t,z) - u;(A) (r,z)]
m=I

+ u (r,O,z,t) + u,'(r,O,z,t)

where r, 0, and z are the radial, tangential, and axial coordinates respectively; Z is the shaft
rotational speed; and-t is time. The velocity component ui;(r,O,z,t) is associated with the time-
unresolved flow field. The subscript i denotes the conventional tensor notation for a vector. Its
ensemble average by definition is zero. The momentum transported by this field across the time-
resolved stream surfaces produces a Reynolds stress of the form pFu1 ru , where p is the fluid density,
and the single overbar denotes the ensemble average. This stress is periodic in time, with a period
equal to one cycle of the shaft revolution. The combination

M
E fu1(Rm ) (r,0-0t,z) - u, AX) (r, z) (2)

M=1

+ Au(r,O,z,t)

represents the unsteady component of the time-resolved velocity field. The velocity component u,(Rm)
under the summation sign represents the time-averaged velocity field in a typical passage of the m'th
rotor. Its time mean value is equal to the axisymmetric component u (AX). The component "u is
associated-with the rotor-stator and the rotor-rotor interactien field-and can be shown to be a
function of u-(Rm ) and W;(Sn ) where u;(Sn) is the time-average velocity field in a typical passage of
the n'th stator. The velocity components in Eq. (2) can transport momentum across the time-averaged
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stream surface. In Ref. (9), this transport process was shown to produce a mixing stress of the form

R, = {pu+"uj" + pu1 uj pu; u3" + U

w + pu;'uj' (3)
~where

~M
u"= [ C '(RM) (r, 0-0t,z) - u;(AX)(r,z)] (4)

m=1

The single bar over the expressions which appear within the brackets represents a time average; the
double overbar over the remaining term denotes the time average of an ensemble average. The stress
p-Uiwu3wis independent of 8 and is associated with the nonaxisymmetric component of the "average
passage" velocity field of each rotor. The work of Adkins and Smith may be viewed as an attempt to
model the mixing due to this stress. In the present work, it will be evaluated directly. The
remaining stresses which make up R1 are associated with rotor-stator interaction, rotor-rotor
interaction, and mixing due to the time-unresolved flow field. These terms arise in part due to wake
chopping and turbulent diffusion and will be modeled by a Boussinesq diffusion model, as suggested by
the work of Galimore and Cumsty, Ref. (7). The diffusion coefficient will be set according to the

data published by Galimore, Ref. (6). The force associated with the gradient of tht stress do-i u

which appears in the tangential momentum equation, will serve as a measure of the stress Rij away from
solid boundaries. Its effect will be evaluated by comparing its gradient to the tangential component
of the blade force.

The time-averaged energy equation also contains a source term and energy correlations. The
correlations arise because of the transport of total enthalpy across the time-averaged stream surfaces
by both the time-resolved and the time-unresolved velocity field. The source term is the result of
the work done by the blade force and the heat transfer at the blade surface. Applying the same
decomposition that was used for the velocity to the total enthalpy Ho yields,

U N
H (r, 0, z,t) =lH0 Sk (rGzk) + z [Ho(sn)(r,O,z) -Ho(AX)(r,z)]

n=1

+ Ho(r,O,z) (5)

+ [5 0(R m)(r,O-Ot,z) - H.(Ax)(r,z)J

A

+ H0 (r,8-it,z) - Ho'(r,8,z,t)

The ensemble and time-averaging operation applied to the energy equation yields the correlation

G1 E {pu,"Ho" + pu"H. + pu;H." + pu;Ho

+ pu'Ho' (6)
where

Ho" = E [He(Rh )(r, O-Ot,z) - He(Ax)(r,z)] (7)

As was noted for the momentum correlations, the correlation pui"Ho" can be directly evaluated based on
the average passage flow field. The remaining correlations will be modeled by a Boussinesq diffusion
model. The diffusion coefficient will be assumed to be related to the momentum diffusion coefficient
through a Prandtl number of order one. The impact of the correlation Pul'"H. on the solution will be
assessed by comparing the value of its divergence to the work done by the blade forces. This
assessment is undertaken in the next section.

Results

The compressor used in this study is a high-speed five-stage research compressor, of which only
the first two stages will be analyzed. The pressure ratio across these stages exceeds three. Both of
the simulated stages are transonic, with the second stage starting to take on the characteristics of
an embedded stage. The initial set of results to be presented will illustrate the predictive
capability of the current model; the data to be used in the figures came f.om measurements recorded at
the leading-edge of the first and second stator. The first figure shows the total pressure rise
across the first rotor as a function of span. The square symbols denote the data, the solid line is
the prediction, and two or more symbols at a given spanwise location represent the circumferential
scatter in the data. Notiem-that the level of-the-predicted total pressure rise across the ruLur ib
slightly lower than measured, and the shape of the predicted curve is in-good agreement with the data.
The location of the local minimum at 38 percent is predicted, and the location of the maxima near the
endwalls is also in good agreement with the data. It is believed that the predicted level of the
total pressure rise across the first rotor could be raised by simply increasing the specified back
pressure at the exit of the second stage.

The next figure shows the total temperature rise across the first rotor. Once again, the square
symbols are the experimental measurements. The agreement between prediction and measurement is quite
good, and the indicated ability to predict the performance of the first rotor provides a degree of
credibility for the simulation. The next two figures show the total pressure and total temperature
distribution-entering the second rotor. The performance of the first stator, as judged-by the loss in
total pressure, is very satisfactory. The hub endwall flow shows no sign of separation, and-the total
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temperature distribution shows less of a variation than at the exit of the first rotor. Note that

this result is quite apparent in the tip region. The simulation assumed no heat transfer to the solid

surfaces and a finite clearance over both rotor tips. The previous results are thus an indication of

the mixing produced by the nonaxisymmetric component of the flow field downstream of the first rotor.

Figures (5) and (6) show the total pressure and total temperature distribution at the exit of the

second rotor. Here the predicted total pressure level is deficient in the hub and slightly

overestimated in the tip. The low level inboard of 30 percent of span is caused by a separated flow

region along the suction surface of the rotor. This separated region also causes an excessive total

temperature over the-measurements.

The source of the excess in both total pressure and temperature over the measurements for the

region outboard of 50 percent span, is unknown. An examination of the results from the second stator

simulation results showed no evidence of flow separation or regions of high loss which could be

related to the shape of the predicted total pressure distribution at the exit of the rotor. Because

this examination was inconclusive, further study will be required. The results jerived from the
second stage simulation will have to be thought of as typical of off-design operation.

To establish the degree of flow mixing present in both rotor simulations, the tangential

component of the body force and the divergence of the momentum correlation puinuon associated with the

average-passage flow field will be evaluated along with the energy source and the divergence of the

energy correlation 9 Figure (7) shows contours of the combined values of the tangential
component of the body force and the di ergence of the correlation pu1Nuo". Both of these terms appear

in the tangential momentum equation, and, as was noted in the previous section, the divergence of

Tu;,u,1 is a measure of the mixing of tangential momentum. The outline of the rotor appears in the

left portion of the figure, while the first stator is to the right of the rotor. Figure (8) shows the

contour levels of the tangential component of the body force produced by the aerodynamic loading
acting on the first rotor. The sign of this component is negative over most of the bladed region. It
vanishes, as it must, outside of this region. The difference in the value of the contours which
appear in Figures (7) and (8) is equal to the divergence of the correlation u-i u-  Outside of the

region swept out by the rotor, the value of I x pui"ue" is smal , with the exception of the region
downstream of the rotor and outboard of 85 percent of span. In this region, its value is comparable
to the value of the tangential component of the blade force inboard of midspan. Furthermore, this
correlation appears to act over a region which extends to near the stator trailing edge. Their
effect, which can be shown to be cumulative over the time-averaged path line of a fluid particle, is
non-negligible. These results further suggest that very little mixing due to the unsteady
deterministic flow field occurs inboard of 85 percent of span. Turbulent mixing, however, would be
present in the region.

The next two figures show the contour levels for the combined values of the energy source and the

divergence of the corr'.ation pu,"H.", and the contour values of the energy source. As in figure (8),
the energy source, whic is a function of the rotor aerodynamic loading, vanishes outside of the
region swept out by the rotor. The difference between the contours in these two figures is equal to
the divergence of the energy correlation puiaH0 ". Outside of the rotor blade region, the energy
correlation, like the momentum correlation, appears to be significant only in the tip region. In the
tip region, its effect appears to extend to near the stator trailing edge.

The next four figures (i.e., Figures (12)-(15)) clearly illustrate the mixing which can be
attributed to the second rotor. The format of these figures is identical to that for Figures (7)-
(11). The mixing associated with the average-passage flow field of the second rotor, unlike that of
the first, is non-negligible in both endwall regions. The flow mixing which occurs in the hub is
mainly due to the separated flow region near the trailing edge of the suctio- surface, while the
mixing in the tip is the result of the leakage flow. Both of these mixing regions seem to extend to
near the trailing edge of the second stator. At midspan, the wakes are thin, and the flow is nearly
two-dimensional, which results in a low level of mixing by the unsteady deterministic flow field.
These results are completely consistent with the work of Weisler et al., Ref. (8), and are also
consistent with the work of Galimore and Cumsty, Ref. (7). They further suggest that the mixing,
which both sets of authors associated mith turbulence, might have a strong component which is
associated with the unsteady time-resolved flow field. The proof of this conjecture will require
detailed measurements or a three-dimensional unsteady viscous flow simulation. A final observation
regarding these results: It is apparent that the correlations associated with the nonaxisymmetric
component of the second rotor average-passage flow field has a minimal impact on the time-averaged
flow field of the upstream stator.

A number of researchers have attempted to develop interblade row boundary conditions to permit
the simulation of more than one blade row. These simulations, like the present, attempt to describe
the time-averaged flow field in a typical passage of a blade row. The boundary conditions allow the
transfer ef the y.,tric components ol Lho flow variables betweat the rows; however, the
nonaxisymmetric component is quite often overlooked. This boundary Londition appears to be-based on
the assumption that the flow between the blade rows relaxes to an axisymmetric state within the
interblade row region, and experimental evidence suggests that this might be reasonable for fan stages
with wide separation between rotor and stator. However, as fhe present results show, this assumption
is inappropriate for core-compressors.

The final two figures show the absolute total temperature distribution at the exit of both
rotors. These figures clearly show the three-dimensional structures which impact the time-averaged
flow field within the stators. In the tip region, these structures are the result of the leakage
flow, which is responsible-for the high total temperature region to the right of midpassage, This
same region also happens to be a region of high loss. The velocity field associated with the leakage
flow transports energy across the time-averaged stream surfaces of the stator flow field; the result
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of this transport process is the energy correlations shown in Figures (9) and (13). In the hub of the
second rotor, there is also a region of high total temperature, which is the result of the boundary
layer separating from the suction surface-of the rotor. The thick wake which evolves from the
separated region has a significant radial velocity component within it. As the wake convects
downstream, this velocity component transports momentum and energy across the time-averaged stream
surfaces of the stator flow field. This transport process yields a stress which acts on the stator
time-averaged flow field. The physical extent of this stress field is shown in Figure (11). These
results and those on the previous figures clearly show the need to take account of the stress and
energy correlation produced by the time-resolved flow field in simulations of multistage compressors.

Conclusions

An assessment of the effect of the unsteady flow field within a multistage compressor on the
time-averaged performance was attempted. It had previously been shown that the unsteady flow state
impacts the time-averaged flow state through a stress tensor, a body force, an energy source, and an
energy correlation. In this study, the magnitude of the body force resulting from the aerodynamic
loading acting on a blade row was compared to the gradient of the stress tensor associated with the
unsteady time-resolved flow field generated by the blade row. Both of these quantities appear in the
time-averaged form of the momentum equations. In addition, the magnitude of the work done by these
forces was compared to the divergence of the energy correlations produced by the unsteady time-
resolved flow field. It was found that both the stress tensor and the energy correlations were non-
negligible in the endwall regions, a finding consistent with that of Ref. (8). In the midspan region,
both the stress tensor and the energy correlation were small; again, this finding is consistent with
that in Ref. (8). These results suggest that turbulence or the time-unresolved flow field is the
primary source of flow mixing in the midspan region. The stress tensor and energy correlations were
found to be strongly dependent upon the three-dimensional structure of the time-resolved unsteady flow
field The mixing associated with stress field and the energy correlations extended to a region near
the trailing edge of the downstream stator. The influence of the correlations associated with the
time-resolved flow field upon the upstream blade row-was negligible.

This study has shown the need to understand and model the unsteady flow processes which impact
the performance of multistage blade rows. Further studies are needed-before this subject is
understood to the point where semi-empirical models which explicitly account for the effects of the
unsteady flow on blade row performance can be used to develop designs which take advantage of these
effects to enhance performance.
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Summary

Large scale planar cascade experimental studies have been used for some years now to
sort out and measure three-dimensional flows in axial flow turbines. In particular,
these planar cascades have been and are used for secondary flow studies and more recently
for tip-clearance studies. This paper focuses on the topics of cascade periodicity and
the use of surface flow visualization in planar turbine cascades, in these studies.

Since results from these cascade experimental studies are based on a planar cascade
that usually has few airfoils (4-6), the topic of how periodicity is achieved in a finite
cascade is an important one. One method of achieving periodicity in a 4-airfoil cascade
is discussed.

The use of surface flow visualization in these cascade studies has been prominent. A
commentary is given on three techniques that have been used, and on the interpretation of
the results from each technique.

Nomenclature

a - ordinary point on attachment line

b.: - axial chord (0.281 m)

cp - static pressure coefficient, (p-po)/1/2 U0
2

D - cylinder diameter

p - static pressure

s - ordinary point on separation line

S - airfoil surface distance divided by leading edge radius (1.50 cm)

Ss - saddle point of separation

u - velocity in the x-direction

Uo - free stream or upstream velocity

v - velocity in the y-direction

w - velocity in the z-direction

x - coordinate normal to cascade leading edge; axial

y - coordinate normal to endwall; spanwise Nondimensionalized
by b.

S coordinate pdLaIIei to cascade leading edge; gapwise )

P - density

Tyx - wall shear stress in y = 0 plane in x-direction

Tyz - wall shear stress in y = 0 plane in z-direction
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Introduction

For many years, experimenters studying the complex three-dimensional flow in axial
flow turbines have made use of simple planar (linear) cascades of turbine airfoils. One
such four-bladed cascade is shown in cross section in Figure 1. Since axial turbine
three-dimensional flows (or "secondary" and "tip-clearance" flows as they are generically
called) are quite complicated, it has been found beneficial to use this simpliest
geometry to sort them out, much as the classic "flat plate" is used in two-dimensional
flows.

Planar cascade flow ftudies of turbine three-dimensional flows go back at least to
the work of Herzig et al' at NACA and to Armstrong at Cambridge. Because of the
overall favorable (negative) pressure gradient in an axial flow turbine, simple plana
cascade flows faithfully exhibit many of the most important features of actual turbine
flows. Such is not the case for an axial flow compressor, because of its overall
unfavorable (positive) pressure gradient. In general, compressor planar cascade flows
may not accurately represent "engine" conditions in a compressor, because portions of the
flow may be operating under conditions of impending (or actual) flow separation. Thus,
small (or large) disturbances in the engine environment, not present in a cascade
experiment, can give rise to steady or unsteady flows that are not easily representable
by a simple compressor cascade.

The three-dimensional flow in a planar turbine cascade is usually thought of in terms
of the "primary flow" and the "secondary flow". The primary flow consists of the flow
that most closely follows two dimensional (usually midspan) inviscid streamlines in the
cascade, and the corresponding two-dimensional region (if that exists) of the boundary
layers on the cascade airfoil surfaces. The secondary flow then includes all that is not
"primary", i.e. the so-called three-dimensional flows. These include endwall boundary
layers (i.e. the region of flow on the non-airfoil bounding surfaces of a cascade) and
any portion of the primary flow region that is strongly effected by the latter.

Tip-leakage flows occur because of airfoil tip clearances (i.e. leakage from pressure
to suction surfaces between the tip of a moving blade and a fixed endwall, or between the
tip of a stator and a moving endwall). Either is simulated in a planar cascade by
leaving a gap between the cascade airfoil tips and an adjacent endwall (which is usually
stationary, but can be made to move, e.g. a belt). The resulting "tip leakage" flow in
the planar cascade will modify both the secondary flow and the primary flow.

For the case of a planar cascade that is used to model pure secondary flows (i.e. no
tip clearance), the endwall regions give rise to the now well-known (and documented)
horseshoe vortex system. One interpretation of this system, as given by Langston, Nice
and Hooper3 is shown in Fig. 2. This figure shows that at the endwall of the cascade,
the inlet boundary layer separates and forms a horseshoe vortex. One leg of this vortex
(sometimes called the "pressure" leg), drawn into a cascade passage, is "fed" by the
passage pressure-to-suction endwall flow and becomes the passage vortex. The other leg
(called the "suction" leg) is drawn into an adjacent passage and has an opposite sense of
rotation to the larger passage vortex. This smaller vortex is labeled as a counter
vortex in Fig. 2 and can be thought of as a "planet" possibly rotating about the axis of
the passage vortex (the "sun"). Thus the position of the counter vortex relative to the
passage vortex may be different than that shown in Fig. 2 (see Marchel and
Sieverding4). The ribbon arrows in the figure have been drawn to exaggerate vortex
motion. The actual rotation of the vortices is much less than shown (about two rotations
for the passage vortex).

More c~mplicated endwall flows than that shown in Fig. 2 have been discussed by
Sieverding and these will be considered later in this paper. There has been a large
body o; work on tip-clearance flows in plan r cascades (e.g. Moore and Tilton6 ,
1indon', Yamamoto , and Yaras and Sjolander ) but as yet no "simple" picture has
emerged to be a counterpart to the no-gap cascade of Fig. 2.

At J ast three reviews of turbine secondary flows have been written. One written by
Salvage" covers the literature on secondary flows up until the early 1970's. Some
topics in turbine cascade flows have been reviewed by Gostelow1 for much of the
literature up to 1980-82. The most recent and comprehensive review was done by
Sieverding5 who reviewed and summarized the literature up to about 1983.

Since Sieverding's review there has been a fairly large number of papers presented
and published (about 5-10 per year) on three-dimensional flows in turbine cascades. In
light of -thi- o--st r-cent work (since 1983) and that which was reviewed by Salvage,
Gostelow, and Sieverding, the objective of this paper is to review and comment on the
following turbinu pliua uascade experimunt topics:

1) The question of cascade periodicity.

2) The use of surface flow visualization in planar cascade studies.
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The question of cascade periodicity for non-infinite cascade experiments is an
important one. Data from detailed turbine cascade experiments are being used as"test cases" against which numerical (computer) solutions of either the Euler or the
Navier-Stokes equations are being compared (e.g. Hah ).

The use of surface flow visualization is and has been impoitant in discovering
and sorting out complex cascade flows. A commentary is given on three of the flow
visualization methods that have been used and on the interpretation of the results
of each.

The Question of Periodicity

The obvious way to achieve periodicity in a linear cascade is to have as many airfoil
passages as possible. But of course, given a certain size airfoil passage, more airfoils
mean more airflow, and hence, a larger air supply. Typically a turbomachinery company
will test an "engine scale" cascade with 10-15 airfoils, using the middle three or four
passages as the "test section", from which aerodynamic data is taken. Both ends of the
cascade then provide the approximation to a periodic flow field for the cascade middle
section.

However, in the large scale planar cascades that have come to charac rizw
experimental studies of turbine cascade secondary flows, (e.g. Langston et al , Marchel
and Sieverding4, and Yamamotol ) the number of airfoils are reduced because:

a) it is necessary to increase the scale of the experiment (airfoils on the order of
5-10 times engine size) so that details of the complicated secondary flow field
can be measured accurately while minimizing the effect of the instrumentation
(e.g. pressure probes) on the flow

b) There is a requirement to achieve Reynolds number similarity (based on axial chord
and inlet or exit velocity) while keeping the total flow rate to the cascade
within reasonable limits (size of the air supply).

A typical four-airfoil cascade used to study secondary flows, taken from Langston et
a.3 , is shown in Fig. 1. This particular cascade will be used as an example of at
least one way to make part of such a cascade periodic. It had an aspect ratio of about
1.0, an xial chord of about 0.3m, and was tested at an axial chord Reynolds number of
about 100 (inlet velocity 34m/sec at atmospheric conditions).

3ecause of the few airfoils, a four-airfoil cascade is not periodic in every airfoil
passage. The overall turning of the flow entering and leaving the uascade in Fig. 1 is
determined by the airfoil shape and spacing (solidity). The overall inlet flow angle is
set by adjusting the cascade angle relative to the inlet duct. However, the detailed
flow entering each cascade passage can vary depending on the passage's proximity to wind
tunnel bounding walls. Thus, once the cascade inlet angle is set (44.70 in Fig. 1) the
cascade flow can be adjusted to achieve center passage periodicity by trial-and-error
positioning of the two boundary layer bleeds and the two tailboards. These four
"adjustments" are not independent, because setting one (e.g. the longer tailboard) can
effect the others (e.g. the low blead flow).

Figure 3 shows the final pitchwise static pressure distribution at the exit of the
cascade, taken on an endwall at about 0.1 of an axial chord downstream of the trailing
edge plane in the axial direction. (Like measurements were taken in front of the
cascade, but due to the lower velocities there, the leading edge position did not yield
as sensitive a measurement). At best, one can say that the pressure distribution has a
"psuedo-periodic" behavior, being effected by such things as the boundary layer on the
longer tailboard (e.g. the lower pressures between airfoils 3 and 4).

However, the criterion used for cascade periodicity was not the repeatibility of the
wakes in Fig. 3. (This figure does represent the flow conditions under which the cascade
was tested.) Rather, tailboards and blades were adjusted until the static pressures at
midspan on the middle airfoils 2 and 3 agreed with one another (on both suction and
pressure sides) and with a potential flow solution for an infinite cascade (as shown in
Ref. 3 there was a midspan region that closely approximated an inviscid irrotation flow
outside of the airfoil boundary layers). This agreement is shown in Fig. 4 as a plot of
static pressure coefficient on airfoils 2 and 3 as a function of non-dimensional airfoil
surface distance from the leading edge-mean camber line intersection, in the region of
the airfoil leading edge. Airfoils 2 and 3 were also interchanged in the cascade (i.e.
removed and repositioned) as a check for pressure tap location and pressure tap
consistancy.

The midspan pressure distributions in Fig. 4 show infinite cascade behavior for
airfoils 2 and 3 in two important ways:

1) There is very good agreement at midspan between the infinite cascade potential
solution (the continuous curve in Fig. 4) and the measured pressures on airfoils 2
and 3.
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2) The position of the leading edge stagnation points on both airfoils are the same
and agree with the infinite cascade potential flow solution. This guarantees that
the midspan region of the passage between airfoils 2 and 3 has the same mass flow
rate as the potential flow calculation. (It should be noted from Fig. 4 that more
than one pressure tap is needed to experimentally locate the stagnation point!)

Figure 5 shows the complete chordwise static pressure distribution on the pressure
side of airfoil 3 and on the suction side of airfoil 2, for various spanwise locations.
As in Fig. 4, there is good agreement with infinite cascade potential flow at midspan
(50%), except near the trailing edge where viscots effects (trailing edge separation)
start to effect the flow. As discussed in more detail in Ref. 3, the pressure
distribution at other spanwise locations (25%, 12.5% and 2.3%) show the effects of the
passage vortex (secondary flow) formed on the endwall of the cascade.

The above discussion shows at least one approach for insuring that one passage and
two airfoils in a four-airfoil cascade behaves as if they were in an infinite (truly
periodic) cascade. Two items are critical:

1) A region of midspan flow in the cascade passage had small viscous and rotational
effects so that it could be compared to a two-dimensional inviscid calculation for
an infinite cascade.

2) It was very important that there was a sufficient number of midspan pressure
measurements on the airfoils (especially in the leading edge region) to insure
that the periodicity conditions existed for at least one airfoil passage. This
included accurately locating the stagnation streamlines at the midspan leading
edges.

Thus, when experimenters report that their finite cascade was checked for
periodicity, they should show that they have addressed these two key points. Without
this check of periodicity, any attempt to duplicate their results experimentally or
analytically may not be successful. Non-periodicity will cause a difference in the mass
flow between passages, differences in incidence angles between airfoils, and differences
in pressure distributions between airfoils.

The Use of Surface Flow Visualization

Because of the complexity of three-dimensional flows in turbine cascades, surface
f.ow visualization has been used quite extensively to document and explain cascade
passage flows. A surface flow visualization test is relatively easy to do, and if
detailed measurements are to be made in the cascade passage, the flow visualization
results are extremely valuable in telling the experimenter how to properly aline pressure
probes, hot wire probes etc., when measurements are taken near cascade surfaces.

However, the interpretation of surface flow visualization results needs to be done
carefully with a knowledge of the strong points and of the limitations of the test method
used. Usually, one wants to find limiting streamline patterns (also called surface
streamlines) by looking at the surface shear stress lines displayed by the flow
visualizati9g (be it oil, traces of ink, etc.) on a solid surface. As can be shown (e.g.
see Howarth'), limiting streamlines and wall shear stress lines coincide, except at
singular points (where the shear stress is zero). That is, the slope of limiting
streamline z = z(x) on a solid xz surface bounding a three-dimensional flow (laminar or
turbulent) is given by

dz(x) l im w Z=F .
d x y *o U Y 0 a u

where y is normal to the surface, u and w are velocities in the x and z directions,
and i yx and tyz are the corresponding components of wall shear stress for (in this
case) a Newtonian Fluid. In the limiting process (y +o) used to derive (1), aw/ay and
au/ay can not both be equal to zero (but either one could be zero, such as on a-
separation line-). Thus at a singular point (e.g. the saddle point where the horseshoe
vortex of Fig. 2 forms) and where the wall shear stress is zero, Eqn. (1) doesn't hold.
Slarfare flow u iuiization will not yield accurate 1-imiting streamline information at or
very close to the singular point.

Most of the surface flow visualization techniques that have been used in turb e
cascade studies are of the "mechanical interaction" class as defined by Merzkirchig.
Following Merzkirch's terminology the "oil-dot", "the oil-dot-film" and "the oil-film"
methods are three mechanical interaction techniques that have been used by turbine
cascade experimenters, and will be discussed here.
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I. Oil-Dot Technique
An example of the oil-dot technique for surface flow visualization is shown in

Fig. 6. This figure, taken from Langston et a13, shows the results of injecting
dots of india ink (the "oil" dot in this case) onto the plexiglas endwall of a
turbine cascade while the cascade was being operated at design airfoil .onditions.
The shear forces on and near the endwall then drive an ink droplet from each dot
along the endwall to paint out the limiting streamline pattern shown in Fig. 6.
The horseshoe vortex saddle point, Ssl, can be clearly seen (along with a
neighboring saddle point Ss2 , to show periodocity and the location Ss, to show
where S moved when the cascade incidence angle was increased). Arrows and
dotted lines have been drawn in the figure to show flow direction and the location
of separation and attachment lines. In agreement with the above discussion about
the singular behavior of Eqn. (1), no ink dot could be made to flow at or very
close to the saddle point Ssl.

The oil-dot technique is also used with a more viscous oil dot than the ink of
Fig. 6. In this way the dots can be placed, before the airflow is turned on.
However, the oil (or oil mixture) must be viscous enough so that it isn't
significantly affected by the nonsteady start-up period, before steady flow is
achieved.

The advantage of this discrete oil dot method is that the resulting oil traces
are streaklines such that one can clearly see the true origin of each trace.
Traces that do not accurately represent limiting streamlines can be easily
identified. Examples of misleading (but identifiable!) traces are the ink
splattering and traces that cross one another, both shown in the upper portion of
the cascade passage between airfoils 2 and 3 in Fig. 6. These were caused by wake
shedding from the probe used to inject the ink onto the endwall.

II. Oil-Dot-Film Technique
This technique, developed by Langston a,d Boyle1 6, makes use of an ink dot

pattern that is put onto the surface to be tested (either directly on the test
surface or by use of a glued-on drafting film). The surface is then sprayed with
a thin continuous film of clear, low-viscosity oil (oil of wintergreen) that acts
as a solvent and starts to "dissolve" the ink dots.

When the air supply is turned on and quickly brought up to operating
conditions, the oil and the dissolved ink flow in response to shear forces. Each
ink dot acts as a well-defined stationary source of ink to produce a clear ink
trace of a shear stress line. When the oil has been blown downstream or has
evaporated, a permanent picture of a network of ink streaklines is left on the
test surface.

This technique has been used in turbine cascade studies (e.g. Gaugler and
Russell1' and Boyle et a118 ). It works best on horizontal, upward facing
surfaces, and requires some care to use the low viscosity film on non-horizontal
surfaces. The oil-dot-film technique yields distinct, unambigious streaklines as
does the oil-dot method, but is has the added advantage of yielding streaklines in
regions of very low shear, where other methods of surface flow visualization won't
work. (For example see Langston and Boyle1  and the jet engine inlet studies of
Shin et a0 9 ).

III. Oil-Film Technique
The oil-film technique (again using Merzkirch's terminology) has been the

method most used by experimenters to document turbine cascade limiting streamline
patterns. Among many others it has been used by Marchal and Sieverding4 ,
Gregory-Smith et al2N, Jilekl1 , and Harrison22 for secondary flow studies,
and by Moore and Tilton6 for tip leakage studies.

The cascade surface is coated with a layer or film of a mixture of oil (e.g.
diesel oil or a heavier motor oil) and a powdered pigment (e.g. titanium dioxide),
as uniformly as possible. The air supply is turned on and run so that any initial
brush marks, finger prints, etc. disappear. The test continues until the
experimenter judges that a good "picture" of the shear stress lines has been
obtained, but not long enough so that the oil film has been essentially blown
away, leaving few or no shear stress lines.

An excellcnt cxazple of nth Lesuits of the oil tilm technique is shown in Fig.
7. This shows the flow visualization done by East and Hoxey2 3 on the endwall in
front of a 0.6 m diameter cylinder mounted in a wind tunnel, run at 61m/sec. This
flow visualization picture clearly shows the saddle point formed by the horseshoe
vortex. This is analogous to the saddle point Ss in Fig. 6, where airfoil 3 is
the "cylinder". The cascade horseshoe vortex is -ormed nonsymmetrically due to
the cascade pressure field.
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This very popular oil film method has the advantage of yielding a "picture" of
an entire surface fairly easily and quickly. However it has three serious draw
backs:

1) The judgement of when the oil film has painted out the "best" flow visualization
picture is left up to the experimenter. The author has used the method and
considers such a judgement quite subjective. Leaving the air supply on for longer
periods of time can yield a "clearer" pictuK9, but some details (e.g. separation
lines) may have been blown away. Dickinson" shows an excellent sequence of six
photos of an oil film flow visualization as it develops in a wind tunnel on the
endwall around a symmetrical airfoil from time zero to 40 minutes. His sequence
shows shear stress lines appearing and then disappearing, with no clear criterion
as to when the shear stress line picture is "complete".

2) In flow situations involving upstream separation and downstream attachment, it is
not always clear where the oil mixture in a particular region originated. Was the
oil mixture there to begin with or was it deposited by attachment from some
upstream separation region? This ambiguity was not a feature of the first two
techniques discussed above. (By painting different surfaces with different
colored oil mixtures, this ambiguity can be turned into a means of finding where
the flow leaves one surface and impinges on another).

3) Areas that accumulate the oil mixture can be mistaken for separation lines. That
can be easily seen-in the oil film flow visualization of East and Hoxey in Fig. 7.
There is only one saddle point shown, formed by the intersection attachment line
running from right-to-left upstream of the cylinder, and the separation line that
swings circumferencially around the cylinder. The dark area around the cylinder
is not a separation line, but2  line of accumulation of the oil mixture. This was
shownby Eckerle and Langston using direct flow field measurements and using
the oil-dot-film technique. Their cylinder experiment, designed to study the
formation of the horseshoe vortex of Fig. 2, was very similar to that of East and
Hoxey. Figure 8 shows a sketch of their cylinder experiment and the horseshoe
vortex they measured. Also shown in Fig. 8 is a sketch of their flow
visualization results. (The actual results are shown in detail in Ref. 26.).
This sketch clearly shows only one endwall saddle point and one associated
separation line. The line in Fig. 8 labeled as the "accumulation line" is simply
a region where pressure gradients are such that the reverse flow near the endwall
is strongly decelerated. This corresponds to the dark area of accumulation in the
East and Hoxey of Fig. 7. If the airflow had been allowed to continue in the East
and Hoxey experiment, the true separation line might have disappeared, leaving the
accumulation line to be erronously interpreted as a separation line. It should be
emphasized that this "line of accumulation" as defined in Ref. 25 and 26 is not a
"new" topological limiting streamline feature (such as a separation line). It is
simply a by-product of the particular flow visualization technique used.

The above discussion has brought out the point that the method of surface flow
visualization is critical in obtaining accurate surface shear stress pictures. One final
comment can be made about the importance of surface flow visualization in measuring
velocities and pressures within the flow field of a turbine cascade.

As an illustration of this, consider the flow field around a saddle point of
separation 0, as shown in Fig. 9. (This would correspond to Ss, in Fig. 6 or to the
cylinder saddle point in Fig. 7 and 8.). The sketch in Fig. 9 shows an idealized picture
of time-averaged streamlines in a plane of symmetry that contains -the attachment lines of
saddle point 0, for a very small region about 0. The upstream flow in the plane of
symmetry is divided from the downstream separated -flow by separating streamline
(undistinguishable by measurement) 00'. The dashed line shown in Fig. 9 is the loci of
the points at which the mean velocity in the x-direction, u, is equal to zero and changes
sign. Thus, when measuring velocity with say a 5-hole pressure probe, for a given
x-location to the right of 0, as the probe is traversed in the y-direction, the probe
must be rotated a full 1800 at the locus of the dashed line! Again, the dashed line
separates the reverse flow contained in AYR from the "return" reverse flow contained
in AY. Without-the reverse-flow-direction knowledge gained from surface flow
visualization (Fig. 6), the pressure probe traverse measurement described would be very
difficult to make (and near-to-impossible with a single hot wire!).

Final Remarks

The need to measure and sort out the three-dimensional flow in planar turbine
cascades has compelled experimenters to use large scale cascades, so that cascade flow
features are large relative to the instrumentation used. The larger scale has meant
fewer airfoils in a cascade (typically 4-6), which brings into question the periodicity
of such finite cascades. One method of achieving periodicity in at least one passage of
a 4-airfoil cascade was discussed here. Having sufficient pressure measurements near the
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airfoil leading edges, the ability to adjust boundary layer bleeds and tailboards, and an
analytical solution for an infinite cascade flow to compare against, were all key to
achieving the periodicity. The reader can use these results to judge the degree of
periodicity achieved (or claimed) in other finite cascade experiments.

Three techniques of surface flow visualization that have been used in cascade
studies were discussed and evaluated. The most used technique (the oil-film method) was
shown to have some limitations when compared to the other two (the oil-dot and the
oil-dot-film methods).

Some cascade studies (see the review by Sieverding5) have made use of the oil film
technique and flow field smoke visualization to piopose more complex multi-horseshoe
vortex systems than that shown in Fig. 2. Baker " has shown that laminar flow can give
rise to two, four and six vortex systems (steady and unsteady) in front of an endwall
mounted cylinder, contrasted with the single vortex of a turbulent flow (Ref. 23 and
25). It has been argued here that the oil-film technique can result in accumulation
lines that can be mistaken for separation lines. Thus, these two facts,
a) the possibility of mistaking an accumulation line for a separation line, and
W multiple horseshoe vortex systems seem to occur only in laminar flows, combine to make
a case against a turbulent multiple vortex model of endwall flow. Direct measurements in
the flow field (Ref. 3, 13, and 22) seem to support the single horseshoe vortex view
(i.e. Fig. 2).
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DISCUSSION

Bullock, 
USA

A rather exhaustive study was conducted by NACA at Langley Field, VA.
Jack Erwin did most of the work as I recall. I believe Drs A. Kantrowitz
and S. Bogdonoff were also involved. Some work may have been reported in
"Princeton Series". NASA Technical Publications (Notes and Reports)
contain the important material.

Author's Reply:

Thank you for your comment. I am aware of early work at NACA Lewis but I
was not aware of the Langley work. I will certainly look into the Langley
reports.

Chen, Switzerland

May I have a fundamental question about the flow visualization on the wall
surface? The streamlines are only a mathematical formulation for the
flow. Usually, we cannot see it. But in the flow visualization of your

Fig 7, we see clearly streaklines. We have noticed in our experience that
a normal boundary layer will only show a wiped-out surface without any
flow structure. Only a three-dimensional boundary layer with very thin
tangentical component and very thick axial one has such separated
uteakline. Thcn the dis-t-ances of the etreaklines cor-responds to the
wavelength of a kind of Ekman layer instability (Stewartson layer). My

question on Prof Langston is: Would you see another mechanism for this
separation into individual streaklines of the boundary layer?

Author's Reply:

I don't quite know how to answer your question. Fig 7 concerns the East
and Hoxey cylinder data (Ref 23). You might try to analyze their data
(tabulated in Ref 23) or equivalently, the data of Eckerle & Langston
(Ref 25 and tabulated in Ref 26) to see if there could be another

mechanism for separation.
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SUMMARY

The paper examines the total pressure losses in the tip-leakage flow of a planar cascade of turbine blades. The
objective is to clarify the loss mechanisms which affect the tip gap flow as well as to provide additional data on tip-leakage
losses for use in correlations. Clearances of from 1.5 to 5.5 percent of the blade chord are considered. The flow has been
.neasured also for zero clearance to identify the conventional secondary flow component of the loss. T. data presented in
the paper clarify the role played in the evolution of the tip-leakage losses by. the viscous stresses and separation bubbles
inside the tip gap, the "sudden expansion" as the flow emerges from the gap, and the mixing out process as the tip-leakage
vortex develops downstream of the trailing edge. The direct loss within the clearance gap is found to be relatively
unimportant for the full range of clearances. The measurements are compared with commonly-used correlations for the tip-
leakage losses.

NOMENCLATURE
u = root mean square velocity fluctuation in

c = blade chord length the x direction

ex  = blade axial chord length V = resultant velocity

Cpo = (Po - PoIN)/(I/2pVIN2) = total pressure VIN = reference velocity, on centreline at inlet
loss coefficient

Vn = component of velocity normal to area of
Cpo' = local mass-averaged total pressure loss interest

coefficient (see Eqn. (2))
x,y,z = co-ordinates in axial, tangential, and

Cpo" = total pressure loss coefficient averaged spanwise directions respectively
over reference mass flow (see Eqn. (1))

x0 = co-ordinate in chordwise direction
C "i = mass-averaged coefficient of secondary

kinetic energy for downstream flow Y = total pressure loss coefficient based on
outlet dynamic pressure

Cqn" = mass-averaged coefficient of gap kinetic
energy normal to chord line y' = local pitchwise co-ordinate (see Fig. 2)

h = blade span B = blade metal angle (see Fig. 2)

H = 8*/0 = boundary layer shape factor 7 = blade stagger angle (Fig. 2)

nGA = mass flow rate through tip gap 8 = boundary layer thickness

mREF = mass flow rate for semi-pt ,sage at inlet 8 = boundary layer displacement thickness

Po = total pressure 8** = boundary layer energy thickness

Pot N = reference total pressure, on centreline at 0 = boundary layer momentum thickness
inlet

p. = viscosity

q = l/2pV
2 = dynamic pressure

p = density
S = blade spacing

a = blade row solidity (c/S)
ta = blade maximum thickness

Ic = tip gap
u,v,w = components of velocity in the x, y and z

directions

1.0 INTRODUCTION

Tip leakage is a significant source of losses in all unshrouded turbomachines. For example, in axial-flow turbines the
tip-leakage losses can account for as much as one third of the losses through a stage-(eg. Waterman, [1]). A detailed
understanding of the physical origns of these losses is important in several ways. It ensures that appropriate parameters are
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used to correlate the losses. It can form the basis for simple analyses for predicting the losses. And finally, an
understanding of the physics is necessary for developing design modifications which can reduce the losses. The present
paper examines in detail the tip-leakage losses in a planar cascade of turbine blades. The same apparatus has been used
previously to investigate other aspects of the tip leakage flow, namely; the effects of the leakage on the blade loading near
the tip (Sjolander & Amrud, [2]); the behaviour of the flow inside the gap (Yaras et al., [3]); and the development of the tip
leakage vortex downstream of the trailing edge (Yams & Sjolander, [4]).

Tip-leakage losses are generated in three general regions:

(a) within the gap itself;
(b) as the flow emerges from the gap and mixes with the passage flow;
(c) and downstream of the trailing edge as the tip leakage vortex diffuses outward.

Somewhat different loss mechanisms are dominant in each of the regions, as discussed later. Estimates of the tosses in each
region can therefore be used to identify the relative importance of different loss mechanisms in determining the overall tip-
leakage losses. Most previous experimental studies have not been detailed enough to allow such a sub-division of the losses

In most earlier studies, the tip leakage losses have been estimated from- measurements made downstream of the
trailing edge only. For example, the flow downstream of compressor rotors has been studied extensively by Inoue and his
co-workers (eg. [5-61) and by Lakshminarayana and his co-workers (eg. [7]). Schmidt et al. [8-9] investigated the effect of
leakage on the spanwise loss distribution in an isolated compressor rotor and similar measurements were made by Patel [10]
for an axial-turbine rotor. Patel also examineu the effects of blade tip treatment. More recently, Yamamoto [11-12] has
invesugated the tip leakage flow downstream of a linear turbine cascade. While such studies provide useful data and insights
into some of the effects which influence the tip-leakage losses, they give a somewhat incomplete picture.

Two recent studies by Bindon [13] and Dishart & Moore [14] come closest to the present one :n aim and levels )f
experimental detail. Bindon examined three clearances in a linear cascade of turbine blades, although detaile( data were
obtained only for a clearance of 25 percent of the blade chord. Measurements were made in the tip gap and -at-the trailing
edge plane. The author-notes that there is considerable uncertainty in the losses obtained inside the gap. Bindon concludes
that of the tip leakage losses generated up to the trailing edge, about 40 percent occurred within the gap, due mainly to the
separation bubbles formed on the blade tip. In addition, he indicates that the fluid of low total- pressure which is discharged
into the passage from the separation bubbles contributes significantly to the mixing losses after the flow leaves the gap He
thus attaches great importance to the separation bubbles on the blade tip. This led him to suggest rounding of the comer at
the pressure surface to reduce the losses, even though the gap mass flow rate might be increased. This idea was examined
further by Morphis & Bindon [15]. Bindon's results leave unanswered the question of how much additional loss occurs due
to mixing downstream of the trailing edge. Dishart & Moore investigated the tip-leakage losses in a linear turbine cascade
with a clearance of 2.1 percent of axial-chord. They measured the flow at the gap outlet and at 40 percent axial chord
downstream of the trailing edge. The authors also calculated the fully mixed-out losses. They found that the losscs
measured at the gap exit represented only about 17 percent of the total mixed-out losses. They also found that nearly 90
percent of the final losses had occurred by the downstream measurement plane. Thus Dishart & Moore's results imply that
the losses inside the gap play a smaller role in the overall losses than was concluded by Bindon. However, their data do not
make clear the relative roles played by the immediate mixing of the gap and passage flows and by the subsequent diffusion
of the tip-leakage vortex. On the other hand, the losses due to both the latter- effects are likely to vary directly with the tip-
leakage mass flow rate. Therefore, one might conclude that the total losses can be reduced by decreasing the gap mass flow
rate, even though that might increase in the gap losses. This conclusion is of course the opposite of that arrived at by
Bindon. The apparently contradictory results may simply be the result of differences in the flow conditions in the two
experiments. More-data are clearly needed to clarify these issues.

The present study significantly extends -the range of data available for clarifying the tip-leakage loss mechanisms.

2.0 EXPERIMENTAL APPARATUS AND PROCEDURES

2.1 Test Section and Test Cascade

The test section used for-the measurements is shown- schematically in Figure 1; it has been described in detail in the
earlier papers. As shown, a linear cascade of five blades is used. The blades have a chord length of 250 mm. The
clearance was adjusted by inserting shims -between the side walls and the tip-wall window, beginning about two chord
lengths upstream of -the leading- edge. Clearances of 3.8 to 13.7 mm were used and they were set with an estimated
accuracy- of ± 0.2 mm.

The test cascade represents the tip section of a low-pressure turbine of fairly recent design. The geometry of the
cascade is summarized in Figure 2. As tested, the blade row has slightly t..fferent stagger and- solidity than it-does in the
engine. As a result, the cascade blade is somewhat more forward-loaded than the actual rotor blade. In the test section, the
blade has a Zweifel loading coefficient of about 0.75. Dishart- & Moore's [14] cascade had slightly higher loading, with a
Zweifel coefficient of about 1.1.

2.2 Instrumentation and Data Acquisition

The middle-blade in the-cascade is instrumented over half its span with 14 rows-of static pressure taps, each row
having 73 taps. These provide a very detailed picture of the blade-loading. As shown in Figure 2, the endwall is also
instrumented with an array of static taps.
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The flow inside the tip gap was measured using a three-hole pressure probe and a szven-hole pre ure probe was used

for the downstream measurements. The use of these probes and the uncertainty of the measrements have been discussed in
detail by Yaras-et al. [3] for the three-hole probe and by Yaras & Sjolander [4] for the seven-hole probe.

The three-hole probe is 0.7 mm thick and 2.0 mm wide. Its thickness corresponds to ) to 14 percent of the
clearance heights for which gap measurements were made. For flow in the plane of the probe, the flow angles inferred from
the probe measurements are-estimated to be accurate to within ±2.5 degrees while the dynamic and total pressures are
estimated to be accurate to within ±5 percent of the local dynamic pressure. Inside the gap, the Wcw can be misaligned in
pitch relative to the probe. Calibration has shown that under these conditions the inferred flow angles are still satisfactory
but ths total pressures are underestimated. The implications of this -are discussed further in section 3.4.

The seven-hole probe has an outer diameter of 2.4 mm and the total cone angle of the face is 60 degrees. Like the
three-hole probe, the seven-hole probe is used in the non-nulling mode. It was therefore calibrated in steps of 5 degrees
through all combinations of pitch and yaw out to 50 degrees of misalignment for both angles. Inferred flow angles are
estimated to be accurate to within ±2 degrees and the total and dynamic pi,,.oures to within ±5 percent of the local dynamic
pressure.

All pressures were measured with capacitive-type pressure transducers. The analog output of thL transducers was
converted to digital form, with 12-bit resolution, using a data acquisition system controlled by a microcomputer.

3.0 EXPERIMENTAL RESULTS

3.1 Operating Conditions

All measurements were made at a blade Reynolds number of 4.3x10 5 ± 2 percent based on the undisturbed inlet
velocity and blade chord. The inlet velocity was about 30 mi/s so that conditions were essentially incompressible. The
turbulence intensity, u'/U, at the cascade inlet was about 1.5 percent.

Four clearances from 1.5 to 5.5 percent of the blade chord were uxamined. For reference, measurements were also
made for zero clearance. Table 1 sununarizes the locations at which the flow field was traversed for each clearance. As
seen, the gap flow was measured only for the three largest- clearances. The measurements for 2.8 percent clearance were
made at an early stage and the downstream traverses were not detailed enough -to provide reliable mass-averaged loss
coefficients. For all clearances the boundary layer on the tip wall was traversed with a small pitot tube at 1.32 chord
lengths upstream of the leading edge. The resulting boundary layer parameters are also included in Table 1. Some variation
in the boundary layer with clearance is evident. As noted earlier, the clearance is varied by moving the tip wall outward
using spacers. A ramp is provided to -give a reasonably step-free transition between the fixed and moveable parts of the tip
wall. Nevertheless, the boundary layer is disturbed. This probably accounts for the variation in the boundary layer with
clearance. In any case, the boundary layer is seen to be quite thin compared with the gap heights.

3.2 Averaging Procedures and Experimental Uncertainty

Total pressure losses and other flow quantities need to be expressed in mass-averaged form. To-be comparable, the
values of quantities obtained at different planes must be averaged over the same mass flow rate, ideally over the same
streamitube. The spanwise extent of the streamtube is not important so long as it includes all of the fluid which experiences
loss. Bindon [131 integrated his downstream losses over an area one blade spacing in the pitchwise direction and 1/4 chord
in the spanwise direction. This area was observed to include the entire extent of the tip-leakage fluid. On the other hand,
Dishart & Moore [14] integrated over the full span of their cascade. While this assures that equal mass flows are considered
at upstream and downstream planes, it is then necessary to subtract the secondary losses- measured at the "hub" wall, to
isolate the tip-leakage losses.

In the present study, the flow quantities were averaged over the masz flow rate measured over one pitch and half the
span at the inlet to the cascade, this is referred to as the "reference mass flow rate", mR. The mass-averaged total-pressure
loss coefficient then takes the form:

I J Cp(Y,z)PVn dydzAz Ay

For downstream planes, Ay = S and Az = h/2 as for the inlet flow. Similar integrals are evaluated-to obtained average
values of other flow- quantities.

For the gap flow, the limits of integration are the dimensions of the gap. For this region, a- local mass-averaged loss
coefficient is also defined:

C cpV dz

0
C' = (2)

Po

; J PVn dz
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Cp.' was evaluated as a function of the chordwise position along the gap.

The mass flow rates measured over the downstream planes were found to be about 90 to 95 percent of the reference
mass flow rate. Therefore, the full extent of the inlet streamtube was not included in the downstream measurements. The
lower flow rate is mainly due to displacement of freestream fluid away from the tip wall, as a result of endwall boundary
layer growth and the development of the tip leakage vortex. The missing fluid can therefore reasonably be assumed to be
freestream fluid which experienced essentially no loss.

Since different reference mass flow rates are used in Bindon's, Dishart & Moore's and the present experiment, the
absolute values of the loss coefficients are not comparable. However, the relative magnitudes in different regions of the flow
can be compared, as was done in Section 1.0.

The uncertainty in individual probe measuremtnts was discussed in Section 2.2. The uncertainty in the mass averaged
quantities is more difficult to quantify. The total pressure distribution in the freestream at the cascade inlet has been found
to vary with time due to fouling of the screens in the settling chamber. The screens are cleaned regularly but some
variation in the inlet loss coefficient is inevitable dunng a particular series of measurements. The inlet flow was measured
at two widely separated times for 2 and 5.5 percent clearance. The losses quoted in Table 2 are the average values and the
individual values differed from them by less than ±0.01. Thus, the uncertainty in the inlet mass-averaged quantities is
estimated to be about ± 0.01. The varying inlet total pressure also affects the measurements at the downstream planes and
the seven-hole probe introduces additional uncertainty there. We estimate the uniertainty in the downstream mass-averaged
quantities to be at least ±0.03.

3.3 Inlet, Profile and Secondary Losses

Table 2 lists the mass-averaged loss coefficients measured at the inlet for each clearance. All losses are measured
relative to the total pressure on the centre line at the inlet. However, there are some regions in the freestream at the inlet
where the total pressure is slightly higher than on the centreline. As a result, the inlet "loss" coefficient turned out to be
positive for zero clearance for which the endwall boundary layer was quite thin. The inlet loss values are subtracted from
the downstream measurements to obtain the net losses across the blade row.

It is conventional to separate the tip-leakage losses from the secondary and profile Ic ,ses -which will also be present
in the flow downstream of the trailing edge. This is normally done by subtracting the losses measured for zero -clearance.
Such a subdivision is undoubtedly open to tnticism. There is clearly an interaction between the endwall boundary layer and
the tip leakage flow. Likewise, the effect of tip-leakage on the blade loading near the tip (eg. see Sjolander & Amrud, [2])
will alter the losses in the blade boundary layers on- that part of the blade. To allow the present data to be analyzed in
alternative ways, the results are presented in Table 2 both as measured as well as decomposed into the conventional
,omponents. The approach taken here has been to assume that both secondary and profile losses are constant with clearance.
Thus, the tip-Llearance loss coefficient at a given plane was obtained by subtracting the net loss coefficient obtained at the
same plane with zero clearance. This approach leads to some error since the secono., losses can be expected to vary with
the observed changes in the endwall boundary layer thickness. The magnitude of the effect can be estimated from
•,orrelations for the effect of inlet- boundary layei thickness on the secondary losses. For example, for the range boundary
layer thicknesses obtained here, Dunhain [16] suggested that the secondary loss would vary by a factor f(8 */c) = 0.0055 t
0.078 (*/c). This indicates that the secondary loss would vary by at most ± 15 percent over our range of inlet conditions.
In view of the uncertainties in both the losses and the boundary layer measurements, it seems reasonable assume a constant
secondary loss.

3.4 Clearance Gap Losses

Earlier in the present research program, flow visualization was conducted and flow field measurements were made
inside the-tip gap for several clearances [2-?]. The objectives wt. to clarify the physi,.s of the gap flow and to obtain
value§ of the gap mass flow rates. The total pressure losses were al dculated, for example, Figure 3 shows a contour
plot of -he loss coefficients obtained inside the gap for 2.8 percent c,. ., ce. The gap flow measurements were concentrated
on the blade meu.n line. Therefore, they do not include the losses which occur between the mean line and the gap outlet at
the pressure surface. However, a few measurements were also made at the gap distharge. These allowv the magnitudes of
the losses which were omitted to be estimated.

Figure 4 shows the local mass-averagtd loss coefficients obtained at the mean line and gap outlet for 2.8 percent
clearance. The results are typical of those obtained for the ot! clearances. Although the gap outlet results are rather
sparse, they clearly indicate that very little additional loss occ,,is between the mean line and the outlet. This is in-fact
consistenL with our physical understanding of the gap flow. As would be expected. separation bubbles were observed on the
blade tip at the pressure- surface comer. The size and strength of the bubbles vaned with chordwise position, as indicated in
the contour F--, #~op~ ju. v~U.. n U&Ck% In.a -fI Uf.' 103. C4Cf3SJLCIALVASL' lf.fk~ . )*~

in Figure 4. Both flow visualization and the probe measurements indicated that the bubbles reattached on the blade tip well
before the outlet of the gap. It seems likely that the gap losses occur mainly through the very high shear stresses in -the
flow at the gap inlet and through the mixing between the main gap flow and the relatively stagnant flow in the separation
bubbles. Once the bubbles reattach relatively little additional loss rmght be expected. This may largely account for -the
agreement between the mean-line and outlet losses shown on Figure 4. An additional factor is the effect of pitch
misalignment on the probe m~easurements. Sir,ce the separation bubbles were apparently beginning to reattach near the blade
mean line, the probe is likely to have been somewhat misaligned in pitch for some of the measurements made there. As
noted in Seion 2.2, the probe will indicate low total pressures and therefore higher losses under such conditions. The net
effet appears to be that measurements made on the mean line give a good estimate of the full losses inside the gap.
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Table 2 shows the gap losses averaged over both the local gap mass flow rate and over the semi-passage (reference)
mass flow rate. On a local basis, the losses aie seen to decrease with increasing clearance. This seems consistent with the
behaviour of the tip separation bubbles noted by Yaras et al. [3). For very small clearances the size of the bubble seems to
be limited by the constraining effect of the adjacent endwall. As the clearance increases, the bubble becomes larger both in
absolute terms and relative to the gap height. As the clearante increases further, the bubble seems to remain at its natural
size and therfore occupies a decreasing fraction of the gap height. The local losses would be expected to be a maximum
for the clearance at which the separation bubble occupies the largest fraction of the gap height. That point appears to octur
at about 2 percent clearance for the present flow.

The flow in the tip gap includes some fluid from the inlet endwall boundary layer. This fluid has already
experienced some loss which should not be charged to the clearance gap. Based on smoke and surface oil flow
visualization, Sjolander & Amrud [2 estimated that about 14 of the original endwal boundary fluid was driven through the
tip gap; the rest was driven across -the passage to form the passage vortex in the usual way. Data presented in the next
section suggests that-the fraction nay be larger. However, in the absence of better quantitative information and to allow for
this effect in a very crude way, one quarter of the inlet boundary loss was subtracted from the measured gap loss. The
result is taken as the "true" net loss within the gap.

3.5 Downstream and Fully Mixed-Out Losses

Figures 5 to 7 show the contours of total pressure loss obtained at the trailing edge plane for 0, 2 and 5.5 percent
clearance. It is seen from Figure 5 that although the secondary vortex is large it is fairly weak. This is probably due to the
relatively low turning of about 45 degrees for the present cascade.

It is- clear that over the range of clearances examined here, the passage outlet flow is dominated by the tip-leakage
vortex. A small passage vortex is just discernible at the endwall near mid passage. The remaining fluid from the inlet
endwall boundary therefore must be largely mixed with and inseparable from the tip-leakage fluid. Thus, subdividing the
flo,, into leakage and secondary components for purposes of correlating losses, as is usually done, does not foilow from any
natural subdivision within the present flow. It is probable that for very small clearances the endwall boundary layer will
;cparate ahead o" the leading edge to form the usual horseshoe vortex. Amrud [17] saw evidence of such a separation from
surface flow visualization in the present cascade at less than 1 percent clearance. However, for the present range of
clearances the tip leakage and secondary aspects of the flow are inseparable. It would be of considerable interest to know
whether the picture is different for a substantially thicker inlet boundary layer.

The development of the mass-averaged loss coefficients with downstream distance is shown in Figure 8. The inlet
losses have been subtracted to gixe the net losses across the blade row. The mixed-out values were calculated from the
measuremerts at Plane C2, the last traverse plane. The losses clearly grow substantially as the vortices mix with the
freestream flow oer the first couple of axial chord lengths downstream of the trailing edge. It will also be noted that for
1 5 and 2 percent clearance, the losses are greater than the secondary losses (zero clearance) by roughly a constant amount
over the first axial chord length. Thus, if the losses are subdivided into secondary and tip-leakage components, the
conclusion would be that the observed growth in losses with downstream distance occurs almost entirely in the secondary
component. Even allowing for the considerable uncertainty in the measurements, the loss increase seems to be concentrated
disproportionately in the secondary component. This is rather difficult to accept physically.

The apparent physical inconsistencies which arise from subdividing-the losses into secondary and tip-leakage
components prompted us to examine the flow in terms of the blade "end losses". The end losses are obtained by subtracting
the blade profile losses from the observed downstream losses. The physical picture which emerges is discussed with
reference Figures 9 and 10. The bar charts show the loss development for the two cases for which complete data sets are
available, namely 2 and 5.5 percent clearance. The lower section of the stacked bars shows the end losses measured at each
station. Like other workers (eg. Moore & Adhye, [18), Dishart & Moore, [14]), we have found it helpful to identify the
secondary kinetic energy present in the flow at each position. For the tip gap flow, the upper part of the bar shows the
mass-averaged kinetic energy corresponding to the velocity component normal to the blade chord line. For the downstream
planes, the secondary kine-c energy is contained in the components of velocity in the plane normal to the free stream
velocity.

Consider first the flow development between the gap and the trailing edge. Figures 9 and 10 show that the gap flow
discharges into the blade passage with a very large amount of kinetic energy. A considerable total pressure loss
subsequently occurs between the gap and the trailing-edge plane, particularly for the large clearance. However, the tncrease
in loss is much less -than the secondary kinetic energy available at the gap outlet. Some of the gap kinetic energy apparently
appears as the secondary kinetic energy in the tip-leakage vortex, but the remainder seems to have been largely recovered,
presumably as static pressure. The discharge from the gap clearly does not behave simply as a sudden expansion. The
orderly shear interaction between the gap- and the passage flow, leading to the roll-up of the tip vortex, evidently allows
much of the gap kinetic energy to be recovered.

For both cases, the total pressure loss roughly doubles from- the trailing edge to Planes Cl and C2, one axial chord
!rngth downstream. The loss- clearly can not be explained by the loss of secondary kinetic energy between the two planes.
Some of the loss is likely due to mixing out of non-uniformities in the streaniwise flow. However, the most important
reason for-the additional loss seems to be provided by the mixing calculations.

As seen from the final two bars, the calculated fully mixed-out losses increased considerably between planes B and C.
This was true for all cases examined, as shown in Table 2. We interpret the differences as evidence of an additional loss
mechanism which acts between the two -planes but which is not taken into account by the mixing calculation. The
calculation assumes that the flow mixes out at constant area ,, uniform static pressure and streamwise velocity and with no
remaining secondary velocity components. Thus, the mixing losses connected will all components of velocity are included.
At the upstream planes, the measured static pressure distributions are used. Therefore, all pressure forces acting on the
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control volume in the streamwise direction are likewise taken into account. However, although the control volume extends tr,
the endwall, the force due to the wall shear stress is not included in the momentum balance. The increase in mixed-out
losses suggests that the losses due to the endwall shear stresses are in fact considerable.

The difference between the calculated mixing losses at planes B and C is thus interpreted as the total pressure loss
due to the endwall shear stress between those two planes. It is seen from Figures 9 and 10 that when this los, is added to
the measured loss at plane B, it- accounts for the missing loss between the two planes. Furthermore, it is noticeable that the
magnitude of the wall loss is roughly proportional to the gap kinetic energy in each case. This seems physically reasonable
The tip-leakage vortex is erpected to increase the local wall shear stresses and therefore increase the entropy production on
the endwall. As the clearance is increased, the gap kinetic energy increases and the vortex becomes larger and stronger
Therefore, one would expect the wall loss to vary with the gap kinetic energy, or mass flow, as observed.

It is seen that growth of the end losses is largely complete one axial chord length downstream of the trailing edge
More interestingly, the losses observed at this plane agree well with the sum of the losses and the secondary kinetic energy
at the gap outlet. Thus, a good estimate of the final loss can evidently be obtained by assuming that all of the gap kinetic
energy is ultimately lost. This assumption has sometimes been used in the past but was applied to just the tip-leakage
component of the loss. The quantitative agreement could to some degree be fortuitous since, as noted, some of the gap
kinetic energy is in fact recovered and part of the final loss is apparently due to wall shear stress. On the other hand, the
greater the recovery of the gap energy, the stronger is the tip leakage vortex and the greater the loss production on the
endwall. The recovery could therefore be regarded as inherently temporary, leading to loss processes which assure that the
energy is ultimately dissipated. More data would be highly desirable to confirm this potentially useful result.

To demonstrate bnefly that the "end loss" rather than "tip-leakage loss" approach appears to produce the more
physically plausible and internally consistent results, the bar chart for the tip-leakage components at 2 percent clearance is
shown in Figure 11. Both the total pressure losses and secondary kinetit energies for zero clearance have been subtracted to
obtain the up-leakage components at each plane. As seen, the final tip-leakage loss does not match the gap outlet kinetic
energy very well. There is also the unexplained constancy of the loss between planes B and C. Somewhat different trends
occurred in the corresponding data for 5.5 percent clearance. The results for tip leakage are of course more sensitive to the
uncertainties in the measurements. However, it may simply be, as we believe, that this is not a very appropriate way to
look at the present data.

3.6 Significance of Gap Losses

As discussed in Section 1.0, earlier studies had been inconclusive about the relative importance of the loss within the
gap itself. For discussion purposes the gap losses will be compared with the losses measured one axial chord length
downstream. This is done on the basis that a designer will be most interested in the losses up the inlet of the following
blade row, which will be some distance downstream.

It is evident- from Figures 9 to 11 and Table 2 that the gap loss decreases in importance as the clearance -increases.
In terms of end losses, the gap loss varies from about -25 to 10 percent of the "final" (Plane C2) loss as the gap increases
from 2 to 5.5 percent. The corresponding figures are about 60 to 25 percent for the tip-leakage losses.

Figure 12 shows an alternative way of looking at the data. The discussion of Section 3.5 suggested that the losses
downstream of the gap vary with the dynamic pressure at the gap outlet and thus with the square of the gap mass flow rate
Figure 12 shows the variation of the non-gap end loss (that is, the end loss at Plane C2 minus the gap loss) with the gap
flow rate. The non-gap end loss is assumed to approach the normal secondary loss monotonically as the gap flow rate tends
to zero. The lower- curve shows the gap loss itself. As discussed in Section 3.4, the losses inside the gap rise with
decreasing clearance. However, since the gap mass flow is also decreasing, the loss coefficient based on the reference mass
flow is not expected to rise significantly and must eventually tend to zero as the gap flow does. Figure 12 indicates that at
small clearances the total end loss can be reduced primarily by reducing the loss within the gap. However, it is also clear
that the reduction in the total loss will be fairly modest. At larger clearances, the gap mass flow rate becomes dominant
Any modificauons to reduce the gap losses which also result in an increase in gap flow rate could easily produce a net
increase m losses. In summary, for the present cascade the direct losses within the gap appear to be relatively unimportant
for the complete range of clearances.

4.0 COMPARISON WITH CORRELATIONS

A number of correlations and simple prediction models for the tip-leakage losses have been proposed Some of the
more commonly-used ones are plotted on Figure 13 along with the values -measured for the present cascade. The
correlations and models are- seen to predict a- remarkably wide -range of losses for a given clearance. Ainley & Mathieson's
,1 crremtin a mees.-reasonably well with- the- present measurements. Dishart & Moore [14] also found that Ainley &

Mathieson's correlation agreed well with their measured value. However, in view of the apparently close connection between
the up-leakage and secondary losses, a more-relevant comparison is- with the combined (end) losses predicted by the model
or correlation.

Not all models provide a complete loss prediction system. Among those that do, Ainley & Mathieson's, with
modifications made by later authors, is probably the most widely used. Figure 14 shows the end losses (the sum of the
secondary and-tip-leakage losses) predicted by Ainley & Mathieson's and Dunham & Came's [19] methods together with the
measured values. As seen, the agreement- is no longer good for Ainley & Mathieson's method. Also, as noted previously
by Kacker & Okapuu [23], Dunham & Came's correlation svenis to over-estimate considerably the effects of tip leakage

Although the present comparisons are far from exhaustive, they indicate that there is considerable room for
improvement in the correlations and models.
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5.0 CONCLUSIONS

As with any specific case, the present flow may have fcatures which can not be generalized. It also lacks effects
which are present in the actual machine, including compressibility, high levels of freestream turbulence and relative motion at
the endwall. With these qualifications, the picture of tip leakage in axial turbines which emerges is briefly summarized.

For all clearances, the tip-leakage and secondary aspects of the flow were found t0 be essentially inseparable. It was
concluded that the losses in the tip region should be viewed as end losses, with secondary losses simply being the limiting
value as the clearance tends to zero. This point of view also led to a physically reasonable explanation for the development
of the losses.

The clearance flow was found to discharge from the gap with a large amount of kinetic energy normal to the gap
exit. However, the gap outlet did not act as a simple sudden expansion. Much of the gap kinetic energy was found to have
been recovered by the time the flow reached the trailing edge. The relatively orderly roll-up of the fluid into the tip leakage
vortex evidently allowed the recovery to take place. On the other hand, the recovery appeared to be temporary. The losses
increased substantially over the first axial chord length downstream of the trailing edge. At that point the loss generation
seemed to be largely complete. It was found that the end loss measured one axial chord length downstream agreed well
with the sum of the losses within the gap together with a loss equal to the kinetic energy in the flow at the gap outlet. The
gap energy seemed to be ultimately lost through two main mechanisms. The energy partly recovered as secondary kinetic
energy of the tip-leakage vortex was eventually lost as the vortex mixed with the surrounding freestream fluid. Secondly,
the presence of the tip leakage vortex seemed to lead to higher shear stresses and therefore higher entropy production at the
endwall. Based on indirect evidence, it was concluded that the loss production at the endwall was in fact substantial. The
loss within the tip gap itself was found to be reasonably small compared with the final loss.

Finally, we note that mixing calculations for endwall-bounded flows must apparently be used and interpreted with
considerable caution, For all of our cases, substantially higher "fully mixed-out" losses were obtained at one axial chord
length downstream compared with the trailing edge plane. As noted above, the difference was attributed loss production at
the endwall. We are not aware of previous observations of this effect or comments on its implications for the use of mixing
calculations.
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TABLE 1. TEST MATRIX AND INLET BOUNDARY LAYER CONDITIONS

CLEARANCE, t/c
0.0 0.015 0.020 0.028 0.055

LOCATION x/cx
GAP X X X

P
L B 1.03 X X X X
A CI 1.96 X X X X
N C2 2.01 X X X X
E
BOUNDARY LAYER PARAMETERS

T (mm) 0.0 3.8 5.1 7.1 13.7
8* (mm) 3.6 6.5 4.8 6.8 2.8
0 (mm) 2.8 5.0 3.4 4.2 2.0
8** (mm) 5.1 9.0 6.1 7.0 3.5
H 1.3 1.3 1.4 1.6 1.4

TABLE 2. MASS-AVERAGED FLOW QUANTITIES

CLEARANCE (t/c)

0.0 0.015 0.020 0.028 0.055

INLET FLOW

Cpo"(IN) 0.0067 -0.0787 -0.0355 -0.0455 -0.0196
GAP FLOW
mQ/mRf- - 0.073 0.083 0.161
Cpo' (for mGp) -0.805 -0.461 -0.230
Cpo"(for mp) -0.0584 -0.0382 -0.0370
CPo,(GA,.t/41o -0.0496 -0.0268 -0.0321
Cqn" 0.164 0.176 0.331
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TABLE 2. MASS-AVERAGED FLOW QUANTITIES (CONT.)

CLEARANCE (ti/c)
0.0 0.015 0.020 0.028 0.055

DOWNSTREAM FLOW

qOU/qIN 2.13 1.95 2.04 - 1.82
Cpo (PROFILE) -0.063 -0.050 -0.055 - -0.042
Cpoo"PN 13) -0.0365 -0.174 -.0.158 - -0.202
CPo7(PLANE CI) -0.137 -0.251 -0.261 - -0.392

Cp:3 (PLANE C2) -0.137 -0.256 -0.262 - -.0.410
Cqs""AE B) 0.0145 0.0301 0.0389 - 0.0889
Cq,:(PLANE co) 0.0053 0.0116 0.0127 - 0.0485
Cqs"(PLANEC2) 0.0055 0.0110 0.0118 - 0.0471

FULLY MIXED-OUT VALUES
Cpo"(PLANE B) -0.073 -0.241 -0.24 1 - -0.364
CP"(pLANE co) -0.152 -0.290 -0.307 - -0.490
Cp,"(PLANE C2) -0.150 -0.294 -0.307 - -0.507

IRAVEIM PLANES

INLET
TPA

0CHORD LENGTH. c 250 mm
BLADE THICKNESS. tmAx 24.6 mm

SAEBLADE SPAN, h 203 mmu
BLADE SPACING. S 150 nm
STAGGER ANGLE. y 37.2 ± 0.2 deg.
BLADE INLET ANGLE, 01 11.1 ± 0.2 deg.
BLADE OUTLET ANGLE 02 49.6 ± 0.2 deg.

FIGURE 1. CASCADE TEST SECTION FIGURE 2. SUMMARY OF CASCADE GEOMETRY.

-2.c LOCATION

0 MEAN LINE

ENDWAI±0 GAP OUTLET

CPO

- ~ 
-0. 5

lc> 
0.0-

-32 0.5.

BLACE FIP XIC 0.0 0.2 0.4 0.6 00 1.

FIGURE 3. LOSS COEFFICIENT DISTRIBUTION FIGURE 4. LOCAL MASS-AVERAGED LOSS
WITHIN THE TIP GAP (t/c =0.028). COEFFICIENT IN GAP (t/c = 0.028).
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FIGURE 5. TOTAL PRESSURE LOSS COEFFICIENTS AT TRAILING EDGE (PLANE B) FOR t/c =0.
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FIGURE 6. TOTAL PRESSURE LOSS COEFFICIENTS AT TRAILING EDGE (PLANE B) FOR tic 0.02.
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FIGURE 7. TOTAL PRESSURE LOSS COEFFICIENTS AT TRAILING EDGE (PLANE B) FOR -T/e 0.055.
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FIGURE 8. VARIATION OF NET TOTAL PRESSURE LOSS COEFFICIENTS WrITH DOWNSTREAM DISTANCE.
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FIGURE 9. DOWNSTREAM DEVELOPMENT OF END LOSSES AND SECONDARY KINETIC ENERGIES ('T/c =0.02).
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FIGURE 10. DOWNSTREAM DEVELOPMENT OF END LOSSES AND SECONDARY KINETIC ENERGIES (ti/c =0.055).
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FIGURE 11. DOWNSTREAM DEVELOPMENT OF TIP-LEAKAGE LOSSES AND SECONDARY KINETIC
ENERGIES (t/c = 0.02).
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FIGURE 14. COMPARISON WITH CORRELATIONS FOR END (SECONDARY PLUS TIP-LEAKAGE) LOSS COEFFICIENT.
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DISCUSSION

Mr. M.A. HOWARD, Rolls Royce, UK

Have you looked at including endwall friction forces in the
mixing calculation and if so could you quote average wall skin
friction coefficients.

Author's reply :

We have not tried to include the effects of endwall friction
in the mixing calculations. In principle, the control volume
used for the mixing calculations extends to infinity in the
downstream direction. It is thus difficult to see precisely how

the endwall effects could be incorporated.

A simple momentum balance between planes B and C indicates
that a rather high value of endwall skin friction coefficient is
needed to explain the observed increase in loss. It is for this
reason that the increase was attributed somewhat tentatively to
endwall effects. There may be contributions from other, as yet
unidentified, mechanisms. It seems clear from the results that
the increase in loss is directly related to the strength of the

streamwise vortex, whether secondary or tip clearance.
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COMPUTATIONAL PREDICTION AND MEASUREMENTS OF THE FLOW

IN AXIAL TURBINE CASCADES AND STAGES

Prof. Dr.-Ing. H.E. Gallus

K. Weskamp J. Zeschky

Institut fUr Strahlantriebe
und Turboarbeitsmaschinen

RWTH Aachen
Templergraben 55, 5100 Aachen

W.-Germany

Summary

A partially-parabolic program was developed to calculate the three-dimensional, viscous
flow through subsonic axial turbine guide vanes and rotor blades. To provide test cases
for the calculations, a detailed experimental study of the flow in an axial turbine
stage as well as in an axial-flow turbine cascade has been performed. The obtained
results and the comparison of the theoretical and experimental data are discussed in
this paper.

Nomenclature

b, axial blade chord w relative velocity in the
c velocity rotating system
h/H relative blade height x axial distance from
k turbulent kinetic energy blade leading edge
P static pressure a angle between the
PT total pressure flow direction- and the
PTo total pressure at cascade/stage inlet axial direction
SA non-orthogonal coordinates 8 rate of turbulent

dissipation
loss coefficient
R = (PTo-PT)/(PTo-P)

Introduction

The Navier-Stokes Equations describing subsonic flows form an elliptic system, where
the simultaneous solution for the entire flow field is essential. This is a very
extensive and computer-time consuming method and requires a big mainframe computer
memory. To reduce the processing time nonviscous solutions with boundary layer adap-
tions are often used, especially when during the design procedure of a turbomachine
several calculations are necessary. However, these methods cannot account for the
three-dimensional flow and loss mechanisms, whereas a profound knowledge of these
phenomena is required to achieve additional improvements of the efficiency of modern
turbomachines. This lead to the development of the partial-parabolic method. It is
capable of reproducing the three-dimensional, viscous effects, but requires consi-
derable less computer time and storage than fully elliptic methods /1,2,3/.

The partially-parabolic program passes through the flow field by use of a progressing
integration in the main stream direction, which covers the entire cross section of the
flow field and contains a pressure correction deducted from the continuity equation.
This limits the calculation -to flow cases, where no separation is encountered. The code
includes terms for the centrifugal- and Coriolis-forces and is therefore applicable for
stator and rotor flows. The numerical mesh is refined in the vicinity of the flow
channel surfaces to resolve end-wall and profile boundary layers.

Parallel to the theoretical investigations an experimental program has been worked -out,
which included detailed measurements in a subsonic axial-flow turbine cascade and
stage. The objective was to improve the understanding of the three-dimensional flow
mechanisms and to provide a benchmark data base -for the code verification.

This paper presents the progress in the development of the numerical program and the
comparison between computed and experimental data.

The partially-parabolic algorithm

Starting with a given distribution of the profile nodes and geometry of the end-walls,
the computational mesh is generated using a numerical transformation suggested by
Thames, Thompson and Hastin /4/.

The partially-parabolic algorithm involves iteration between a marching integration of
the conservation equations through the flow field and the solution of an elliptic
pressure correction equation. The outline of this procedure is illustrated in Fig. 1.
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The program requires a start approximation for the pressure field, which is derived
from an inviscid quasi-three-dimensional stream surface calculation. The flow proper-
ties at the inlet plane, including boundary layers, are obtained from measured data.
The equations of motion and energy are solved implicitly to determine the downstream
distributions of velocity and temperature. They do not necessarily satisfy the equation
of continuity. This is corrected in a first step, when the given pressure field is
improved by a global pressure correction. Subsequently, continuity defects are elimi-
nated by local pressure corrections at all volume elements by adding additional forces
to the equation of motion. This iterational procedure is continued until the velocity
differences converge to a prescribed accuracy. The calculation of the turbulent
viscosity distribution downstream follows, either with the mixing length hypothesis or

the k-s-model. The solutional approach is continued from plane to plane to the grid
exit. After the cycle through the computational mesh an elliptical pressure correction
follows. A simplified equation of motion is solved simultaneously for all volume
elements, taking into account the additional forces from the local pressure correc-
tions. The improved pressure field is the input for a renewed partially-parabolic
calculation. This cycle of solution is repeated until the pressure differences finally
converge to the prescribed accuracy.

Test Rig Description

The first part of the measurements was carried out in a rectangular cascade with
divergent end-walls /5/, the second part in a single stage axial turbine /6/. In the
cascade and in the turbine stator a two-dimensional profile described in /7/ was used,
in the turbine rotor a modified VKI-profile. The geometry data of cascade and turbine
are given in Fig. 2.

In the inlet and exit planes of cascade, stator and rotor the flow could be surveyed
with pneumatic five-hole probes, head diameter 2.6 mm. Close to the end-walls hot-wire
and pneumatic boundary layer probes were used. The probes were traversed radially from
hub to tip, within the limits of the specific probe geometry, and circumferentially
over two blade pitches. The uncertainty of the probe measurements was about + 1 percent
in velocity and + 0.5 degree in flow angle.

In both the cascade and the turbine stator one of the vanes was furnished with 25
static pressure orifices. These vanes could be traversed radially to measure the
pressure distribution with a fine radial resolution. The measurement of the static
pressure on the rotor blades presented some difficulties at the beginning, when a
commercial scanner was used. The main problems were leakage at the seal where the
pressure signal is transduced to the stationary system and uncertainties with the
position decoding. Therefore a special approach was made to construct a scanner, which
transformed the pressure signal to an electrical signal in the rotating system. Up to
60 pressure taps could be scanned and connected to a rotating transducer. Electrical
communication with the transducer was possible through a high-quality slip-ring
assembly, reliable position decoding was achieved with a light detector. Using ex-
changeable rotor blades with 6 pressure taps at the pressure side and 10 taps at the
suction side, it was thus possible to measure the pressure distribution in five radial
locations. The measurements could be reproduced with an accuracy of + 2 percent.

The flow in the cascade was investigated at four different geometries, varying the
aspect ratio from 2.5 to 3.5 and the inclination angle of the conical end-wall from 20
to 30 degrees. The data presented here refer to an aspect ratio of 2.5 and an end-wall
angle of 30 degrees. Here, the flow has the highest three-dimensional character.

The measurements in the turbine stage were performed with varying mass flow and shaft
speed. Only a selection of results at the design point of the stage is shown here.

Rectangular Cascade

The partially-parabolic method is developed for a rotationally symmetric flow, so that
the linear cascade is simulated by setting the hub radius to a very high value, in this
case 77 m. The computational mesh -for this case is depicted in Fig. 3, with 11 nodes in
pitchwise and 30 nodes in spanwise direction. At the end-walls a slip condition is
used, whereas the profile boundary layers were not resolved. It is necessary to
increase the distance between the axial planes at the leading edge. Otherwise the
h-.hoe vortex is reso-lved, and the d flow componentsa t.cd liCause
numerical instabilities. At the trailing edge a fine mesh is used to achieve a good
approximation of the strong pressure Gradients.

Fig. 4 shows the calculated and measured secondary flow vectors at cascade exit. The
passage vortices dominate the flow pattern at the end-walls, with a radial extension of
about 20 percent span. The vortices are produced by the action of the transverse
pressure gradient on the end-wall boundary layers. The flow field between them is
scarcely influenced. Computation and experiment show the same vortex systems, with good
agreement -concerning the size and orientation of the vortices.

The diagrams of pitch averaged velocities and flow angles, Fig. 5, elucidate the lower
acceleration and the slightly higher overturning at the conical end-wall. These effects
are calculated as well as measured. Comparing the computed and measured results, it has
to be taken into account, that the profile boundary layers were not resolved in the
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calculation. Because of the missing displacement thickness the computed mass-averaged
velocities are therefore smaller. The numerical program calculates slightly higher flow
angles than the experimental data. One reason for this is, that the flow at the outlet
of the rectangular cascade is ducted with an angle of 70 degrees. In the computation
the flow at the outlet is not ducted in circumferential direction, since the geometry
of the rectangular cascade is simulated as an annular cascade with a large radius.

Stator Flow

The second step in the development of the numerical program was the calculation of the
flow through an annular turbine stator vane. Fig. 6 shows the computational mesh, which
was refined in the end-wall regions and close to the profile surfaces to resolve the
shear layers (30 nodes pitchwise and spanwise). At the solid surfaces a slip condition
is used for the modelling of the boundary layers. However, the simultaneous computation
of profile and end-wall boundary layers was not successful at the present time, because
a strong interaction between the boundary layers on the suction side tip corner close
to the trailing edge lead to numerica3 instabilities. The results presented in this
chapter were obtained resolving the shear layers at the end-walls but not at the
profile surfaces.

As described above, the partially-parabolic program needs a pressure distribution for
the whole flow field as a start approximation. The pressure field is obtained using a
non-viscous stream surface calculation, which is not capable of modelling three-
dimensiona: viscous effects as the generation of secondary flows. This is illustrated
in Fig. 7, where the measured pressuxe distributions at the radial locations are
compared with the results from a viscous and a non-viscous calculation. There is a good
agreement between all results at midspan, but close to the end-walls, where a strong
cross-flow component is directed to the suction side, the non-viscous calculation
predicts lower pressures at the suction side than measurement and viscous calculation.
The partially-parabolic program, which in #udes end-wall boundary layers and the
generation of the passage vortices, shows ,A good agreement with the measurement even
close to the end-walls. The differences at the suction side close to the trailing edge
result from the numerical resolution of the prifile geometry. The program needs a sharp
trailing edge, since no additional lines can be implemented in the H-grid. Therefore,
the suction side contour of the profile is moved to the pressure side at the last 20
percent axial chord length. This leads to the calculation of slightly lower pressures
in this area, The radial gradient of the static pressure with lower pressure at the hub
due to the high circumferential component of the flow and the higher loading at the tip
of the stator vanea are reproduced by both numerical methods,

hi Fig. 8 a selection of measured results of the stator exit flow is presented as Iso-
Mach number and Iso-total pressure losses contours. This data were measured at an axial
location 20 percent of the axial chord behind the stator. The estimated 99 percent
thickness of the inlet boundary layer was 11.8 and 5.5 percent at tip respectively hub.
The distribution of the Mach number shows the higher velocities at the hub and at the
suction side margin of the wake area. Apart from this, the Iso-Mach number contours
resemble the total pressure losses contours very closely. Significant losses, respec-
tively small velocities, are detected only in the wake of the profile and in the corner
between suction side and tip. Two loss cores can be seen at 13 percent and 83 percent
span. Fig. 9 shows pictures of surface flow visualization using a white TiO 2-oil
mixture on the black stator vanes. The comparison with the pressure losses contours
shows, that the loss cores mark the extension of the areas at the trailing edge, where,
driven by the passage vortices, low momentum material from the end-wall shear layers is
washed onto the suction side of the profile. Thuz the loss cores represent accumu-
lations of low energy fluid on the suction side /8,9,101. The higher acceleration at
the hub amplifies this mechanism. This and the smaller inlet boundary layer lead to a
thinner outlet boundary layer at the hub than at the tip.

The pitchwise mass-averaged velocities and flow angles at stator exit are shown in Fig.
10. At the end-walls overturning is observed, with the corresponding underturning at
the inner side of the passage vortices. This effect is stronger at the tip, because of
the thicker inlet boundary layer at the casing. The velocity profiles show the higher
velocity at the hub, only very small gradients at the end-walls, especially at the hub,
and slight perturbations at the radial locations of the two loss cores. These effects
are reproduced by the calculation in a good quality. Some of the differences to the
experimentat data may he explained with thp niimerea-l difficplties near the corners to
resolve the profile boundary layers.

Rotor Flow

The terms describing the influence of the centrifugal and Coriolis-forces were imple-
mented in the numerical method to calculate the rotor flow. For preliminary calcu-
lations a grid with 30 nodes in pitchwise and 11 nodes in spanwise direction was used
(Fig. 11). At present time only test cases were solved to demonstrate the numerical
stability of the method.

The following data were computed for a test case, where the inlet velocity distribution
corresponds to the measured mass-averaged values of the stator exit flow. The pitch
angle was constant, corresponding to the measured midspan value.
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Fig. 12 presents the measured pressure distribution at three radial locations at the
rotor blade. The non-uniform stator exit flow and the different circumferential speed
across the spanwise direction cause a displacement of the stagnation point. Close to
the hub the low circumferential speed and the high stator outlet velocity move the

stagnation point to the pressure side. This causes a high acceleration at the leading
edge to the suction side, with no further acceleration downstream. Near the tip, the
stagnation point is moved to the suction side. Here the flow on the suction side is
accelerated up to a position of 60 percent axial chord. Because of the inlet condi-
tions, the calculated pressure distributions are only comparable at midspan. There are
differences at the leading edge, which is resolved as a triangle in the numerical mesh.
Otherwise the agreement is fairly good.

The calculation of the flow within the rotor passage and at the rotor exit is shown in
Fig. 13 and Fig. 14. A comparison with experimental data has not yet been made since
the uniform inlet pitch angle assumed for the first calculations does not describe the
real flow at the rotor inlet. Therefore, the discussion of the results can only extend
to whether the basic physical phenomena are reproduced. The plots of the secondary flow
vectors (Fig. 13) show the development of the two passage vortices, with increasing
intensity to the rotor exit plane. The suction side leg of the horse-shoe vortex is
visible at plane 10, but is covered by the passage vortex downstream. The pitchwise
averaged velocity profiles are presented in Pig. 14. The basic effect is the reversing
of the velocity gradient from high inlet velocities at the hub to high outlet velo-
cities at the tip due to the different circumferential speed across the spanwise
direction.

In the present work emphasis is given to the final implementation of the simultaneous
calculation of end-wall and profile boundary layers for stator and rotor flows. Subse-
quent to this, a detailed theoretical investigation of the rotor flow follows, which is
supported by the measurement of the instantaneous rotor flow. This includes the
application of three-dimensional hot-wire probes in the exit plane and the Laser-
Doppler-Anemometry within the rotor passage.

Conclusion

A partially-parabolic method for industrial use was developed for the calculation of
the flow in high turning subsonic turbine stators and rotors. Parallel to this,
detailed measurements at various points of operation have been carried out in a
rectangular cascade and a single-stage turbine to provide test cases for the calcu-
lation.

The comparison between calculation und measurement shows, that essential three-dimen-
sional effects can be described with the aid of the partially-parabolic program. This
includes the representation of end-wall boundary layers and the coupled generation of
secondary flows. Both, calculation and measurement, show the same vortex systems, and
the agreement of the pitch averaged flow at stator exit is fairly good. Further
improvement is to be expected, when the difficulties concerning the simultaneous
computation of profile- and end-wall boundary layers are removed.

The final goal of the work is the calculation of the rotor flow including tip clear-
ance, with the experimental verification of the program.
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Fig. 4i: Comparison of measured and calculated vortex systems downstream of the cascade
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SUMMARY

A numerical simulation of turbine rotor tip leakage flow has been
carried out taking into account tip coolant flow injection. The
numerical scheme is based on a Finite Element method for the
integration of the Navier-Stokes equations in the conservative
form using an explicit two-step Taylor-Galerkin algorithm. The
application of unstructured grids together with local refinement
strategies allows a detailed resolution of viscous flow phenomena
in the clearance gap. The analysis is performed for an HP turbine
blade with a tip groove without and with tip coolant flow in-
jection. The effect of varying clearance height and of wall motion
is also corsidered. Results on 2D-flow computations are presented
and discussed as regard to viscous flow effects and to the rela-
tive mass flow discharge in the tip clearance for the different
investigated configurations.

NOMENCLATURE

C mass matrix P density
lumped mass matrix ' stress tensor

F flux vector ' viscosity
h blade height 1 injection angle
N shape function 0 computational domain
P pressure
R residual Subscripts
t time c coolant flow
T temperature i number of nodal point
u,v components of velocity j number of direction (x,y,z)
U flow vector t total
y clearance height

Superscripts
n time level

1. INTRODUCTION

Analysis of overall performance of aerodynamically high-loaded axial turbine stages for
aeroengine applications shows that tip clearance losses represent between 25 and 35 per-
cent of the total stage loss and may even be higher in the case of small size engines Ill.
Though a lot of turbine testing and basic experimental work has been carried out in order
to identify the most significant parameters that characterise the tip clearance losses
and to analyse the complex flow phenomena associated with tip leakage, the full physical
understanding of the complex flow has not yet been achieved [2].

Therefore most of the experimental work in the past was limited to the development of
empirical correlations which relate the tip clearance losses to geometry or additionally
to geometry and flow parameters like profile drag coefficient and profile tip loading
[31, [4]. Empirical correlations of this type are widely used by engine manufacturers in
the turbine design process. Booth, who evaluated some of these proposed loss correlations
for different bhroudless axial turbine stages came up with the conclusion that none of
these more or less simple models will predict the correct loss trends [5].

The most known theoretical model available up to now is an efficiency loss model based on
the induced drag of a potential vortex and radial kinetic energy of the fluid in the
blade boundary layer developed by Lahshmirayana [6]. Since it is based on data of incom-
pressible compressor flow it turned nt not to be adequatc to piediet turbine leakage.
First attempts to describe the ti leakage flow by numerical simulation were made by
Wadia and Booth [7) and by Hah [8].

In recent years more powerful Euler- and Navier-Stokes codes became available which allow
a more detailed flow analysis, Therefore it seems reasonable to apply more advanced
methods to simulate the tip clearance flows and to include the derived models into the
design codes.

The present paper reports on a numerical simulation of turbine rotor tip leakage flow
with special emphasis on the effect of tip coolant air injection. A FEM based Navier-
Stokes code using unstructured grids with local refinement has been applied to analyse
the tip leakage flow. This numerical work is part of a comprehensive experimental and
theoretical research program which is carried out in order to get a more detailed physi-
cal understanding on the effects of cooling air ejection onto the turbine stage flow and
loss production.
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2. TIP LEAKAGE FLOW MODEL

2.1 BASIC LEAKAGE FLOW PHENOMENA

The tip leakage flow of a turbine rotor blade is mainly a pressure-driven phenomenon
caused by the pressure difference between the profile pressure and suction side in the
tip region. The shear forces due to viscous effects caused by the relative motion between
turbine rotor and outer casing wall and the shear forces at the blade tip directly ba-
lance the pressure forces. In the case of tip coolant flow injection the corresponding
momentum must be taken into account. Injection flow velocity and angle and furtheron the
coolant mass flow will be the governing parameters. for this additional momentum. The dif-
ferent directions in which the above mentioned forces act are responsible for the pro-
nounced threedimensional character of the leakage flow. From previous investigations it
is known that the tip leakage discharge flow behaves like a free jet that penetrates into
the main turbine flow. The subsequent mixing and turning by the main flow interfered by
secondary flow effects will cause the observed turning of the rotor exit flow in the
upper blade region. Based on this physical model a stepwise theoretical approach can be
made starting from the tip leakage flow simulation and coupling it to the turbine main
flow computation.

2.2 CONCEPT OF THE NUMERICAL APPROACH

The following analysis will be limited to the simulation of the tip clearance flow taking
into account tip coolant flow injection. The geometry and the aerothermodynamic con-
ditions are taken from a high-loaded turbine rotor blade of a midsize aeroengine HP-
turbine. The turbine blade is shroudless with a groove for coolant air ejection at the
tip. The coolant flow is fed by 9 radial bores. A view of the blade with the arrangement
of the coolant bores is shown in Fig. 1.

The threedimensional problem of this tip-leakage flow is reduced in this approach to a
viscous 2D-flow analysis by applying in a first step the well-known quasi-threedimen-
sional model of Lakshminarayana [6J. By this model the velocities and the directions of
the leakage flow in the gap along the tip profile can be determined as schematically
shown in Fig. 2. The distribution of circulation along the profile which is needed as an
input for Lakshminarayana's model can be calctlated by using the FEM-code of which a
more detailed description will be given later on. In this case the code is applied in
the non-viscous formulation.

In the following second step a 2D-Navier-Stokes approximation is carried out in order to
simulate the viscous tip leakage flow. The computational domain is hereby defined by the
sectional plane in the main flow direction, which is determined in the first step as in-
dicated in Fig. 2.

The numerical scheme is based on a Finite Element method for the integration of the
Euler- and Navier-Stokes equations in the conservative form using an explicit two-step
Taylor-Galerkin algorithm. The great flexibility of the FEM regarding the spatial discre-
tisation by applying unstructured grids with local mesh refinement makes this method very
suitable for a detailed analysis of viscous effects in tip leakage flows.

3. FINITE ELEMENT APPROXIMATION

3.1 GOVERNING EQUATIONS

The Navier-Stokes equations governing compressible flow can be written in conservative
form:

-4 =0
at ax) i

where

with (p F= puj + 8jp) F? = (
U= ppu J-P u1iP I

\pe I ujlpe+P) u/ +k

The summation convention is employed and the range of j depends upon the number of space
dimensions. Fj represents the inviscid Euler part of the flux-vector whereas the
viscous contributions are gathered in Fj . By input parameters the code can be forced to
work with the inviscid or viscous equation set. In case of the viscous option a fullapproximation of the Reynolds' stress tensor is calculated.

Assuming a Newtonian fluid the stress tensor is proportional to the rate of strain and
can be written using Stokes postulate as:

6xj ax, 3 ax, (2)
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Sutherland's viscosity equation, the equation of state and the Prandtl number are speci-
fied to close the system of equations.

3.2 DISCRETISATION

To obtain geometrical flexibility triangular Finite Elements with linear shape functions
Ni are used to subdivide the computational domain. The differential equation system (1)
can be expressed in a weighted residual formulation.

at _. +->1= (3)

Applying Gauss' divergence theorem inserting standard Finite Element approximations

U=Z5NUI F =N, F, (4)

with FI=F(Ui)

and replacing the time derivative by a type of Lax-Wendroff scheme yields

C tU -= 4 F1/2-aJd0 -Jr1/2 Nnj dr (5)

with AUn+i = Un+i - Un

where ni corresponds to the outward normal unit vector on the boundary of the domain and
C represents the standard Finite Element mass matrix defined as:

CJ=NNjdO (6)

For computational efficiency the integration of the fluxes in Eq. (6) is carried out in
a two-step scheme [91.

Firs stp U I/ P,.dD)= U"N dO *At FN dn
First step: t td2 t ax (7)

where Pe denotes a piecewise constant shape function.

With this equations Uen+1/ 2 can be computed for each element explicitly. Using these
values constant within each element the flux-vectors on the RHS of Eq. (5) are defined.

Using
Frt*/2= °Fj( e. (8)

constant with each element the flow vectors of equation (7) (second step) are defined.

To obtain finally the following global equation system all integrations are exactly per-
formed and the element matrices are assembled in an usual finite element way.

Due to the explicit formulation of the time step, stability of the scheme is bonded by
a local Courant number criterion which requires:

CFL Ah
1t uFA"2+a (9)

where a denotes the local speed of sound, and h is a representative element length, taken
as the minimum height in each tetrahedron. The CFL-number is limited by the numerical
scheme chosen. The transient scheme employing the iterative solution procedure, requires
a CFL-number of 0,5 whereas for the diagonalized system values ranging from 0.8 to 0.9
and in combination with the residual averaging approach from 1.2 to 1.3 are appropriated.

Convergence acceleration is realised by using local time stepping. Linearised character--
.. C relatiuri are usea for specifying inflow and outflow boundary conditions [10],
whereas in case of solid walls non-slip condition is implied [i1 . Further details re-
garding the numerical method are given in [12] and [13].

3.3 1ESH GENERATION

The mesh generator which has been developed very recently has the ability to generate
unstructured triangular meshes automatically starting from a given domain boundary [14].
In Fig. 3 the procedure of the mesh generation is schematically shown. Starting at the
smallest side of the domain boundary, triangles are generated by defining a new point
inside the domain so that the new element is nearly equilateral and does not cross any
given face. Before storing the new element it has to be decided whether there exists a
point in the already generated grid that should be used in lieu of the new point. The
new elements reduce the remaining domain which still has to be subdivided by the
described procedure until the computational domain is totally filled with triangles.
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The element side length can be taken from a background mesh, so that the local grid den-
sity can be varied. Information about local mesh stretching and its direction can also
be taken from the background mesh. Examples of two different types of local mesh refine-
ments with stretching and with a continiously increasing grid density prescribed by a
correspondent background mesh are shown in Fig. 4.

4. LEAKAGE FLOW SIMULATION

4.1 PARAMETER

From the analysis made by Booth et al. [15) it is known that the momentum balance in the
clearance gap and consequently the character of the boundary layer development of the
leakage flow is strongly influenced by the clearance height. Therefore the numerical
simulation was carried out for different relative tip .learance heights varying from
y/h = 1% to 3%. In order to analyse the effect of the tip groove on the leakage flow a
blade configuration with a filled-up groove was taken as a baseline. Thus 3 different
configurations: flat blade, blade with tip groove and blade with tip groove and coolant
flow injection were included into the study. Another important paramcter is the wall
motion. Therefore the two extreme cases with no wall motion and with an outer circum-
ferential speed of the rotor of u = 442 m/s were considered. The investigated configu-
rations and parameters are presented in Fig. 5.

4.2 COMPUTATIONAL GRID

The whole spectrum of the possibilities by applying the generation strategy for un-
structured grids with local refinement has been applied to the present problem. Fig. 6
shows the generated mesh for the blade tip of the groove configuration without coolant
flow ejection. In the inlet flow region at the pressure side the grid density was con-
tiniously increased whereas in the gap the grid was stretched in the flow direction as
can be seen from the enlargement in Pig. 6. The stretching is reasonable since the flow
gradients in the radial direction due to the shear stresses are greater than in the
flow direction. At the suction side the grid density becomes progressively coarse in the
main flow direction. In the region of the discharge jet and in the vicinity of the
casing wall the fine stretched grid was kept to allow for a sufficient resolution of
local viscous flow effects like separation and reattachement. Thus a limitation of com-
puting time and storage capacity could be achieved without loosing accuracy in flow
regimes with strong local flow gradients.

4.3 BOUNDARY CONDITIONS

The computation of the tip leakage flow is carried out in the relative system of the
moving blade. The no-slip boundary conditions are used as well at the blade tip as at
the casing wall. In the inlet plane the total temperature Tt, the total pressure Pt and
the flow angle 8 are specified. At that location it is assumed that the flow is uniform
in the main flow direction. The conditions at the outlet are given by the static pressure
at the blade tip suction side, which is obtained by the Euler-solution of the main flow
field of the turbine rotor. For the simulation of the clearance flow in the presence of
coolant flow injection the values of the total pressure, the total temperature and the
injection angle of the coolant flow have to be prescribed at the injection bore, The
computational domain with the boundary conditions is shown in Fig. 7.

5. ANALYSIS OF RESULTS

5.1 DEVELOPMENT OF BOUNDARY LAYERS

For the smallest relative clearance height of y/h = 0.01 the velocity profiles have a
parabolic shape in the case without rotor motion. The typical velocity vectors of the
tip clearance flow for the baseline (flat) blade configuration are shown in Fig. 8.
The Reynolds number which is based on the clearance height amounts to 2300 and therefore
the flow can be regarded as being fully laminar. With increasing relative clearance
height and growing Reynolds number a separate development of the boundary layers at the
casing wail and at the rotor tip can be observed. In the presence of a rotor motion the
velocity profiles in the gap are composed of a parabolic shape and of a triangular shape
due to the motion related shear stresses.

These general statements are also valid for the development of the boundary layers at
the tip clearance inlet of the blade configuration with a tip groove as can be seen from
the velocity vector Dlot in Fig. 9. But when the tip clearance flow enters the groove,
a separation takes place which leads to the development of an isolated vortex within the
groove. With increasing clearance height this vortex is growing and enhances the distur-
bance of the boundary layers in the clearance gap as can clearly be seen in Fig. 9,
where the velocity fields of the tip groove configuration are compared for two different
relative clearance heights. These two cases were considered without coolant flow injec-
tion, but with wall motion.

If coolant air is injected into the blade tip groove, two vortices are obtained within
the groove as shown in Fig. 10 where the velocity field, the Mach number distribution
and corresponding pressure field are plotted. In this case the relative clearance height
is y/h = 0.03.

Interesting flow phenomena can be detected by a detailed analysis of different tip clea-
rance flow regions. In Fig. 11 the enlarged views of the velocity field and of the Mach
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number distribution at the clearance inlet reveal that local separation takes place at
the blade wall. Another important result as regard to the physical understanding is ob-
tained by the analysis of the tip leakage discharge flow. The discharge flow shows the
typical behaviour of a free jet. In the discontinuity region which is limited by the
outer free jet boundary and by the wall boundary layer of the casing some stretched vor-
tices can be seen. The expansion of this vortices is obviously hindered whereas at the
inner je. boundary in the direction of the main flow region a fully developed vortex
flow is observed. Since in the present case the flow computation was limited to a 2D-
domain and did not include the interaction of tP jet flow with the rotor main flow, the
rolling up of the jet tc form the tip vortex cc not obtained.

5.2 DISCHARGE MASS FLOW

All configurations under investigation were eva .ed as regard to the tip clearance
discharge mass flow which can be regarded as a mtasure of the losses of the flow within
the tip clearance. First the influence of the tip geometry on the discharge mass flow
without coolant air injection was analysed. In Fig. 13 the relative tip leakage mass flow
is plotted versus the relative tip clearance height. The discharge mass flow of the flat
tip configuration without motion was taken as a reference value. The influence of wall
motion is included too. From these results it can be concluded that

- the relative discharge mass flow grows nearly linearly as the clearance
height increases,

- the different blade geometries - flat tip and tip with groove - have only
a slight influence on the amount of the leakage discharge mass flow at the
same conditions,

- the wall motion reduces the discharge mass flow of about 10 % for the
selected rotational case.

In Fig. 14 the relative tip leakage mass flow is plotted versus the relative clearance
height for the cases with tip coolant injection. There thq effect of wall motion causing
a reduction of the discharge mass flow is more pronounced. In consequence care should be
taken, if cascade meas"rements on tip discharge mass flow are applied to the design of
rotor blades with tip coolant injection. Finally it can be stated by comparison of the
3 configurations that in the presence of the wall motion the influence of the considered
geometries with and without coolant air injection Js only a minor one.

6. CONCLUSIONS

The results obtained in the first step of a comprehensive numerical study dedicated to
turbine rotor tip leakage flow phenomena indicates that the FEM Navier-Stokes code with
unstructured grids and local refinement turned out to be a powerful tool for resolving
local viscous effects. By detailed flow analysis of the boundary layer development in the
clearance gap a better physical understanding was achieved which will help in the later
evaluation of loss mechanisms associated with tip clearance flow. Furtheron the results
of the flow simulation show that the coolant flow injection turned out to have a minor
effect on the discharge mass flow. A pronounced influence of wall motion is observed for
the blade with coolant flow injection.
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Fig. ±:HP turbine blade with tip groove

Fig. 2: Tip clearance flow direction determined by
Lakshminarayanar s model
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Fig. 4: Local mesh ref~inement



23-9

Paa ee:RUel ati-vt- Trip Ci 4ea-race=- 1I-egkht~s

YI1- 0.01 ;0.02 ;0.03

Irifluenice of NVcal ?4oio
i- 0 rmris earid Lx - 442 mx%.s

Fig. 5: Tip geometries and parameter variations

PRESSURE
SIDE \SIDE
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Fig. 7: Computational domain and boundary conditions
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Fig. 8: Tip leakage f'low for the baseline flat blade
configuration without wall motion; ylh =0.01
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Fig. 9: Tip leakage flow without coolant injection and
with wall motion u = 442 m/s-; influence of the
relative clearance height
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Fig. 10: Tip leakage flow with coolant infletionf
and with wall motion; ylh =0.03



23-13

RELATIVE TIP CLEARANCE HEIGHT y/h 0.03
WITH WALL MOTION u 442 rn/s
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DISTRIBUTION OF MACH NUMBERS

Fig. 11: Detail of the tip clearance inlet flow;
flat configuration with wall motion
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Fig. 12: Detail of tip leakage disebarge flow;
with wall motion
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Detailed Heat Transfer Measurements .ia Nozzle Guide Vane Passages
f in Linear and Annular Cascades in the Presence of Secondary Flows

N. W. Harvey Z. Wang, P. T. Ireland and T. V. Jones
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P.O. Box 31 Department of Engineering Science
Derby DE2 8BJ Parks Road
United Kingdom Oxford OX1 3PJ
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Abstract

Two transient techniques are used to measure the heat transfcr coefficient distributions in nozzle guide vanes passages.
The first employs liquid crystal methods ;n a Cold Heat Transfer Tunnel and examines the flow in a two-dimensional
cascade The second uses localised thin film heat transfer gauges within an annular cascade at engine representative Mach
numbers and Reynolds numbers. The techniques are described and the resulting heat transfer coefficient distributons
are discussed and interpreted in terms of the secondary flows and vortex structures. Typical heat transfer distributions
are presented over the endwalls and blade surfaces. An analysis of the endwall heat transfer results is presented for the
annular cascade.

c specific heat capacity of model material 12 time for second calibrated colour display
h heat transfer coefficient X distance measured from geometric stagnation
k thermal conductivity of model material line along blade surface
n distance into the model material measured T(n, t) temperature

normal to the surface Tr,,tai calibrated liquid crystal colour display
p pressure surface length temperature

pO stagnation pressure TV& gas temperature
Rei,t inlet Reynolds number based on true chord Tiniflt temperature before flow initiation
s suction surface l.ngth a thermal diffusivity of model material
t time p density of model material
ii time for first calibrated colour display

Table A-i: Nomenclature for Part-A

Introduction

Heat transfer measurements have been made in two wind-tunnels using different transient techniques. A comparatively
new method which uses thermochromic liquid-crystal has been applied to a three blade linear cascade to demonstrate the
advantage of a full surface coverage measurement. The experimental technique is fully described in Part A and the heat
transfer results bri-fly discussed. A very comprehensive study of the endwall heat transfer distribution in an annular cascade
is then presented in Part B. These measurements are suppoted by-surface shear flow-visualisation. A novel method of
predicting the heat transfer levels from an inviscid computation coupled with an integral boundary layer analysis has been
developed and applied to the endwaLl.

Part-A Full surface heat transfer measurements using liquid crystals

A-1 Introduction
The experimental technique applied to the linear cascade was originally developed [11,71 as a means of measunng-heat
transfer coefficients within mcdels of complex cooling passages. The advantage of the method is that accurate maps-of heat
transfer coefficient (h) are readily generated over the entire surface of the region of interest. In flow doriams where-there
are high spatial gradients in h the problems of providing sufficient gauging to adequately- define the flow can be severe. A
three blade cascade was manufactured to demonstrate the sui' ability of the-technique to the measurement of blade external
heat loads. The preliminary low speed results have-been presented in [21].The subsequent work has improved the operation
of the wind-tunnel to expand the range of flow speeds over which measurements can be made. Heat transfer measurements
have been made over the-entire passage at engine representative Mach numbers.
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~'Tunnel Inlet,

Colour Crystal I Crystal 2

red 40.30C 35.4 0C
yellow 40'50C 35.7 0C
blue 40.70C 35.9 0C

Ti.ita 70.7 0C
T., 27.6 0C h" 7 Tempemture controller
Vf/a 569.0Wm-k-1 sec0 's  S -- e

Table A-2: Experimental temperatures and thermal product Figure A-i: Experimental facility

A-2 Experimental technique

The transient liquid crystal method is based on measuring the change in temperature of a model when subjected to a floo
at a different temperature. The surface temperature is obtained from monitoring the colour of a coating of liquid crystals
applied to the surface. The test section is initially at a uniform temperature and the surface temperature response is
monitored using thermochromic-liquid crystals. It can be shown [11,16,191-that under the test conditions, the conduction
of heat in a direction parallel to the surface has a negligible- effect on the surface temperature rise. The surface temperature
history is then governed by the one-dimensional transient conduction -equation.

O'T 1-OT
--- = _aT (1)

with the following- boundary and initial conditions

- k = h(T,. - T.=o) (2)
On n=o

- =0 (3)
On.=

T(n, 0) = T iiia (4)

The solution to-these equations for a constant -heat -transfer coefficient and-gas temperature can be written

Tcsfal - Tinita1 -- (5)
T - Tiniial - 1 c

From which it can be seen that, -provided T.,Tnaai and vp'c are known, a-knowledge of the surface -temperature
at a particular -time- after -gas -flow -initiation is sufficient to yie!d the heat transfer coefficient. Alternatively, 'he time
taken for any point- on -the surface to- reach a particular temperature can be used. This -approach permits- a simple sort
of surface thermometer to be-employed. Originally , 17,11,24,40,26; , -researchers applied a coating vhich melted- at an
accurately known temperature. More recent work-has utiLsed- thermochromic liquid -crystals to indicate either a series of
a single :sotherm. These substances scatter light-over a-range about a-preferred wavelength which varies as-a function- o
temperature. As-a- onsequence, they -appear to-change colour over-a-certain temperature range. A typical cample of a
chiral nematic, '1281, sort of-liquid- crystal supplied-by-BDH' appears red at 40.3°C and, as the-temperature is-increased,
passes- through:the-full visible spectrum over a-range of 0;5°C. (see Table-A-2)

The accuracy of the measurement is dependent on- a sufficiently rapid -crystal -response, and earlier tests 118,21 on the
-chiral neinatic type-of-liquid crystal employed showed that-the time response was-of the order of-milliseconds. The- tests
reported -here are all long enough-for-the-response of the-crystal to-be -considered instantaneous.

Although it is possible to establish the temperature t -any -point within the colour display band-by monitoring the
colour-of the coating, [9}, it -is more-accurate in practice, to- select a crystal which is-optically -active -over-a narrow range
of temperature and acquire -one-reading from a-single colour. !n situations -where more than -one- temperature is-required,
combinations-of different iouidcrvstal devices-havebeen employed [5.6t7.18-191. This nsixingis-p,,ssible-since tb e-crytas
are sipplied-as micro- capsules. The active-liquid crystalzis in the-form of tiny -spheres (10/prnmin diameter) encased in- a
protective shell of gelatin-and gum Prabic 132;. When applied-to-the- surface, -the-coating consists of a single-layer of capsules
containing-th, required -iquid crystal -material. The-capsules are fixed to-the surface with a glue wlich results in-a surAace
roughness which-L smar-U hnan-the capsule size. For-these-tests-the surface of the-coated-model can be considered-to be
-hydraulically smooth.

A- coating-which- consisted- of-two diffeient liquid- crystals -was -applied to the turbine passage. In this way -two-values of
heat- transfer coefficient-could be-calculated at .uany points on model. With a model initial- temperature of-70.7WC-the heat
transfer-coefficient-at ceitain- locations was-too low-for-the-surface-to cool to the colour- display temperature of 'Crystal 2'
(Table-A-2) -during-the test- time.

Under the test -conditions- the transient method -can be shown-to -be-equivalent -to -measuring heat transfer- coefficients
under -isothermal-wall conditions. The -thermal- boundary-condtions- of the transient technique have-been- considered -in-

'BDH LtdPoole,Dorset-BH12 4NNUK.
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Figure A-2: Pressure and temperature -throughout a typical test

j1,17,19,29jand the data presented-over the turbine cascade in the present report was confirmed as being measured-for-a
time invariant heat transfer coefficient from the agreement between the values calculated for the two crystal temperatures.

The experimental uncertainty is a function of the temperatures used in the test. Foe this work, the greatest experimental
uncertainty in the heat transfer data was-6.0%. The analysis used was-that given in Appendix 4-B of [191.

A-3 Experimental facility and test procedure

The experimental facility is shown in Figure A 1. During the expeximent dry air at atmospheric pressure is drawn through
the tunnel to an evacuated tank. Initially the cascade is isolated from the 28m3 tank by a shuttei valve. The heat transfer
analysis assumes that the test flow results in a step change-in h and hence it is essential that -the valve opens rapidly. '"h-
pneumatically -actuated- valve incorporates-a tapered shutter which is supported on- tracks by-roller bearings. Tests revealed
that the valve-opened in less than- 60milliseconds.

The-aerofoil profile has previously been studied by Watt-et aL. 141; and many of the-cascade details (Table A-3)-in
tnis-reference are-the same for the current tests. The perspex working section- was immersed in a water tank and heated
to about 70'C. Complete -temperature unifori.iity prior -to-the test was-ensured by continuously circulating the water.
Temperature controlled air was introduced into the -tuinel-just-dow, nstream of the turbine blades and-passed out -through
the-tunnel inlet. A digital-controller was used to set the power to an electrical- heater- in- order that-theair passing through
the -cascade -could be set t the same temperature as- the-water. A -temperature -controlled -guard-heater- was also installed
in the section -downstream of the blades. The hot air flow was maintained-through-the model up-until the time that the
shutter valve opens. In this way-an initial model temperature uniformity-of better than-U.2°C was provided.

During the test the air temperature was measured by a thermoutuple at the tunnel inlet and the static pressure recorded
both-at-inlet and downstream of-the blading. A-second throat at-the valve uncoupled the flow through the-cascade from
the steadily rising-pressure in the-tank. No heat- transfer data was analised once the flow at- the second throat became
uLchoked. This occurs-at 32-secs for the paLticular test-which-is detailed-in Figure A-2. The -heat- transfer coefficient was
calculated-from fiat plate correlations [34j-for the tunnel entry lkngth of 270mm. This-value was found to-to be within 10%

Blade- dimensions
Profile scale 1 :1
True chord length 69.0mm
Axial chord length 37.4mm
Pitch spacing 57Amm
Span 50.0mm
Suction surface-length 83.6mm
Pressure-surfacezlength 67.0mm
Entry-length 270.mm

Test parameters
Low-speed High speed

Inlet Mach number 0.06 -0.18
Beina 93000 250424
Calculated -boundary layer-thickness 8.0mm 6.33ram

Table A-3: Cascade Details

of the -measured-heat transfer coefficient.

A-4 Discussion-of results

TL.e aim of ihis work was to demonstrate that a-new transient- technique- could Le-apphed to the -measureient of heat
transfer coefficients in a-turbine cascade. A comprehensive study of the flow field was not- undertaken-but it should be-noted
tiat the-technique, as a matter-of -course, generates complete contours. In other -wordu, the data presented in Figures A 3
to A-6-have nut -been -numerically -smoothed. This ensures-that quite subtle features in-the contours-are preserved.

A -particularly interesting-feature is-eviden'. on the-endwall at -both flow speeds adjacent-to-the blade leadir.g-edge.' he
eAdwall contours in Figures A-3-and -Figure A-4 -reveal the expected- peak-in h near to-the -blade-leading edge. As the
incident boundary-layer -approaches-the-blade-it-is subject- to an adverse pressure gradient and the l.-w 'rolls up' to form a
vortex. Withinthiis part of the separation system, heat transfer to the cndwall is-found to be highest at-the flow attachment
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Figure A-3: -Figure-A-4:

Heat transfer coefficient (Wm-2 K -1 ) distributions on the endwall. The geometric stagnation point is indicated- (S) and
the feature marked-Z is referred-to in-the text. The-marks around-the blades are at intervals -of ten-percent of the-blade
lengths on each side. The flow direction -is from left to right.

point. For a symmetrical obstacle- such -as a cylinder, this point will be-on the-line of-symmetry, and for the turbine-blade
will -be close to -the -geometrical-stagnation point. Levels of- heat- transfer coefficient on-the-endwall then- decrease as one
moves away-from the obstacle and hence-the attachment point. However, at a- certain distance from the cylinder, this
monotonic decrease is arrested, and-a second peak in h is observed- [17,19].The endwall contours as they pass-through this
region-are then folded back and-are ' shapedas marked in Figures A-3 and A-4. This effect was first observed-using

the same transient -technique under- the -vortex structure at-the -front-of- pedestals used in cooling -passages (17,19]. The
separation-which forms-at the junction-between the pedestal and the cooling passage wall is-strongly related -to-that ahead
of -the- turbine- blade. Much-flow visualisation work for-the-pedestal established this peak-as- being at the attachment line
of a second-vortex ahead- of-the horseshoe-vortex.

Flow-field studies by-other -workers t38,221zhave also succeeded in classifying the vortex system as being comprised of
two main vortices-( the- 'horseshoe' vortex adjacent-to the obstacle, and the 'separation' vortex- upstream). In-fact a-small
counter vutex)r; m ;dt t bheen- -the- Awo thoughits -influence- on -heat transfer appears to be insignificant. The first
association- of -the heat-transfer distribution -to the double-main vortex- structure is given-in 1191. The same phenomenon
around turbine blades has-also been observed using a steady state heated coating-method 114] and the mass transfer analogy
method!131.

Clearly -flow-visualisation would-be required for-a-full discussion of-the features-observed-though itisthought likely-that
the pressure side leg of the-horseshoe vortex remains-close to the-blade, and that the attachment line -under this vortex is
responsible-for-the bend-in the-contours on-the endwall-adjacent- to- this surface. Over the-pressure zdrface of the blade, the
levels-of h-are lower towards- the- endwall. This-tendency of the-horseshoe vortex to reduce heat -transfer to-the obstacle,
in this casethe blade, near to-thejunction with the-endwall has-been- observed previously over a pedestal placed in-fully
developed -channel flow [1,17]. It was found -that- this -phenomenon was dependent on--the thermal-boundary layer in -the
incident-flow. The-former study- showed that, when the heat-transfer was only to-the-obstacle itself, -the vortex system-acted
to increase-heat transfer in- the vicinity -of thejunction. These thermal boundary conditions were achieved by -wrapping Z
an-insulated perspex-cylinder with- an electrical -heater- but-supplying no heatz-at the -windtunnel- endwall. Comparison was
made to the-results of tests using-the transient -method-applied to an identically dimensioned cylinder in the same flow
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Figure A-5: Suction- surface Figure A-6: Pressure surface

Contours of heat transfer coefficieni(Wm- 2K - ') on the blade surface. The flow direction is-from right to left.

field. In this case, both thermal and hydrodynamic boundary layers were present in the flow just upstream of the pedestal.
Around the front of the pedestal, it was found-that the major influence of the vortex system was to reduce heat transfer
levels from the mid span values- close to the cylinder extremitie.

The endwall heat transfer distribution at both inlet Mach numbers also indicate that, under he influence of the cross
passage pressure gradient, the outer separation vortex- traverses the passage and comes close to the suction surface of the
blade at-between 35% and 40% of the suction surface length. Inspection of-the suction surface contours-for the low Mach
number data, Figure A-5, then reveals evidence of three dimensional effects from about this- position. Interestingly, the
levels of heat transfer coefficient are, up until about the 60% line, increased from the mid-span values. This is thought to be
due -o an attachment line between the counter rotating vortices ( specifically, the suction surface side leg of the horseshoe
vortex, and the pressure side separation vortex which has crossed-the passage). As discussed above, if-only one vortex- is
dose to the blade, as is the case on the pressure surface, then no such attachment occurs, and heat transfer levels are not
necessarily-increased-depending on the presence or not of the thermal boundary layer. Beyond 60%, for the low Mach
number results, a rise in-heat transfer-for -flow -remote from the vortex system and away from the-endwalls, identified as
transition, masks the -influence -of this line.

Amongst-the highest levels of-heat- transfer to the endwall -are those recorded behind the aerofoil-in the -wake region.
This-was the case even-for thelow-speed data-which was entirely subsonic and hence -this-enhancement is not associated
with any -compressible flow phenomena. One method -of confirming- the validity of the -steady heat transfer coefficient- is
to calculate the ratio-of-the colour change times k on the surface of the model. It can be shown[21] that this-ratio shold
be uniform over-the surface provided -that-the driving gas-temperature and intial-temperature-are-uniform. The two event
times-and-their ratio are plotted-in Figure A-7 for the suction surface in a region of supersonic flow.

A-5 Conclusions

This work has demonstrated that a novel method of measuring heat transfer coefficient can be applied successfully to
turbine-cascades. The advantages ofa -full surface -measurement- has been demonstrated- by the-detail- of-the-contours of
heat-transfer coefficient presented.
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Figure A-7: t1_and1 2 on-the suction-surface for an inlet Mach-number-of 1.8

Parl;-B Mleasurements in an annular cascade

B-1 Introduction

Local heat transfer measurements-have been made on an HP N'GV in annular cascade-at engine representative Reynolds
numbers and-Mach-numbers using-the-thin film gauge technique described by Schultz et-at. [35,37]. The technique is-briefly
reviewed- and the-measured-hub end wall -heat -transfer is presented. A new analysis method is -introduced,-together with
flow visualization results-for the vane. The heat transfer-patterns-are discussed in-the-light of these-results.

B-2 Experimental technique

Thin film gauges are-painted onto-machineable glass ceramic (Corning-macor) blades. The-working-section-is-initially at
ambient-temperature and-is subject-to-a step in- convective-heating when the tunnel is operated, and-the gauges measure
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Figure B-1: Schematic diagram of ILPC facility Figure B-2: General assembly of working section

c true chord III, gas temperature
ca axial chord Tu turbulence intensity
cP specific heat capacity of air T.11 wall- temperature
h heat transfer coefficient (u,v, w) velocity components in the
k thermal conductivity of air streamwise co-ordinate system

Ma Mach number (u,,u,,u#) velocity components in
Nu Nusselt number = T cylindrical polar co-ordinates
n distance normal to surface V voltage
s stream-wise co-ordinate z axial distance

(s,f6, n) co-ordinate system-aligned with stream lines (z, r, 0) cylindrical polar co-ordinates
Re Reynolds number a thermal diffusivity of substrate
r radial distance from the z axis f distance-normal to s and n

rb true local body radius $99 boundary layer thickness
r,,, equivalent body radius 0 angle from the vertical
RC time constant g dynamic viscosity of air
T temperature p air density
It time

Table B-i: Nomenclature for Part-B.

the surface temperature response. Making the same assumptions-as for the liquid-crystals the surface temperature history
is again governed by the one dimensional transient conduction equation.

O8T I OT (6)

The surface temperature is converted to heat transfer rate by an electrical analogue of the conduction process. The variation
of voltage with time and distance along an R-C transmission line is given by

= RC- 
(7)at

which is analogous to the -transient conduction equation. Provided the transmission line is long enough, compared with
the flow duration, for it to appear semi-infinite then there is a direct analogue between the input voltage and surface

temperature on one hand and input current-and -rrface heat-ransfcr rate ou the other. The theory is given more fully in

B-3 Experimental facility and test procedure
The NGV cascade was tested in-the lsentropic Light Piston Facility (ILPC) at the Royal Aerospace Estabiishment(Pyestock).
The -IXPC is-described-full3 by Brooks-et al. in [3]. A schematic diagram is included -as Figure B-1. The theory of this
fcifity is described by Jones et al. in 1231. Briefly, the -ILPO is a transient -facility which provide., a means of generating
A short-duration steady flow-through the working section for up ;o one second-at engine-representative Mach numbers,
Zleynolds -numbers and gas-to-wall temperature ratios. A new working section was made for thete tests, shown in Fig-
ure B-2. As- can be seen the NGV was tested with- ar, inlet contraction representative of the engine .ombustor exit nozzle.
A pneumatically actuat6d- plug valve separated -the working section from the piston tube. This -opened in under 50mS
to-llow the air in the-pistoa-lubc (compressed-by the-high-pressure air-driving the piston) througi the working section,
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Figure B-3- Detail of thin film gauges on hub end wall Figure B-4; Location of hub end wall thin film gauge centres

Figure B-5: Front-view of hub end wall-flow visualization Figure B-6: Rear view of hub end wall flow visualization

Test Conditions (mid-height)
Blade dimensions (mid-height) Exit Ma 0.884

Scale 1 :1 Exit Re (trute chord) 2.57 x 106
True chord length 70.1 mm Initial TO/TW 1.29
Axial chord length 37.5 mm Hlub inlet 699 2.7% span
Span (at trailing edge) 37.4 mm Casing inlet 59t, 2.3%-span
Span (at contraction inlet) 120.0 mm Inlet Tt, (leading edge) 6.3%

Table B-2: Test Details

once it had reached the required temperature-and pressure, Pressure oscillations in the flow due t~o finite piston mass and
sudden expansion into the working- section volume-were within 6% of the mean tutal pressure. The test conditions for the
results reported here-are given in Table B-2. At three positions around the-annulus sets of four vanes were hield in cassettes
which-allowed instrumented vanes to be removed and fitted without the need for de-rigging. Details of the instrumented
niachineable glass vanes with-hub end wall thin films are shown in Figures B-3 and B-4.

Upstream of-the inlet contraction the boundary layer was bled off through perforated walls in the parallel duct. The
turbulonce was gener'ated using radial bars-positioned at the start of the- contraction, where the boundary layer into the
vanes was assumed to begin. Boundary layer thicknesses were measured using pitot traverses one axial chord upstream of
the vanes. The inlet temperature was measured using fast response thermocouples and the inlet turbulence intensity using
a constant temperature hot wire anemometer.

B-4 Experimental results

B-4,a Flow visualization

To aid the interpretation of the results e number of flow -isualization techniques were used. The results of a two colour
fluorescent dye technique are presented in Figures-B-S and B-6. The vane aerofoils and platforms downstream of the leading
edge were painted with one fluorescent dye in a silicon oil and paraffin suspension (which shows darker in the figures).
Upstream of the vane leading edge the platforms are p~ainted in another dye (which shows lighter in the figures). The
penetration of the second dye-into the passage during the run clearly highlights the passage secondary flows. Drawing on
the excellent review of secondary flows by Sieverding [39) (and the work of- the researchers contained in his review) the
interpretation of-these results is as-follows. As-the inlet boundary layer approaclies-tle vane leading edge it experiences
an adverse pressure gradient and is 'rolled up' into the leading edge horseshoe vortex resulting in a small region of reverse
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pattern from 3-D calculation pattern-from flow visualization

flow Away from the leading edge, as the boundary layer enters the passage the low momentum fluid is overturned by the
cross-passage pressure gradient and is swept toward the adjacent suction surface. A clear separation line is visible marking
the limit of the penetration of the bottom of the inlet boundary into the passage. It is assumed that the pressure surface
leg of the horseshoe vortex is also swept across the passage, remaining just downstream of the separation line. The suction
surface side leg of the horseshoe vortex remains close to the aerofoil and is quickly swept up onto the vane surface. In
Figure B-6 a line can be seen on the rear of the aerofoil. The fluid in the overturned boundary layer is swept off the end
wall and up the blade until it can no longer overcome the radial pressure gradient whereupon it separates off the surface
from this line, feeding the passage vortex. Dye is entrained along this line, perhaps helped by the preseh~ce of the suction
surface leg of the horseshoe vortex which remains- close to the aerofoil surface - but the evidence is not conclusive. The
dye travels to the trailing edge where the downwash in the wake carries it back onto the hub platform, clearly showing
how the wake impinges on the end wall. Downstream of the separation line a-new boundary layer-forms in the pressure
surface end wall corner region. As this boundary layer grows and loses-momentum it too is swept across the platform by
the cross-passage pressure gradient.

B-4.b Hub platform heat transfer

Figure B-9 shows contours of Nu derived from the measured local heat transfer rates. The contours are interpolated from
the-data using a quadratic surface fitting- routine. This necessarily involves some smoothing of the data-and provides less
resolution than the full coverage obtained from liquid crystals. The results presented are a composite picture averaged from
a numberof runs with an overall uncertainty of 5%. The heat transfer patterns are similar to those observed by Georgiou
et al. [121 in a linear cascade. High heat transfer can be seen around the leading edge, as with the liquid crystals, but the
thin films have not resolved any other features in this region, in particular low heat transfer at the separation line in front
of the horseshoe vortex. There is a characteristic V shape in the contours at the inlet with a region of low heat transfer
intruding into the passage. After this the heat transfer increases in the passage up to the throat, as would be expected in
accelerating flow. A plateau of high heat transfer around-the pressure surface trailing edge falls away markedly toward the
suction surface endwall corner. To help interpret these results, which are not readily explicable in terms of the observed
secondary flows, a new analysis method was developed to calculate the measured Nu.

B-5 Analysis method and results

Dejarnette et al. [10] in a review of approximate heat transfer analyses described the application of the 'axisymmetric
analogue' developed-by Cooke [8]. Making the assumptioai that along an endwall streamline the cross flow in the boundary
layer is negligible (that is, skew- through the boundary-layer is ignored)- the general 3-D boundary layer equations can be
reduced to a-form identical to those for axisymmetric flow. Provided that the streamlines-can be predicted the method
allows the heat transfer to be calculated along them and a picture of the surface heat transfer to be built up. Using a
streamwise oriented co-ordinate system (s, b, n) -and making the usual boundary layer assumptions the momentum, energy
and continuity equations reduce to

/u Ou1  a Ou\(8p(L+ i W) = P1Ut"" + Ts- ,) (8)

PcPUE+WL) = +p)+ U (9)

- 0(prmu) + -(pw) = 0 (10)
r,,, as an

Here the subscript 1 refers to free stream conditions. The variable r. is an-equivalent body radius derived from the
true local body radius rb modified to-allow-for iateral convergence (or divergence) of the streamlines. In a cylindrical polar
co-ordinate system (z,r, ),-best suited for an axisymmetric end wall, r is given by

r m r - ( ar- ( 1 1 )
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where 0q/0/3 is given by numerically integrating the equation

a [i (__ ',9-L Q '-!9) (12)

along -a streamline using the-local flow-conditions. Fir-heat transfer on -an end-wall-the dominant secondary flow arises
from the vorticity in the inlet boundary layer. Since-die convection of this iult vorticity through the passage-is an inviscid
process, it was proposed to model the rolling up of tile inlet boundary layer using the DENTON 3-D inviscid Euler
solver with the measured inlet boundary layer as input to the calculations. The calculated- streamline pattern is shown
in Figure B-7, together with streamlines derived from the flow visualization in Figure B 8. The separation-lines and the
streamlines downstream of them match well. Upstream of the separation-line the-calculation suggests, unrealistically, that
the streamlines will converge at the point of -imninimum pressure on- the platform. The flow -conditions -calculated by the
3-D code were- used together with Ambrok's-simple integral method [271 and the axisymmetric analogue -to derive the
heat transfer values, assuming fully turbulent -boundary layers everywhere. Figure-B-10 shows the Nu patterns calculated
without the axisymmetric analogue and-FigureB-11 the Nu patterns with the effect of the streamline convergence included.
The failure-of -the-3-D code to correctly calculate the streamlines for-the inlet- boundary -layer results in an obvious-region
of low heat transle. when the streamline -convergence is taken into account. Behind the -separation line a new boundary
layer is assumcd to start in the pressure surface end wall corner. In this region, where the streamlines are largely parallel,
the calculation -gives good agreement with the measured results. Using the observed end wall flow pattern-the heat transfer
was recalculated along the two streamlines A and B, shown in Figure B-8. The results of this are shown in Figures B-13
and Figure B14. As can be seen, if the streamlines are known, the heat- transfer can be -calculated -to within 15% of the
measured values.

B-6 Discussion of results

Figure B-12 shows -the observed end wall streamlines overlaid on -the measured heat transfer ,ontours. Using this and the
analysis already- described we can now interpret- the- measured-results.

1. The separation line-clearly correlates with -the- top -edge-of the-V-shaped region-at the inlet-and-the edge ofthe plateau
of -high- heat -transfer-near the pressure surface-trailing edge.

2. The-high-heat transfer at- the -leading- edge is-atthe attachment point-of the-horseshoe vortex.

3. Upstreamrof-the separation-line the-inlet boundary-layer is swept across the-passage. As it does-so the streamlines
converge-and the boundary layerthickens, offsetting to -some extent-the effect of-the flow -acceleration in-the passage.
This gives rise the V-shaped-region of-relatively low heat -transfer.

4. As- the-overturned -boundary layer approaches- the- aerofoil suction-surface, the effect- of -the streamline -convergence
-outweighs -that- of the flow acceleration and-the heat-transfer begins -to drop.

5. Behind the separation line the pressure surface side leg of the horseshoe vortex enhances the heat- transfer -while near
still- near -the leading edge. As-the vortex-moves downstream-it is-stretched-so- that its-effect- quickly- becomes -too
small to-be -resolved -by- the-thin -films. A new-boundary layer forms in-the pressure surface-end wall corner and-is
swept-across -the passage. As- boundary -layer initiation-occurs-along- the -blade at-the higher flow velocities the heat
transfer increases. The-highest velocities-near the-pressure surface are-at -the trailing- edge causing the region-of high
heat transfer here. Generally -the heat- transfer downstream oUthe separation line-can simply -be explained-in terms
of -boundary layer growth in-a-favourable-pressure gradient.

6. The region of-high-heat-transf.r near the-pressure surface-trailing edge-drops off markedly -toward the -adjacent suction
surface. In the-suction surface end wall corner-the inlet -boundary- layer is now being-xolled up-into-the passage vortex.
This vortex is-held-tightly into-the wall-by-the inwardly- acting-radial pressure-gradient. This-core of-cold fluid-above
the end wall-boundarylayer reduces the heat transfer-in-the corner.

7. Downstream of the -passage the new end wall boundary layer-continues growing, enhanced by aslight diffusion of the
flow, with-a corresponding droprin-the heat-transfer.

B-7 Conclusions

1. Detailed heat transfer measurements -have been-made using-thin film- gauges-on the platform of -an annular NGV
with- engine representative geometry and-flow-conditions. The coverage of films obtained-probably represents-the
practical limit on what can be-achieved-using-the thin-film -technique.

2. A-novel-mchod-for-the calculation of end-wall heat- transfer -has been demonstrated, provided-that-the streamline
pattern-can-be calculated.

3. The measured-heat transfer patterns-can-be interpreted -in-terms of the secondary-flow features in the- passage.
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DISCUSSION

Langston, USA

The double horseshoe vortex model you propose is an interesting one.
However, to my knowledge, we haven't seen such a structure in direct flow
field measurements, made in inlet guide vane passages such as yours. (For

example, see Marchal & Sieverding (1977], AGARD or Yamamoto [1987], ASME.)
Did you make any direct flow field measurements to support your double
vortex model?

Author's Reply:

In neither facility (Linear or Annular Cascade) were flow field
measurements made in the passage with (for instance) a live wire probe.
Therefore, there are no such measurements to support the double vortex
structure which is derived here from the endwall heat transfer contours of
the linear cascade.

Hennecke, Germany

How did you measure the heat transfer coefficient distribution on the
blade surface (Fig A-5 and A-6)?

Author's Reply:

The heat transfer coefficient distribution on the blade surface was
measured using the liquid crystal technique, in exactly the same manner as
it was used on the endwalls. The perspex working section enables the
progress of the liquid crystal colour changes line to be viewed on- all
surfaces of the working section.

.11- 777-------------------;-~--- ------------ - -
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Effects of Secondary Flow on Heat Transfer in Rotating Passages

Joan G. Moore and John Moore

Mechanical Engineering Department
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ABSTRACT

Secondary flow in rotating cooling passages of jet engine turbine rotors is considered. A Navier-

Stokes calculation procedure for turbulent flow is used to compute flow development in a radially outward
flow channel, round a sharp 180 degree bend, and in the radially inward flow channel downstream. Areas of
high and low heat transfer are explained by secondary flow development and quantitative results show re-
gions of design interest.

NOMENCLATURE

A area, Eqs. 27 and 28 U mean velocity

A dimensionless distance through the u relative velocity vector
channel, Fig. 9 W magnitude of the relative velocity

cf skin friction coefficient xjyjz cartesian coordinates

c p specific heat capacity "y" distance to the nearest wall

d width of square channel Y ratio of specific heat capacities, c p/cv

h heat transfer coefficient, Eq. 1 63 Pt3/(Pt,ref - 101325 Pa)

H rothalpy, Eq. 12 03 Tt3L(Tt,ref - 288.15 K)

k thermal conductivity of air A friction coefficient, Eq. 28

L mixing length P effective viscosity

H Mach number p density

turbine mass flow rate dimensionless tetbperature, Eq. 13

mc coolant mass flow rate W rotation rate vector

n coordinate normal to the wall

N rotational speed Overbar

Nu Nusselt Pamber, Eqs. 1, 27 and 31 - average

p static pressure mass average

Pt total pressure

Pr Prandtl number, Eq. 6 Subscript

r radius b turbine blaie surface

r position vector g mean, cooling air

R gas constant i cooling channel inlet, Section A-A

Ra Rayleigh number, Eq. 4 N turbine nozzle exit

Re Reynolds number, Eq. 2 o no rotation

Ro Rossby number, Eq. 3 w cooling channel wall

T temperature £,t laminar, turbulent

T* rotary stagnation temperature, Eq. 32 1 compressor inlet

Ttr relative total temperature, Eq. 34 2 compressor exit

u,v,w cartesian velocity components 3 turbine inlet

INTRO0DUCTION

The design of multi-papa cooling systems for high temperzture gas turbine rotor blades requires a
detailed understanding of the distributions of heat transfer around the surfaces of the cooling pass-
ages. These distribucions are dotermined by the development of a compressible flow with heat transfer in
a rotating passage of rapidly changing geometry. There are significant effects of Coriolis forces and
curvature causing secondary flows and modifications of the turbulence structure. There are effects of
buoyancy opposing and enhancing a flow with non-uipiform density tn a strong centrifugal pressure field.
And in addition to heat transfer there are significant energy changes due to work input and extraction in
the rotor. All these effects are interactive in a way which challenges flow modellers and expe.imenters
in their attempts to aid designers.
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Typical Multi-Pass ooling Geometryi

Figure I shows a typical jet-engine multi-pass cooling geometry, modelled after the design studied by

Clifford [1]. The 4lade has two coolant flow paths, one cooling the leading edge and feeding film cooling

holes, and the secnd, with the multi-pass flow path, providing internal cooling for the rest of the

blade. In this paper, we are principally concerned with the first two legs of the multi-pass flow path -

the radially-outward leg, the sharp 180 degree bend, and the radially-inward leg. We consider steady 3-D

compressible turbuler.t flow in the rotating reference frame and investigate the resultant heat transfer
distributions.

DIMENSIONAL ANALYSIS

Following Guidez '21 and Morris and Ayhan (3], a dimensional analysis of the problem gives

Nu - f(Re, Ro, Ra, M, Pr, geometry).
Here, we take

Nusselt number, Nu hd (1)

w

p u d Ile
Reynolds number, Re - -g---- = c (2)

Rossby number, Ro = wd (3)

u I

p2 2rid 3(T-T )Pr
Rayleigh number, R3 -. A 2 (4)

w gi

Mach number, M - u1  (5)
V y R Tgi

Prandtl number, Pr = -L (6)k Z

The geometry considered is a channel of square cross section of side d, with the orientation shown in Fig.
2. The fluid is air with a Prandtl number of 0.7 and the Mach numbers are small (except in the trailing
edge holes).

The flow is governed by inertia, viscous, Coriolis and buoyancy forces. The relative significance of
these is given by 2

Inertia Coriolis Buoyancy Ra 2rld Twg
-~Re Tg, - . (7)

Viscous - Re, Inertia - IRo , -ne2tna Re~pr u T

Trends and Ranges of Parameters

To determine the trends in these parameters and to gain insight into the fluid mechanics of multi-
pass cooling flows, the authors developed a paper engine in which to mount the blade of Fig. 1. This

engine has the follouing design conditions

t2 '3 V
- - 25 = 0.4 kg/s , "- = 4738. RPM
ti 3 Ve/3

The first scage turbine rotor has rmean ' 0.37 m, rhub/rtlp - 0.86, and a square cooling passage of

side, d - 5 mm. It operates with MNexit ' 1.0, Tb = 12L3 K, sad Tw . 1100 K, where Tb is the blade sur-

face temperature and Tw is the wall temperature of the cooling channel.

The trends and the ranges of the flow parameters are shown in Fig. 3. Clifford [1] indicates that
this cooling geometry allowed turbine inlet temperatures to rise from 1500 to 1700 K in the years 1970 to
1980. Extrapolating that performance by simpLy increasing the coolant mass flow rate, one can estimate
flow parameters up to turbine inlet tempnrat',re of 2000 K. For cxanplc, ,Inca th Reynolds number is
proportional to the coolant mass flow rate, it rises linearly with turbine inlet temperature. Figure 3
shows the Reynolds number rising from 40,000 to 200,000 as the turbine inlet temperature is raised from
1500 K to 2000 X; the cooling flow is turbulent.

From 1500 K to 2000 K turbine inlet temperature, we have increased the turbine speed by only 15 per-
cent. Thus, to a first approximation, the Rossby number varies inversely as the coolant mass flow rate.
Figure 3 shows it falling from 0.14 to 0.03. In this range, the transverse pressure gradients due to
Coriolis acceleration, shown in Fig. 2, cause important secondary flows in the cross-sectioncl plane in

the straight radial legs. Indeed, because the radial flow reverses sign, the secondary flows will tend to
have the pposite sense in the two legs. The snse of the secondary flows is indicated by the lower case
symbols p and p , representing the pressure and suction sides of the channel, respectively. In the chan-

nel endwall boundary iayers, hot gas will tend to be convected towards tho s~crion sides, p , where there
will be less cooling than otherwise. Conversely, on the pressure sides, p , the heat transfer will be
enhanqed. The upper case symbols P+ and P- indicate the pressure and suction sides of the turbine blade,

respectively.
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Section A-A Pp

Ai I.- A  "W

L Coriolis

Vp-2pwxu

Fig. 2. Schematic of 180 degree bend in a multi-pass
cooling system of a turbine rotor blade, showing
transverse pressure gradients due to Coriolis
acceleration.

p , p- - pressure and suction sides of cooling

Fig. 1. Typical jet-engine multi-pass cooling + - channel.

geometry based on the turbine rotor blade of P - pressure and suction sides of turbine blade.

Clifford [].
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Fi. . Trends in dimensionless parameters F g 4. Calculated secondary flaw vectors and primary
governing the fluid mechanics of multi-pass flow velocity contours for fully developed flow in
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While the Coriolis forces mostly cause secondary flow in the cross-sectional plane, the buoyancy of
hot gas in the strong centrifugal pressure field causes mostly longitudinal secondary flows in the radial
legs. In fact, the buoyancy of the hot wall layers tends to oppose radially outward flow and support
radially inward flow. For example, the accumulation of hot gas near the suction surface in the outward
leg combined with the effect of buoyancy accentuates the reduction in the heat transfer from that surface.

From 1500 K to 2000 K, the Rayleigh numbers slowly rise from about 3 x 108 to 5 x 108, and this sug-
gests that buoyancy effects are becoming more important. But actually the ratio Ra/Re Pr is falling and
buoyancy is becoming less important in tha flow development Lelative to inertia forces. Figure 3 shows
Ra/Re Pr falls from about 0.3 at 1500 K to 0.1 at 1600 K and 0.02 at 2000 K.

In summary, the trend suggested by this simple engine study appears to be towards more coolant flow
and higher Reynolds numbers. There seem to be decreasing but still appreciable effects of Coriolis driven

transverse secondary flows and buoyancy driven longitudinal secondary flows. For example, at a turbine
inlet temperature of 1800 K, we may expect

Re - 140,000, Ro - 0.045, Ra - 4.5 x 108, and Ra = 0.033
Re2 Pr

Results of three-dimensional flow calculations under these conditions are presented in the last section of
this paper.

FLOW MODELS FOR PRESENT CALCULATIONS

Equations for 3-D Flow Calculations

The compressible flow in a multi-pass cooling channel is governed by the same equations as flow in
the impeller of a centrifugal compressor. The major difference is the non-adiabatic wall boundary condi-
tion. We therefore used the Moore Elliptic Flow Program, the basis of which is described in reference 4,
and which was employed, for example, for the centrifugal compressor calculations of reference 5.

The equations are written in the form:

Continuity:
V • pu 0 (8)

Momentum:
pu.V u - V.NVu a V.iVu - Vp - 2pwxu - pwx(wxr) (9)

Energy:
pu.VH - V. (p/Pr)VH a 0 (10)

Perfec: gas:
p - pRT (11)

22
H = c T + 0.5(i.n) .5c, r" (12)

and we take c p to be a constant. 
P

Fully Developed Flow

One of the important factors in any 3-D flow calculation is the flow distribution at the inlet. This
is especially true in a rotor where distributions of both total pressure and total temperature influence
the subsequent secondary flow development [6]. Figure I shows the flow entering the cooling channel with
a sharp turn at the blade root. It will then take many channel diameters before the flow recovers from
this abrupt entrance condition and becomes fully developed. One approach could then be to start the chan-
nel flow calculation upstream of the blade root and calculate the flow development including local flow
separations and reattachment. This approach is similar to that used by the authors in their study of the
flow and heat transfer in turbine tip gaps [7].

Here, we adopted a different approach. We performed calculations of fully developed flow in a radi-
ally-outward flow channel. A Prandtl mixing-length turbulence model was developed which reproduces the
major effects of rotation on the flow in Moore's rotating square channel [8]. This turbulence model was
then used to calculate fully developed flow with heat transfer at the blade mean radius, section A-A, in
the radially outward leg in Fig. 1. The coolant flow conditions used were those from Fig. 3 at a turbine
inlet temperature of 1800 K. This fully developed flow provided the initial conditions for the 3-D flow
calculation in the cooling channel, starting at section A-A.

Equations for Fully Developed Flow Calculations

The channel direction was taken as radially outwards (x a r). The continuity and momentim equations
werp gipife uith' thc pprxtuaLions

%au av aw

and x x x x
n a constant.ax

In the solution procedure, 22was adjusted to give the specified mass flow rate.

To simplify the energy equation, the shape of the temperature profile was taken as independent of x;

T -T
-w .a (13and (13)
T 

Tx
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The kinetic energy of the flow was neglected to form the following equation for T

ay a z y Pr ay az Pr 3z T w - ] (14)

Tw was taken as constant and Tw - i was specified for the plane. was adjusted so that = I.

The Viscosity Model

The effective viscosity and the effective thermal conductivity are taken as the sum of the laminar
and turbulent contributions. The near-wall values are found by a logarithmic averaging procedure used by
the authors for many years [9]. Thus

u + 1t , away from wall; (15)

U [ (PZ + pt)] 2 , near wall. (46)

P/Pr = u /Pr + 11 /Pr, , away from wall; (!7)

p/Pr - t.//P(J/Pr, + Pt/Pr 1/2 , near wall. (18)

Pr,, 0.7

Pr . 0.9.
t

In the Prandtl mixing length viscosity model 2"du"

"t = pL
2 

dy (19)

The effective velocity gradient is given by

"d_" au Du a u 2

dy=1 j+axi) ax 
/2  (20)

but it is limited, to prevent the turbulent viscosity from going to zero in the middle of the duct where
du/dy = 0, by

"du" u 1Re/8

dy > 1.55 d R 
(21)

The mixing length L is calculated in two parts:
(a) The inner layer region includes a van Driest modification.

to 1/
L - 0.41 "y" [I - exp (-ey (PT) (22)S2611Z 

(2

where T is the local shear stress. d
(b) The outer layer model modifies a no-rotation mixing length of 0.08 2 by a curvature and rotation
modification factor F which is a function of a generalized form of the gradient Richardson number [10].

L = 0.08 F d  
(23)223

F - I - ORi for Ri < 0 (Pressure side/concave wall)

F II R- for Ri > 0 (Suction side/convex wall)

Ri - S(1 + S) (25)

II (w x u) * N

S 2 n n Nl2l_ (26)

n 2N

T2 n

Here, Rn is the local radius of curvature of the flow, n is the unit vector in the direction of the princ-
ipal .tormal to the local streamline, and N is the unit vector normal to the shear layer or normal to the
wall for a two-dimensional boundary layer.-The constants a and 0 were taken as 0.67 and 4, respectively.

The inner layer equation is used when 0.41 "y" < 0.08 F d

This model of turbulence modification due to curvature and rotation incorporates features from the
models developed by Johnston and Eide (11] and Adams and Johnston [12). I.L represents an attempt to gene-
ralize their approaches for application in three-dimensional duct flows.

MOORE'S ROTATING CHANNEL

Imagine a straight rotating channel with the orientation of the radial outflow leg in Figs. I and
2. One of the authors (JH) measured fully developed flow in such channels for his master's thesis in 1967
[8]. One of the channels had a square cross section and was tested with a Reynolds number of 20,000 at4 Rossby numbers up to 0.024. Figures 4-8 show calculation results with the present flow model for that

-;i •channel.
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Fig. 5. Centerline velocity profiles in Moore's Fig. 7. Variation of friction factor with Rossby
rotating square channel for Re a 20,000 and number for Moorets rotating square channel, Re =
Ro 0.02. o - measured; - calculated. 20,000. o - measured; - calculated;

- - - correlation of Ito and Nanbu for circular
pipes [13].

1.51.P
c1 5

cf 0 T
0

1.0 1.0

P_ S
0 9x

0.5 0.5

o 0.02 0.04 0.06 0 0.02 0.04 0.06
Ro Ro

Fig. 6. Variations of centerline wall shear Fig. 8. Calculated contributions to the friction
stresses with Rossby number for Moore's rotating factor from the individual surfaces of Moore's
square channel, Re a 20,000, o, x - measured; rotating square channel. Re a 20,000. P - pressure
- calculated. side; S - suction side; E - endwall; T - total.

Calculated secondary flow vectors and primary flow velocity contours are presented in Fig. 4 for
Rossby numbers of 0.02, 0.04, and 0.07. As the Rossby number increases, the secondary flow in the endwall
boundary layers strengthens causing increased convection of low momentum fluid towards the sucticn side
(p-). The net result Is a thickening of the suction surface ooundary layer and a thinning of the pressure
surface layer. This is seen more clearly in Fig. 5 which shows a comparison of the measured and calcu-
lated centerline velocity profiles at a Rossby number of 0.02.

The variations of the centerline shear stresses with Rossby number are plotted in Fig. 6. On the
pressure side, the wall shear stress is enhanced by rotation compared with the no-rotation value, while on
the suction side the wall shear stress is reduced. The present flow model gives a reasonable representa-
tion of these variations. It suggests that most of the changes occur in the Rossby number range 0.-0.02
and that subsequently the skin friction coefficients change by smaller amounts. At Re - 0.02, the changes
ere n iFirnt, nh ,our +30 percent on the pressure side and about -40 percent on the suction side, on the
centerline.

The overall friction factor for the channel increases wich rotation, as seen in Fig. 7. A Rossby
number of 0.02 gives about a +10 percent increase, with the flow model and the data in good agreement.
For comparison, the correlation of Ito and Nanbu (13] for turbulent flow in a rotating straight pipe of
circular cross section is shown. This gives the same general trend with Rossby number but misses the
initial more rapid increase; perhaps this is associated with the flow near the corners of the square chan-
nel.

The contributions to the friction factor from the individual surfaces are copared with the overall
variation in Fig. 8. The endwall, E, follows closely the trend of the total, T, while the net increase on
the pressure side, P, outweighs the net decrease on the suction side, S.

The quantitative agreement between the calculation results in Figs. 5, 6 and 7 and Moore's measure-
ments and the qualitative trends seen in Figs. 4 and 8 suggested that the present turbulent flow model
could be used to gain insight into developing flow in multi-pass cooling geometries.
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MULTI-PASS COOLANT FLOW AND HEAT TRANSFER

Model Multi-Pass Cooling Geometry

The coolant flow path in Fig. I was modelled as a square-cross-section channel, as shown in Fig. 9.
The channel started at section A-A in Fig. 1, it proceeded radially outwards for 3.7d to a 180 degree bend
with a dividing web of thickness d/3. After the bend, it extended radially inwards a distance lOd. The
channel had a width d of 5 mm, and the pressure and suction faces were parallel to the axis of rotation,
as shown in Fig. 2.

The location along the duct is indicated by a parameter, A, which in the straight legs is simply
measured in duct widths, d. A - 0 at the inlet to the bend and A - 2 at the exit of the bend. The flow
inlet is at A - -3.7 and the flow exit is at A - 12, as shown in Fig. 9.

The finite-difference grid used for the 3-D flow calculation is also shown in Fig. 9. This was a 45
x 19 x 19 grid. The grid was symmetrical in the cross-sectional plane with grid points at 0., 0.004,
0.012, 0.025, 0.05, 0.1, 0.2, 043, 0.4, 0.5, etc. For fully developed flow with no rotation, this near-
wall spacing corresponded to a y of 24 based on the mean wall shear stress.

Initial Conditions-Fully Developed Flow

As discussed above, the initial conditions for the 3-D flow calculation were established by calculat-
ing fully developed flow with heat transser at A - -3.7, section A-A. The calculation was performed for
Re - 140,000, Ro - 0.045, Ra - 4.5 x 10 , T 901.5 K, Tw - 1100 K, p - 2.46 HPa, and u - 138 m/s. A
reference calculation with no rotation, Ro - Ra - 0, was also performed for comparison.

Figure 10 shows the velocity and temperature distributions with rotation. Qualitatively the velocity
distribution is similar to that in Fig. 4 at Ro - 0.04. But the endwall and pressure surface boundary
layers are thinner at the engine conditions; and the secondary flow vortex is centered closer to the
pressure-side/endwall corner. The maximum secondary velocity is about 9 percent of the mean velocity
compared with a value of 7 percent found by interpolation in Fig. 4 at Ro a 0.045. Both maxima are in the
endwall boundary layers for flow from the pressure side to the suction side. The static temperature dis-
tribution is similar in shape to the throughflow velocity distribution with cold air located towards the
vressure side where the throughflow velocities are highest. The low momentum boundary layer fluid on the
.uctLon side, especially near the centerline, is also hot, and thus we can expect both low shear stresses
and low heat transfer from that wall.

0 2 p-

p_ p+

3

A R 0.8 1.0 1.2

u
0.2 u

-3.7 i- \

6

-T 0,8 1,0 1.2

T -w

Fig. 10. Velocity and temperature distributions at
section A-A, the inlet for the 3-D flow calculation,
see Fig. 9.

12

Fig. 9. Model multi-pass coolant flow path,
starting at section A-A in the radially outward
leg of Fig. 1. Grid for 3-d flow calculation.
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Heat Transfer Coefficients

The mean Nusselt number at any section along the channel is found by integrating the heat flux from
the wall around the periphery of the channel. This is normalized with rhe difference between the wall
temperature, Tw, and the local mass-averaged static temperature, T, together with the channel width, d.
Thus aT

(k)d dA (27)

k (T - T)

For the fully developed flow with rotation, Nu = 255. Compared with the no-rotation value

Wu_ 255.
- 197.Nu

Friction Coefficients 0

The friction coefficient Is similarly defined,
au

an dA. (28)
pu

where p =2and p is the area-averaged static pressure over the channel cross-section.
RT

With rotation, X = 0.0172, and compared with no rotation

S 0.0172
T_ 0145- 1.19

0

Comparison with Other Correlations

These increases of 19 percent in the mean friction coefficient and 29 percent in the mean Nusselt
number may be compared with the results of Fig. 7. The calculations for incompressible flow at a Reynolds
number of 20,000 gave an increase in the friction factor of 16 percent at Ro - 0.045. The Ito and Nanbu
friction correlation for circular pipes [13],

0.942 + 0.058 (Ro2 Re) 0 282
, (29)

0
gives an increase of 23 percent. Of course, the Ito and Nanbu correlation does not account for buoyancy
effects; but still all these results are suggesting increases in momentum and heat transfer due to rota-
tion in the engine. It is interesting then to evaluate the change in mean Nusselt number predicted by
Morris and Ayhan's correlation [3],

Nu [Ra 2-0.186 Ro0.33 .0.73 (30)

u Re

This predicts a decrease in mean heat transfer in the engine of 27 percent, of the same order as the de-
creases they estimated for other engine conditions. There appears to be a basic discrepancy here.

Heat Transfer and Friction Contributions

Compared with the mean no-rotation values, the mean heat transfer coefficients for the pressure,
endwall and suction surfaces were

Nu Nu Nu
1.87 e - 1.38 , and __ - 0.54

Nu Nu0  Mu
0 0 0

and the mean friction coefficients for the three surfaces were

- 1.67 , - 1.28 , and-- 0.52
A0 X0 0G

Note especially the factor of 3-4 difference between the heat and momentum transfer on the pressure sur-
face and those on the suction surface.

3-D Flow and Temperature nfdtributions

The results presented in the rest of the paper are for fully 3-D flow. Starting with the initial
conditions of Fig. 10, the results in Figs. 11-16 were obtained. The 3-D flow calculation took 4 hours of
CPU time on an IBM 3084.

Figure 1-1 shows the throughflow velocity vectors on three planes, parallel to the axis of rotation.
One plane is near the pressure side, p , in the outward leg; this becomes the suction side, p-, of the
inward leg; and the relative location of the plane across the duct is 0.004. The middle plane, m, is mid-
way between the pressure and suction surfaces. The third plane is near the suction side, p , in the out-
ward leg and its relative location is 0.996.

In the outward leg, the near wall velocities are much hi6her on the pressure side as prescribed by
the flow in Fig. 10. Little change in the flow distribution occurs until about one duct width upstream of
the bend. Then there is a rapid development, which is particularly evident on the suction side as the
endwall boundary layer fluid convects to the inside of the bend. The strong secondary flow persists near
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this surface all around the bend; entering the bena, there is flow se.aration on the outer wall, but leav-
ing the bend, there is apparently little backflow near the corner with the dividing web. In contrast,
there is a large region of flow separation occurring on the web downstream of the bend at mid-height and
extending to the new suction surface. This large separation zone extends 2-3 duct widths downstream of
the bend. Thereafter the throughflow near the new suction surface gradually recovers, but once again the
suction surface has lower velocities than the pressure surface.

The secondar) flow velocities and contours of static temperature are shown in Fig. 12, for six cross-
sectional planes at A = -3.7, 1, 2, 3, 6 and 12. The locations of these planes are marked on Fig. 9. For
reference, T - 1100 K, and at the inlet, A - -3.7, "u = 138 m/s and T - 901.5 K. To help the reader
follow the fiow development, we have also prepared Fig. 13, which shows the cooling channel in a view

similar to Fig. 2. The static temperature contours are shown there also. The thick contours represent
cold air with a temperature of 900 K. Following those, one can gain a good overall impression of the 3-D
flow development from Fig. 13, and then a more detailed understanding of the secon-'Lary flows can be ob-
tained from Fig. 12. One notes, for example, that the views in Fig. 12 are seen by an observer following
the channel looking downstream with the inner wall (or web) maintained at the bottom.

The secondary velocit, vectors in the six views in Fig. 12 are all to the same scale. Thus the maxi-
mum secondary velocity of 9 percent of u seen in Fig. 10, at A - -3.7, is now found to be very small com-
pared with secondary velocities of the order of u found in the 180 degree bend.

As the flow enters the bend, the hot air near the suction surface is convected to the inside of the
bend, while the cold air moves from the pressure side around the outer wall. A dominant vortex of anti-
clockwise sense is established by A 1 1. Then by A = 2, a strong convection develops acriss the middle of
the channel from the inside to the outside of the bend; this effectively splits the cold air, leaving some
in the corner region between the outer wall and the new suction surface. Most of the cold air, however,
follows the anti-clockwise secondary flow path across the new pressure surface, by A = 6, and then across
the inner wall, by A - 12. The hot air from the suction surface upstream of the bend is more difficult to
trace since it is convected away from the inner wall and mixes as it encounters the flow separation on the
web.

HIM+ p

P P

Fig. 11 Throughflow velocity vectors on three planes of tihe multi-pass

cooling channel.

middle -- 7
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Fi.12. Secondary flow velocity vectors and contours of static
temperature on six cross-sectional planes of the multi-pass
cooling channel. i inner wall, web; o - outer wall. Dark

closed contours, T =900K; T w= 1100K; contour interval, 25K.

Surface Heat Transfer Distributions

The local Nusselt number is defined as

(k aT d
NU - )w

d

k (Tw  -

where T is the local mass-averaged static temperature; and Nusselt number contours are plotted for the two
endwall faces in Fig. 14. Figure 15 then shows the development of the mean Nusselt number Nu, around the
periphery of the channel, as a function of location along the channel.

Initially, from A - -3.7 to A - -1.5, in the 3-D calculation, the mean Nusselt number is about 245.
Figure 14 then shows variations from less than 100 on the suction side to more than 400 on the pressure
side. Note that the minor contour interval Is 25, with dark lines at intervals of 100.

As the flow proceeds around the bend, the hot air near the suction surface is replaced by colder air,
as seen in the first four pictures of Fig. 12, at A - -3.7, 1, 2 and 3. The local Ousselt numbers in-
crease correspondingly from less than 100 to over 600. Indeed, the influence of the cold air is felt on
this surface, all along the inward leg, as the Nusselt numbers slowly fall to their mean inlet level.

The heat transfer distribution on the other endwall face is more complex. Around the bend, there is
a variation from high Nusselt numbers, locally in excess of 800, near the inside to much lower values,
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Fig. 14. Contours of local Nusselt number for the
two endwall surfaces. Contour interval, 25.

Fig. 13. Three-dimensional view of the development of the static temperature
distribution. Dark closed contours, T - 900K; T w= 1100K; contour interval, 25K.

less than 200, near the outside. The flow then separates from the web, giving Nusselt numbers less than
100, while the cold air splits, as seen in Fig. 12, giving Nusselt nuimbers in excess of 500. The two
influences of the flow separation and the split-off cold air linger along the inward leg until finally the
main body of the cold air convects around to restore the Nusselt numbers to their mean inlet level of
about 250.

The rapid rise in the mean Nusselt number around the bend and its slower decay to the initial level
are seen in Fig. 15. Near the exit of the bend, at A - 2, peak levels of about 400 are predicted, i.e.
about 1.6 times the inlet value, or twice the no-.rotation value.

Energy Transfer

The overall energy transfer from the blade to the air is of prime interest here because of the cool-
ing it provides, but it is also interesting thermodynamically because of the combination of the heat and
work transfers. In the rotor blade, the heat input results in a change of rotary stagnation temperature
T*, where

T* 2 22 (32)T =T + 2c 2c - -"/2

p p p

22
or T tr 2c(33)

p



25-12

600

FU400'

300-

200

100

0
-4 -2 0 2 4 6 8 10 12

A

Fig. 15. Variation of mean Nusselt number around the
outer 180 degree bend in the multi-pass
cooling geometry of Fig. 1.
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Fig. 16. Energy transfer to the cooling air revealed by
mass-averaged temperatures.

with T , T +- ' (34)

Here H is the rothalpy, W2/2cp = (u - S)/2c is the relative kinetic energy, and Ttr is the reltive total
temperature. 

-

Figure 16 shows the energy Lransfer for the air in the multi-pass cooling channel in terms of the
mass-averaged temperatures T*, T, and T _. Notice how T* rises monotonically, while T fluctuates around
the bend due principally to changes in telative kinetic energy. No~ice also how T rises more rapidly
than T* in the outward leg due to work input from the rotor; and how T actually falls in the inward leg,
In spite of the heat transfer, because of work extraction.

The overall change in T* represents the net heat input,

Out -'in - 36.4 K

The overall Nusselt number based on the Inlet temperature difference T - in is therefore

Nuoverall - 284.

and Noverall 284.

NU

The combined effects of the [80 degree bend, rotation and buoyancy have increased tne overall Nusselt
number by 44 percent over the value for fully developed flow with no rotation.
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SUMMARY AND CONCLUSIONS

3-D flow and heat transfer in a typical multi-pass cooling system for a high temperature gas turbine
rotor blade have been calculated. A preliminary engine study was performed to determine the trends in the
dimensionless variables characterizing the fluid mFchanics of multi-pass cooling flows. This suggested
that above a turbine inlet temperature of 1700 K, Reynolds numbers would be rising abo4e 100,000 and
Rossby2 numbers would be falling below 0.05. The ratio of buoyancy to inertia forces is given by
Ra/(Re Pr), and this Loo was predicted to fall below 0.05, for the particular engine con.ditions rtudied.
Thus, with increasing turbine inlet temperatures, there seem to be decreasing but still appreciable ef-
fects of Coriolis driven transverse secondary flows and buoyancy driven longitudinal secondary flows.
Based on this study, conditions were chosen for a 3-D flow calculation corresponding to a turbine inlet
temperature of 1800 K.

The Moore Elliptic Flow Program was used for the calculations because compressible flow in a multi-
pass cooling channel is governed by the same equations as flow in the impeller of a centrifugal compress-
or. The major difierence is the non-adiabatic wall boundary condition. But the energy transfer can be
handled with the same rothalpy equation.

The 3-D flow calculation was started with fully developed flow in the radially outward leg of the
cooling channel. This was calculated using MEFP by introducing approximations into the full 3-D flow
equations. A Prandtl mixing length turbulence model was developed including the effects of rotation and
curvature on turbulence modification. This represents an attempt to generalize the approaches of Johnston
et al. for application in three-dimensional duct flows. It was tested by comparing with the data of J.
Moore for fully developed flow in a rotating square channel. The turbulence model was then used to calcu-
late fully developed flow with heat transfer at the predicted engine conditions.

At tbe engine conditions, both the mean friction coefficient and the mean Nusselt number for fully
developed flow were predicted to increase with rotation. This was in general agreement with the friction
data of Moore and the friction correlation of Ito and Nanbu. Altogether, these results suggest an in-
crease of about 20 percent over the values with no rotation. In contrast, the correlation of Morris and
Ayhan predicts a decrease in the mean heat transfer of 27 percent, for the same engine conditions.

The full 3-D flow with heat transfer was calculated starting at the mean radius of the rotor blade.
The square channel then had 3.7 channel widths radially outward before a sharp 180 degree bend which was
followed by a radially inward leg of 10 channel widths in length. The mean heat transfer for this whole
geometr; was calculated to be 44 percent higher than the corresponding value for fully developed flow with
no rotation. The calculation showed a rapid rise of about 60 percent in mean Nusselt number around the
bend followed by a slower decay. The areas of high heat transfer were generally explained by the second-
ary flow of cold air which was followed in the calculation results. An area of low heat transfer was
observed in the results downstream of the bend and this was associated with flow separation on the divid-
ing web.
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ETUDE THEORIQUE DE L'COULEHENT DANS UN CANAL EN ROTATION.
APPROCHE EXPERIMENTALE PAR LA VISUALISATION DE L'8COULEKENT

DANS UN CANAL, COURBE

par Jodl GUIDEZ, Pierre-Jacques MICHARD, Denis DUTOYA
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RESUME

Une 6tude, A la fois expdrimentale et thdorique, des transferts
chaleur et de l'6coulement dans un canal en rotation est en ddveloppement &
l'ONERA. Canal qui simule de mani~re simplifi~e une cavit6 interne d'aube de
rotor de turbine.

Sur le plan expdrimental, il est montr6 que la vitesse de rotation a
pour effet d'accroitre les dchanges thermiques par convection A l'int6rieur du
canal. Ce phdnombne est expliqu6 par les dcoulements secondaires induits par la
force de Coriolis.

Sur le plan thdorique, les 6quations de Navier-Stokes sont rdsolues
numriquement en 3D (mdthode instationnaire, implicite avec directions
alterndes). Les rdsultats obtenus pour les r6gimes laminaire et turbulent
mettent en 6vidence les structures secondaires (deux et quatre tourbillons).

Paralilement, en analogie rotation-courbure, la visualisation des
lignes de courant par des bulles d'air ou d'hydrog6ne, dans un canal hydrau-
lique, fait apparaitre ces mdmes structures d'6coulement.

THEORETICAL STUDY OF THE FLOW IN A ROTATING CHANNEL.
EXPERIHENTAL STUDY THROUGH FLOW VISUALIZATION

IN A CURVED CHANNEL

ABSTRACT

An experimental and -theoretical study of the heat transfer and flow
in rotating channels is in development at ONERA. These channels simulate some
simple internal cavities of turbine blades.

It has been experimentally demonstrated that the rotation speed
induces a global enlancement of the heat transfer coefficient. This phenomenon
can be explained by the secondary flows connected -to the Coriolis force.

Theoretically, the Navier-Stokes equations that govern this problem
are numerically solved in 3D (time marching, A.D.I. method). For laminar and
turbulent Ilows, the results obtained- point out the secondary structures (two
and four vortices}.

Tn additi'n. bY men ofrtaia-curvatur analogy, thc visuali-
zation of the streamlines in a water-channel flow with air or hydrogen bubbles
shows the same flow structures.
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NOTATIONS

C, CP chaleur sp~cifique Symboles-,arecs

DR diam~tre hydraulique coefficient d'expansion

e 6paisseur de paroi E dmissivitd

E 6nergie =CYT+V1 12 )k longueur d'onde

SKnombre d'Ekman Ii viscosit4 dynamique

Fee force centrifuge 1) viscosit6 cin~matique

aFee force de Coriolis masse volumique

h coefficient d'dchange thermique a constante de Stefan

H excentricit6 = (re + 1,/2) w vitesse de rotation

k conductivit6 thermique

L), luminance monochromati'ite

LOluminance du corps noir Indices
A

d~bit d'air 0 canal statique

Nu nombre de Nusselt e entr~e du canal rectiligne

P pression i conditions g6n6ratrices

Pr nombre de Prandtl

Prt nombre de Prandtl turbulent

qcond flux dc-conduction

qIuc flux de rayonnement incident
en provenance du four

r, R rayon

Ra nombre de Rayleigh

Re nombre de Reynolds

Ro nombre de Rossby

If temp6rature moyenne

Ta temp~rature-de Vair

Trour temp6rature du four

Tr teiap~rature de paroi

t temps

u, v, w composantes de vitesse
de 1'6coulement

V vitesise = vr U2 T -vz Tw
2

x, y, z- coordonn6es
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1. INTRODUCTION

Dans le but d'6tudier Vinfluence des effets de la rotation sur les transferts de chaleur
convectifs dans les cavitds internes de.s aubes de rotor de turbine, une 6tude expdrimentale a 6t6~ d~ve-
loppde A 1l0OUERA [1]. Cette 6tude, comme celles conduites avec d'autres installations (2J, (3J et (4], otl
iVaxe du canal dtudi6 est perpendiculaire A 1'axe de rotation, met en dvidence la modification des
6changes coiuvectifs par rapport A ceux obtenus dans un canal statique.

Ces modifications sont li~es A la force de Coriolis qui induit des 6coulements secondaires et
aux poussdes d'Archim~de, pr~s des parois, qui sont en grande partie A mettre au compte de la force
centrifuge.

Paralidlement A cet aspect expdrimental, une approche th~orique par la moddlisation num~rique
de 1'6coulement dans un canal en rotation est en ddveloppement. Cette approche consiste A r~soudre les
dquations de Navier-Stokes en 3D. Diff~rents codes de calcul ont Wt r~alis~s. Les premiers ne permettent
que la prise en compte de gdom~tries simples et correspondent A une 6tape heuristique. Dans une seconde
Rtape, leffort a port6 sur la mise en oeuvre d'un code plus gbndral qui est en cours de validation.
Vintkrdt de ce code, au-deli de la pr~vision des effets de ia rotation dans un canal de g~om~trie
simplifi~e, sera de permettre la restitution des 6coulements et transferts de chaleur dans les cavitds
internes rdelles d'aubes de rotor (fig. 1 [5]). C'est-A-dirs de simuler les effets associds aux fortes
courbures (fig. 2), ou aux perturbations lises aux "promoteurs de turbulence" (nervules, picots, pontets,
fig. 3) avec ou sans rotation.

2. GWNRALITES

Comme cela vient d'6tre prdcis6 datas l'introduction, les cavit~s internes des dubes de turbines
modernes sont de g~om~tries complexes. Cette complexit6 est lide A la recherche d'une augmentation
artificielle de la turbulence de l'6coulement par la gdomdtrie (courbures successives, promoteurs de
turbulence), ce qui conduit A intensifier les 6char~ges convectifs.

A cette gdom~trie slajoute la rotation pour les aubes de rotor.

Si l'dtude cortjugude g~om~trie complexe et~ rotation est int~ressante sur un plan pratique, elle
ne permettrait pas de s~parer aisdment chacun des effets les uns par rapport aux autres. Aussi, la
ddmarche classique consiste A 6tudier inddpendamment chacun des ph~nom~nes avant de les rassembler.

De pluis, la prdvision de ces 6coulements turbulents (10000 .; Rep, : 60000), qui ne peut se
faire autrement que par la rdrolution des 6quations do Navier-Stokes en 3D, n~cessite une validation des
codes avec le mod~le de turbulence utilis6. Cette dernifre remarque induit dgalement une d~marche aliant
graduellement 7,ers la iomplexit6.

Donc, dans une premidre 6tape, la g~om~trie retenue correspond A des canaux rectilignes A
sections rectangulaires.

Sur la figure 4, une cavit6 interne simplifide d'aube de turbine est reprdsent~e avec les
forces de Coriolis et centrifuge induites par la rotation. Deux canaux rectilignes dits "centrifuge" et
"1centrip~te" sont raccordds par une partie courbe. Les r~sultats expdrimentaux laissent apparaitre une
modification importante du transfert de chaleur convectif avec la vitesse de rotation Ell, (2], [3] et
[4]. Une augmentation giobale de Vd6change de chaleur par convection est constat~e, augmentation qui est
la rdsultante d'effets locaux :augmentation le long des faces de pression (dans le canal interne) et
diminution le long des faces de ddpression.

Ces modifications des transferts de chaleur avec la vitesse de rotation sont expliqudes par
l'effet des dcoulements secondaires associ~s A la force de Coriolis, et par celui des pouss~es
d'Archim~de qui est d'autant plus significati.f que l'6cart de tempdrature entre la paroi et 116coulement
est important.

Les 6cc'ulements secondaires, en payticulier, induisent une distorsion des profi-is de vitesse
d4bitante, par rapport A ceux obtenus dins un canal statique, et donc des diffdrences dans les coef-
ficients de -frotternent. Les variations ,locales de coefficients d'6change qui en rdsultent, assocides au
brassage de l'dco~lement, conduisent A une augmentation globale des transferts de chaleur.

Les 6quation3 qui r6qissL-nt 116coulement d'un fluide compressible A l'int~rieur d'un canal
rectiligne en rotation sont -,rdsent6es ci-dessous pour un syst~me d'axe liti A ce canal (fig. 5). Celles-
ci laissent notamment apparaitre les termes relatifs A la force centrifuge w 9. X w%~ et A la
force de Coriolis e eL. et ... w L- ) [6) .

11 vient

1'2qg~tion de continuit6

_+ 0

deg22Btit6_de mouvement

~(CV)( t) 4 cN 2 CV A n



26-4

d'6nergie

+ ,2

A = vecteur rotation (0, 0,W)

A =rayon (x, y, 0)

V = vecteur vitesse (relatif) (u, ,w

I= tenseur identit6

__= tenseur des contraintes de frotterent

9= vecteur flux de chaleur

L'analyse dimensionnelle met en evidence les nombres adimensionnels suivants

Nusselt Nu iDw /A.l qui caractdrise le transfert de chaleur

Reynolds Re = D Dq1 /L 10 la turbulence de l'6coulement

Rossby Ro = wDH /u laspect Coriolis

Ekman Ek =Re.Ro It ItI

Rayleigh Ra = -,?&>9Ht (TpIar.).rr Vaspect centrifuge

Ces nombres sont utilis~s pour regrouper les r~sultats relatifs A l'influence des effets de la
rotation sur les transferts de chaleur.

3. MESURES THERHIQUES

Une vue gdn~rale du banc d'essais est prdsentde sur la figure 6. Les dimensions et lea caract6-
ristiques de cette installation, ainsi que les conditions exp~rimentales ont Wt choisies de manidre A
faciliter la -prise des mesures. De plus, af in d'utiliser une technologie aussi simple que possible, la
vitesse de rotation et le niveau de temp~rature des maquettes d'essais ont Wt rdduits pa r comparaison A-
ceux-rencontrds par one aube r6elle (CA w ax =5000 rpm et Tp.max = 4000C au lieu de 13000-rpm et 10000C
pour une aube de rotor).

Deux maquettes d'essais (fig. 7 et 8) semblables tournent A l'int~rieur d'un four 6lectrique
MTour~nax 12000C et P =45 kW. Cet ensemble est plac6 dana une enceinte A vide (pression .1 20 Pa).
Ainsi., les maquettes sont chauffdes extdrieurement Dar le flux de rayonnement qui provient du four
*lectrique C-a convection-externe eat n~gligeable en raison du faible niveau de pression gui r~gne dans
Venceinte). Elles sont- refroidies par circulation-d'air (alimentation par ib bas de l'arltre tournant et
sortie Vera le haut) dont le ddbit (5 A S0 g/s) eat mesur6-par un "col sonique".

Quatre groupes de joints tournants assurent 1'6tanch6it6 de part et d'autre de l'alimentation
en air et de l'enceinte A vide.

Un moteur 6lectrique entraine l'arbre supportant. Its maquettes par une courroie dentde.

Les mesures sont rdalisdes A partir do thermocouples embarquds implant~s selon d2.ff~rentes
sections (fig. 7)-. Un pyrom~tre infrarouge A court terkp de rdponse (at=10 ps) et de r~solution- spatiale
de Vordre de 1,2 mm-permet liobtention de profils de tempdrature de luminance dana une section de la
raquette dlessai [7]. Sur la figure 8, un exemple de profil obtenu par voie pyrom~trique eat pr~sent6
avec une maquette comparable A la cavit6 de la figure 4. A partir de deux angles de vis~e (0 + et -450)
le prof-il de temp4rature es reaciu ct. cala pour deur, vi-tesuu de rotation. La distorsion du profil
avec une 6ldvation de la vitesse de rotation apparait clairement. Lea points c, d, e et f d~limitent une
section (% - rs)lDo 9,5 du canal centrituge et il eat A- noter que le transfert de chaleur par
convection augmente fortement pour la face de pression (intrados -pour l'aube de rotor) puisque la temp6-
rature de paroi diminue par rapport at. caa-A basse vitease de rotation (COLt = 50 rd/s). Au contraire-pour
la face de ddpression (ou extrados pour 114ube) l'4change diminue. W-intdr~t des mesures rk.lisdes par
pyromdtrie infrarouge eat l'o:ervation directe de l-influence, sur le plan thermique, des effets
associ6s A la rotation et en particulier de Veffet Coriolis-qui induit on comportement de 1l6coulement
diffdrent pour lea deux faces oppos6es "intrados" et "extrados". Lea 6earts constatds avec lea valeura
ddhivr~es par lea thermocouples slexpliquent par lea rdflexions du flux provenant do four sur 1'616ment
de surface observ6. Le signal pyroadtrique prenant la forme
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fonction interne 6mission propre r~flexion de
du pyrom~tre de l'61dment de surface lenvironnement

L'obtention des coefficients d~dchange se fait par un bilan thermiq.e au niveau de chaque
thermocouple aussi bien en regime transitoire que permanent par

C ~j. )- TT4(Tp -To) + lc

Pour la maquette pr~sent~e figure 7 et pour le canal centrifuge le rapport du nombre de Nusselt
avec rotation (Nuc, ) au nombre de Nusselt obteni en dtat statique (Nuo) est pr~sent6 en fonction du
nombre de Rossby qui caract~rise V aspect Coriolis. Les valeurs sont assez bien correldes avec le nombre
de Rossby et comme cela vient d'6tre dit plus haut, 1'6change convectif augmente de mani~re importante
pour la face intrados et diminue, dans ce cas, dans une moindre proportion pour la face extrados. Ce type
de r~sultat est conforme A ce qui a Wt obteni par Morrns (2] et Johnson (3].

4. RHSOLUTION NUH9RIOUE DES 2QUATIONS DE N.S. DAN4S UN CANAL EN ROTATION

La provision des 6coulements et transferts de chaleur dans une cavit6 interne d'aube de rotor
n~cessite de r6soudre les 6quations de N.S. en 3D. Cette mod~lisation doit 6tre valid~e dans un certain
nombre de configurations 6l6mentaires avant d'6tre utilis~e pour des gdom~tries quelconques. La compa-
raison du calcul avec les r~sultats expdrimentaux pr~sent6 au chapitre 3 en est un exemple.

Ditf4rents codes ont Wt d~velopp~s pour r~soudre le syst~me 1 du chapitre 2. Les premiers
permettent de traiter l'4coulement pour des g~om6tries simples, en Voccurence un canal rectiligne ou une
boucle en rotation. Le principe du calcul est classique. Il s'agit d'une m~thode de diff~rence finie
centr~e, construite stir tin r~seau 3D curviligne orthogonal, et dont le caract~re conservatif est assure
par Vint~gration des 6quations de bilan sur des volumes 616mentaires associ~s A chaque noeud du r~seau.
Ces volumes d'int~gration sont form~s A lint~rieur du domaine de calcul A partir de trois points cons6-
cutifs dans chaque direction. Stur les limites, des "vitesses de glissement" fictives sont stock~es, et
les 6quations de bilon sont int~gr6es sur le demi-volume associ6 au point consid&r6, en tenant compte des
conditions aux limites par l'interm~diaire de fonctions de paroi. La discr~tisation spatiale fournit un
systfta de S.vNvN 6quations d'6volution (Nx. v ot z= nombre de points du r~seau dans les diff~rentes
directions), qui est int~gr6 aui cours du temps grAce A une m6thode semi-implicite. Les op~rateurs A
inverser sont lindaris~s, puis factoris~s dans chaque direction (m~thode A.D.I.) et le calcul consiste en
une s~rie d'inversion de matrices tridiagonales par blocs (5 x 5) (81.

Actuellement, l-effort porte stir tin code plus g6n~ral, tant en ce qui concerne la g~om~trie
(rdseai curvuligne quelconque) que les conditions aux limites. La technique d'intdgration dans le temps
est analogue A ce qui vient d'6tre d~crit. La discr~tisation spatiale utilise tine m~thode de volumes
finis avec d~composition des flux (de type Steger et Warming (91) et schdma d6centr6 A 5 points.

La particularit6 principale de ce code, qui a W conqu pour la pr~vision des 6coulements dans
tin moteur diesel,est de permettre la modification de la gdom~trie A chaque pas en temps. Pour ce qui est
iti maillage, tine transformation qui change le domaine physique de calcul en tin assemblage de parall61l&
pip~des facilite la mise en oeuvre de la m~thode. Les conditions atix limites sont tr~s diverses: el6
rature oti flux impos6 stir des portions de parois, injection oti aspiration locale d'6coglement. Pour les
pr~cisions concernant ce code le lecteur pourra se reporter aux r~f6rences (10] et [11].

Stir la figure 9 un exemple de r~s~iltats de calculs 3D asymptotique en 6cotilement laminaire est
pr6sentd. Les conditions d'6coulement sont :Repo 1000 ; Ro =0,125 et EK = 125, ce calcil correspond A
tine situation oti x))' devant a et b. Les gradients de vitesses longitudinaux 'a " / D sont supposes
n~gligeables. La quantit6 (-I/ P)( Zb)-0J-est fix~e, elle est homog~nte stir toute la section et elle
conditionne le d6bit. La figure 9a, stir laquel-le apparait tin systdme A deux vortex correspond A tin
maillage 40 x 40 et a 6t6 obteni apri~s 1000 it~rations (Do- = 10 mm, t = 5.10-5s, CFL de 80). Pour tin
autee cas, Repo 500, Ro = 0,25 et Ex 125, figure 9b, la structure secondaire de 116coulament est
modifi~e avec tin syst~me A quatre vortex. La recirculation intense des deux tourbillons SUppl6mentaires
est A nnter, Ce ty va d r~aultat ebL coniorme A ce qui a 6t6 obtenti par Khesgi et Scrive [12] oti
Speziale et al (133.

Un exemple de r~stiltats obtenus en 3D dans tine boucle en rotation est pr~sent6 figure 10. Le
maillage (16 x 32) x 96 reproduit tin canal A section rectangulaire (a/b = 2) comparable A cel.ui exp~ri-
ment4 et -pr6sent6 figure 7. Les recirculations ainsi que des profils de vitesse axiales sont dessin~s stir
la figure 10. Ils mettent en dvidence la complexit6 de 1-6ccoulement qui dans ce cas est turbulent:
Re =40000, Ro- 0,06 et Ex = 2400. Les conditions gdn~ratrices sont :pression d'arrdt et enthalpie
d'arrdt imposdes. A ]aval, setile la pression statique est imposde. Le flux est nul aux parois (6cou-
lernent adiabatique).

Ces r~sultats obtenus avec le programme de calcul simplifi6 (16re 6tape, voir plus haut) met en
6vidence la faisabilit6 du calcul en r~gime turbulent. Ils sont encourageants et l'4tide ntim~rique va
6tre poursuivie avec le code en cours de d6veloppement (26me 6tape) qui permettra alors tine analyse
quantitative des 6changes thermiques avec les diff~rentes parois.
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5. VISUALISATION DES IJIGNES DE COURANT DANS UN CANAL COURBE

Une approche exp6rimentale de visualisation des 6coulements secondaires dans un canal courbe a
Wt entreprise. En effet, l'analyse des 6quations de quantit6 de mouveinent met en * vidence le compor-
tement similaire, aux effets centrifuges pr~s, de l'6coulement dans un canal rectiligne en rotation avec
celui rencontr6 dans u n canal courbe. Dans les deux cas, les trajectoires des particules dans un repkre
Galil~en sont courbes et les ph6nom~nes sont conditionn~s par linteraction entre les forces d'inertie
dues & la courbure et l'inhomog~n6it6 de la vitesse de l'4coulement caus~e par les frottements pr~s des
parois [143.

t L'int~rdt d'une telle visualisation est de mettre en 6vidence les structures secondaires cr66es
par ce ph~nom~ne. D'apporter des 6claircissements sur la dualit6 deux et quatre tourbillons, d'obtenir
des renseignements sur l'Apaisseur des zones de recirculation et par ii mfime des centres tourbil-
lonnaires.

Sur le plan pratique, l.analogie rotation-courbure se fait en 6crivant l.'6galit6 des acc6l6-

rations de Coriolis et centrifuge associde A la courbure

2_w L = a,/ R R= !L/2w

et en terme de nombre de Rossby 6quivalent pour la courbure

Rocourbure = Da/2R

L'analogie air-eau est r~alis~e par l~a conservation dui nombre de Dean

Les valeurs retenues pour .'exp6rience relatke ici sont (fig. 11)

R =0,12 m ; Do = 40 mm ; ReDH = 18000 ; Rocourbure =0,166,

avec un canal en Altuglass (parois transparentes) A section rectangulaire de hiauteur a =60 mm et de
largeur b =30 mm (a/b =2, fig. 7). Ces dimensions ont Wt choisies de manifre A-permettre une visuali-
sation pratique des lignes de courant par des bulles d'air ou d'hydogk6ne. Les-bulles d'hydrog~ne sont
obtenues par 6lectrolyse A partir de deux grilles (fils de 0,5 mm, mailles 2 x 2 mm) espac~es de 2 mm et
soumises A une tension 6lectrique de 40 V. En position verticale-elles occupent la presque totalit6 de l~a
section interne dui canal. L'injection est r~alisde A 12,5 x Do (500 mm) de l~a partie courbe.

Un 6clairage par tranche de 2 mm d'6paisseur permet de visualiser les lignes de courant aussi
bien verticalement 16dlairement est courbe de manifre A 6pouser la courbure dii canal) qu'horizonta-
lement (6clairage plan) et ainsi de reconstituer 1.6coulement secondaire (fig. 12).

Sur la figure 12.1, l'6coulement au voisinage de la-paroi sup~rieure est visualis~e et la
circulation est centripkte, puis la recirculation longe l~a paroi interne (fig. 12.2). Sur l~a figure 12.3
(Aclairage horizontal au milieu du canal) une 16g~re centrifugation apparait. Le long de l~a paroi externe
(fig. 12.4.1) les deux noyaux se dessinent nettement avec une remontke de 1'6coulement sur la demi-
hauteur sup6rieure et une descente-pour l.autre partie (voir 6galement les recirculations fig. 10). Une
instabilit6 au niveau de l~a paroi externe, dans l~a zone centrale apparait A l'examen des figures 12.4.1

-? et 4.2. Dans cette zone de s~paration des deux tourbillons, les lignes de courant nontent ou descendent
en intermittence qui pourrait s'expliquer par l~a naissance, puis l~a disparition, de deux petits
tourbillons suppidmentaires. Pour les figures 12.1 A 4.2, l~a visualisation a Wt r~alis~e par des bulles
d'air et 116coulement peut 6tre consid~r6 comae 6tabli A- 1'entr6e di' canal courbe puisque l~a partie
rectiligne A section rectangulaire est de 1 a, soit 25 x Dli.

Le syst~me dinjection de bulles d'hydrogbne a 6t6 utilis6 pour obtenir des bulles de plus
petit diam~tre (d = 5/100 mm) que celui des bulles d'air (d 2:0,5 mm) qui ainsi suivraient mieux
116coulement. En fait, il n'a pas Wt remarqu6 de diff6rence notable de comportement entre lesi deux types
de bulles pour des vitesses de 1'6coulcjment > 0,4 m/s.

Cependant, en inclinant de quelques degr6s le systbme de g~n~ration-de bul-les dlhydrogkne, mne
structure A quatre tourbillons stationnaires a Wt aise en 6vidence (fig. 12.4.3, visualisation des
lignes de courant au voisinage de l~a paroi externe). Lorsque linclinaison devient importante (450 pour
l~a figure 12.4.4) l~a structure devient disym~trique.

Donc, l~a structure naturelle semble 6tre un syst~me A deux vortex, mais mne-faible perturbation
peut induire un syst~me A quatre tourbillons. Une plus forte perturbation conduit A des circulations
asym~triques. Ces r~sultats sont qualitativement inchang~s lorsque le nombre-de Reynolds vanie dans une
plage de 10000 A 60000.

Sur -l~a figure 12.1, il est A noter que l~a trajectoire des bul-les fait un angle de l'ordre de
450 par rapport A l~a tangente A 1'axe dii canal. Pour les faces interne-et externe (fig-. 12.2 et 12.4.1),
V.angle entre l1horizontal et l~a trajectoire des bulles est moindre ; respectivement 250 et 150.
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Ces angles sont plus faibles lorsque le nombre de Reynolds augmente.

L'6paisseur des zones de recirculation est mince et de l'ordre de 5 A 10 % dui diam~tre
hydraulique.

Il en r6sulte qu'une mod~lisation correcte en r~gime turbulent de ce type d'dcoulement ne
pourra se faire qu'en raffinant le maillage pr~s des parois.

En guise de conclusion A ce chapitre, sur un plan purement pragmatique, il vient une question

-quel peut 6tre l'indicence, sur le plan des dchanges convectifs, de ces diff~rentes structures, deux,
quatre tourbillons ou asym~trique ?

En effet, les effets d'entrde jouant un r6le important sur le d~veloppement des structures
secondaires, dans les situations r6elles (cavit4 interne d'aube), les ph~nom~nes d~crits plus haut
peuvent apparaitre ce qui rend les pr~visions d~licates.

6. CONCLUSION

La connaissance des 6coulements et transferts de chaleur dans les canaux internes des aubes de
rotor de turbines est n~cessaire pour l'optimisation de la gdom~trie de ces cavit~s dans le but d'obtenir
la meilleure efficacit4 thermique.

A 1'ONERA un montage d'essais a Wt r~alis6 pour 6valuer l'influence des effets de la rotation
sir les dchanges convectifs dans un canal qui simule, de mani~re sirnplifi~e, une cavitA interne d'aube de
rotor de turbine. Les exp~riences ont 6t6 conduites avec deux maquettes constitu~es de tubes A sections
rectangulaires de rapport 2 et 0,5 entre les c6t~s. Avec ces g~omdtries les coefficients d'6changes
convectifs sont notablement modifi~s par rapport A ceux rencontr~s dans un canal statique. Lorsque la
vitesse de rotation s'6l6ve, 1l6change convectif global s'accroit ; 1'augmentation est importante sur la
face de pression dui canal alors qu'il diminue le long de la face de d~pression.

Ces effets s'expliquent principalement par les 6coulements secondaires induits par la force de
Coriolis.

Parall~lement A cette approche expdrimentale, une mod~lisation num~rique par la r~solution de3
6quations de Navier-Stokes en 3D est en cours de d~veloppement. Les r~sultats obtenus en 6coulement
laminaire sont conformes 4-ceux publi~s par d'autres auteurs (12] et (13] et il apparait pour certaines
valeurs des nombres de Rossby et d'Ekmann des recirculations A deux ou quatre tourbillons.

Pour l'6coulement turbulent, mne mod~lisation tridimensionnelle compl~te d'une boucle avec les
canaux :centrifuge, courbe et centrip~te a- At r~alis~e. La coraplexitd des 6coulements secondaires, en
particulier dans la partie courbe est tr~s nette, la distorsion des profils de vitesse axiale apparait
avec, cosine pr~visible, une intensitd bien moindre qu'en r~gime laminaire. Ce type de calcul va 6tre
poursuivi avec un code NS 3D qui est en cours de validation et qui permettra une analyse quantitative des
6changes thermiques avec les parois.

Les 6coulements secondaires qui prennent naissance dans in canal rectiligne en -rotation peuvent
6tre 6tudi~s exp~rimentalement et plus simplement dans un canal courbe en effectuant une analogie
rotation-courbure. Les conditions exp~rirnentales 6tant d~finies A partir d'une situation analysde sur le
plan thermique (maquette a/b =2, ReDH = 18000 et Ro = 0,16).

La visualisation des trajectoires de bulles d'air ou d'hydrog~ne dana le canal courbe, A partir
de l'6clairement de diff~rents plans horizontaux et verticaux, : et en 6vidence un systfme A deux
tourbillona. Cependant, une perturbation mod~rde de l'6coulement rbilis6e A 12,5 x DH A l'amont dui canal
courbe conduit A une modification de cette structure vers un syst~me A quatre tourbillons. line pertur-
bation plus importante induit une organisation asyin6trique.

Ces r~sultats qualitatifs rejoi-,nant ce qui A Wt prddit par Soh (-16] en 6coulement laminaire
sur l1influence des conditions amonts sur lea structures secondaires.
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DISCUSSION

D.K. HENNECKE, Technische Hochschule, Darmstadt, Germany

In your measurements, what kind of velocity distribution in the
inlet cross section of the test section did you try to achieve
and how did ycou do it ?

Author's reply:

The shape of the inlet part, just before the test section
(centrifugal duct) has been chosen with with the industrial
partnet (SNECMA) in order to have a similar shape of the
channel before the blade.
Therefore, in order to compute accurately the flow in 3D (and
consequently the friction and the heat transfer coefficients.
within the test section) it is necessary to start the
computation near the axis of rotation owing to the Coriolis
force which induces secondary flow from the hub.

J.MOORE, Virginia Polytechnic Institute, US

The orientation of your bend is at 90 degrees to that used in
our paper. Are you also planning to test different bend
orientations ?

Author' s reply

With the first test section (a/b =2), the objective was
specifically the study of the two channels :

- the centrifugal channel one
- the centripetal channel one

Therefore, the radius of the curved part which connects the two
ducts has been chosen in order to minimize the perturbation
of the flow induces by the bend.

But, with the second test section ( a/b ..5), the geometry is
close to a real cavity of blade and the orientation of the bend
is at 900 by comparison to the first test section and like the
one computed in the paper of Mr and Mrs. Moore.
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SUMMARY

Early testing at the National Research Council of Canada's (NRCC) Highly Loaded
Turbine Test Rig revealed that the total temperature downstream of a turbine nozzle was
redistributed relative to the nozzle inlet total temperature distribution and furthermore
there was an apparent change in area averaged total temperature across the stator row.
In order to examine these observations a transonic planar cascade of the exhauster type
was constructed at NRCC. Tests were carried out at pressure ratios giving nozzle
isentropic exit Mach numbers ranging from low subsonic to low supersonic. Wedge probes
were used to measure total pressure, total temperature and flow angles downstream of the
nozzle blades.

Test results indicated that exi-t total temperature distributions are highly
redistributed and possible reasons for this phenomenon are discussed. Results of area
averaged aerodynamic losses are also given and their relation to the change in total
temperature across the nozzle blades are discussed.

NOMENCLATURE

Cpo = local total pressure loss coefficient, (Po1-Po2 )/(Po1 -Psm 2 )

Cpo = area weighted mean of Cpo
DTO = local total temperature differential between exit and inlet, To2-Tol

DTO = spanwise or pitchwise mean of DTo

DTO = area weighted mean of DTo
k = ratio of specific heats
m = mass flow
Ma = Mach number
Po = local total pressure
PR = nozzle total-to-static pressure ratio, Po 1 /Psm 2
Ps = local static pressure
Psm = mean static pressure
Rf = recovery factor, (Taw-Ts)/(To -Ts)
Taw = adiabatic wall temperature
To = total temperature
Ts = static temperature
y = distance from wall

6 = boundary layer thickness

Subscripts

1 = nozzle inlet plane
2 = nozzle exit plane

- frccatream conditio

INTRODUCTION

A joint research program between the National Research Council of Canada (NRC) and
Pratt and Whitney Canada (P&WC) was initiated in the early 1970's. This program studied
an aggressive design of a highly loaded, low wheel speed gas generator turbine stage of
a typical P&WC aviation gas turbii.:, engine of about 600 shaft horsepower. The objectives
of this experimental and theoretical research program were to explore design rules for
highly loaded turbines and evaluate and improve current design and analysis tools. In
support of this work a highly loaded turbine test rig (HLTTR) was constructed in which a
three times engine size stage (stator and rotor or stator alone) could be operated at
representative Reynolds and Mach numbers. A description of the facility and some results
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of the research program have been published by Moustapha [1,2], Williamson [3,4,5] and
Schaub [6].

Unpublished results of total temperature traverses taken downstream of the stator
blade row (no rotor installed) indicated a nonuniform distribution of total temperature.
This result was unexpected, as the total temperature probes had been calibrated over the
Mach number range, the total temperature profile upstream of the stator blade row was
uniform, there was no work done by the stator blades on the flow and the flod of air
through the stator blade row was assumed a priori, to be adiabatic. Figure 1 is a total
temperature contour plot at the stator exit; as can be readily seen there are distinct
'wakes' from the stator blades. Also apparent is the close spacing of the contour lines
at the hub indicating a gradient in the total temperature. An area weighted average of
the total temperature was made at the rotor exit, and when compared to the upstream total
temperature, an apparent nominal increase in-total temperature of 4.4 degrees Celsius was
observed.

This research program indicated that there was a redistribution of the gas stream
total temperature profile as it passed through the stator blade row, and an increase in
the area weighted average of total temperature. The redistribution of the total
temperature profile and the ipparent change in total temperature were detected in both
cold and hot gas tests when either a wedge or cobra probe was used for flow measurements.
No published literature could be found which addressed these observations. Private
communications with engineers at both Pratt & Whitney Canada Inc. and Westinghouse Canada
Inc. indicated that this phenomenon had never been observed and the design of engines was
carried out assuming there was no change in the -total temperature distribution through
non-cooled stator blade rows.

The initial hypothesis put forth to explain these phenomena was that heat transfer
was occurring between the test rig and the gas stream flowing through the nozzles, the
driving temperature gradient being the difference between the ambient test rig temperature
and the depressed static temperatures in the nozzles. It was further hypothesized that
the local boundary layer recovery factors were sufficiently depressed by the action of the
secondary flows in the nozzle, that heat transfer could occur -to the extent the total
temperature was redistributed and the average raised. [7]

In order to investigate these phehomena an- experimental program was initiated on a
separate planar cascade rig. The goals of this program were to reproduce the
redistribution of total temperature in a highly loaded-, high turning angle planar cascade,
and to study the effect of secondary flows on local heat transfer coefficients at
representative engine Mach and Reynold's numbers.

The purpose of this paper is to describe the experimental facilities and the
preliminary results of this short term research program.

TEST FACILITIES AND TEST METHODS

Transonic Planar Cascade. The planar cascade constructed for this experimental
investigation was an exhauster type with six blades and five nozzle passages. The highly
lvaded, transonic turbine stator blades were scaled- to 4.3 times engine size and employed
the mid-span profiles of the blades used in the NRC HLTTR. The distinguishing feature of
this transonic planar cascade, versus the traditional two-dimensional cascade, was the
requirement for three-dimensional flow- within the nozzle passages. Though spanwise
pressure gradients could not be simulated, the use of an extended inlet bellmouth of
6.67:1 aspect ratio allowed endwall boundary layers to be grown to one-tenth blade span
in height, resulting in the classic horseshoe vortices and the associated- three-
dimensional flows [7]. Adjustable boundary layer bleeds were installed on both sidewalls
adjacent to and upstream of the first and sixth blades to remove sidewall boundary layers
and developing corner vortices. Variation in periodicity, as measared by the comparison
of static pressures at midspan and downstream of the blades making up the centre nozzle
passage with those of the two bounding nozzle passages, was less than 0.5 % for the range
of cascade operating pressure ratios of 1.-07 to 3.0. An adjustable, porous, 3/16 inch
thick aluminum tail board allowed -fine adjustment in periodicity between nozzle passages
and the elimination of shock wave reflection by the tailboard. Tailboard porosity was 23
percent with 3/16 inch holes normal to the tailboard surface on 3/8 inch pitch. Hole depth
to diameter ratio was one. The cascade was operated- by a 2680 horse power exhauster
facility, capable of continuously drawing 10 pounds of air per second at 2 psia. A
schematic representation of the planar cascade -is given in Figure 2.

Major specifications and design conditions of the planar cascade are as follows:

Blading
Blade chord, C 8.032 in
Axial blade chord, Cx 3.33 in
Blade pitch, S 5.817 in
Blade span, H 4.44 in
Blade aspect ratio, H/C 0.871
Solidity, C/S 0.876
Design turning angle 76 deg
Nozzle throat width 1.215 in
Number of blades 6
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Design conditions
Inlet total temperature 70 F
Inlet total pressure 14.7 psia
Pressure ratio 2.3
Inlet Mach Number .112
Exit Mach Number 1.2
Mass flow rate (total) 8.5 lb/s
Reynolds Number (-axial) 213000

Data Acquisition System. The data acquisition system was a Hewlett Packard 3054C Data
Acquisition and Control System. L.C, Smith traverse gear, controlled by the HP 3054C
system was used to traverse the wedge and total head probes in the pitchwise, spanwise and
yaw directions. Static pressures were scanned and measured by a ganged miniature
Scanivalve system. Wedge and total head probe pressures were measured with stand alone
Statham pressure transducers. Control of the Scanivalve, measurement and recording of the
pressure transducers was carried out by the HP 3054C system.

Probes and-Probe Calibrations. Inlet boundary layer profiles were measured using a 0.0625
inch diameter total head tube. Downstream total pressures and temperatures were measured
with 3/16 inch diameter United Sensor model WT187 wedge probes. Calibration of the wedge
probes was carried out at the NRC's National Aeronautical Establishment transonic 5 inch
by 5 inch pilot tunnel. Wedge probe calibration extended over a Mach number range of 0.4
to 1.2 with a bias to the transonic region (Ma=0.9 to 1.2). Post processing of these data
indicated that the probe total temperature recovery factor, Alpha, was Mach number
dependent. Fortunately, data from a previous calibration of two of the wedge probes
covering a Mach number range of 0.58 to 0.85 with a few data at a nominal Mach number of
1.5 were available. Data from all the probe calibrations were used in the calculation of
a probe recovery factor, Alpha. It was appreciated that this probe recovery factor would
be an average value for all the wedge probes, but the trend of Alpha versus Mach number
would be more correctly represented. Figure 3 is a plot of Alpha versus Mach number-.

Calibration of the copper constantan thermocouples used to measure inlet and exit
total temperatures was carried out at the NRC's Division of Physics. Accuracy of the
thermocouple calibration was +-0.36 F (20:1 odds) with a resolution of 0.045 F. Accuracy
of the differential temperature measurements between exit and inlet total temperatures
(DTo) was +- 0.063 F (20:1 odds-). Error analysis was carried out using the method of
Moffat [8].

Instrumentation. Instrumentation was designed to explore flow angles, total and static
pressures and total temperatures. Mass flow through the centre nozzle passage was
measured by traversing the inlet or exit flow area over one blade pitch and one half span.

Nozzle inlet conditions were globally defined by comparison of spanwise inlet
velocity profiles taken at the five mid-pitch locations between nozzle blades. Detailed
investigations of the inlet flow in the centre nozzle passage was permitted by spanwise
and pitchwise traversing through a slot upstream of the centre nozzle passage.
Measurements were carried out at 60 % axial chord length upstream of the blades.

The two blades bounding the centre nozzle passage were equipped with four static
pressure tappings at midspan on the suction surface and one tapping on the trailing edge
of the pressure surface at the nozzle throat. Eleven tappings were positioned midway
between the two blades on the endwall. Five blades of the cascade had static tappings at
30 % of axial chord to allow measurement of periodicity.

Downstream static pressures were measured by 16 tappings spread over three complete
blade pitches and located such that no shock waves covered a tapping at design conditions.
These static tappings and the downstream traverse slot were at 23 % axial chord length
downstream of the blades. The downstream slot allowed spanwise and pitchwtse traverses
to be carried out using a wedge probe to measure both total temperature and pressure.
The wedge prcbe total temperature thermocouple was connected electrically in series to a
thermocouple measuring the inlet total temperature. Thus change in total temperature
between inlet and exit was measured and recorded.

Wedge probe total temperature and pressure ports were limited in approach to the
endwall by contact between the wedge probe tip and the endwall. This occutreJ when the
total pressure port and total temperature ports were .164 inches and .078 inches from the
endwall. Considerable care was -taken to ensure adequat. sealing ot the traverse slot, an4
final checks were made with smoke to ensure no detectable leaks were present.

The wedge probe was operated under computer control, being automatically nulled via
a binary search routine at each preselected medaurement station before readings of probe
yaw angle, total temperature and total pressure were recorded. The software allowed a
total of 20 spanwise and 20 pitchwise positions to be surveyed; for these experiments 7
uniformly dispersed spanwise positiors from the endwall to 55 % of a1.de span and 17 non
uniformly dispersed pitchwise positions (biased to high gradient areas) covering 120 % of
blade pitch were surveyed.

Experiments were conducted at 7 nominal pressure ratios ranging from low subsonic to
supersonic exit flow conditions. Pressure ratios are as follows: 1.07, 1.20, 1.40, 1.60,
1.90, 2.30 and 3.00.
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Local wedge probe static pressures were not used to calculate local Mach numbers as
wedge probe calibration results indicated that the wedge probe static pressure tappings
read high for Mach numbers greater than 0.4 with errors up to 50 % at a Mach number of
1L2. Calculation of local Mach numbers was carried out with pitchwise variation in static
pressure being obtained by linear interpolation amongst the 16 downstream static pressure
tappings and constant spanwise static pressure being assumed.

Traverse pitchwise and spanwise positional accuracies were limited )y gear play in
the L.C. Smith traverse equipment and were estimated (20:1 odds) as +-0.008 inches and +-
0.009 inches respectively, whilst yaw positional accuracy based on gear play and the
ability of the software to 'null' the wedge probe was estimated at +-0.14 degrees.

The ability to determine gas flow direction from probe yaw angle was more difficult
to estimate, as the probe may be 'nulled' in a shear flow but not be pointing into the gas
flow. In areas of high shear it is estimated that the measured gas flow direction is
within +- 10 degrees, whilst in non-shear flow areas it is estimated that the error in
gas flow direction is +-0.o4 degrees. An example of this problem is displayed in Figure
4 which is a pitchwise plot of spanwise averaged exit flow angles. The ordinate axis is
the distance from the stacking axis of blade number 4, the abscissa axis is the exit flow
direction. Flow from the suction surface of the blade is to the left side of the plot.
It is readily seen that there is an apparent underturning of the flow from the pressure
surface and an apparent overtucning of the flow from the suction surface as the probe
traverses the blade wake. This apparent underturning / overturning is the result of the
probe yawing away from the flow direction as the nulling algorithm nulls the probe's two
static pressure taps in the high shear flow associated with the blade wake.

Wedge probe calibration indicated that measurement of total temperature was
unaffected by yaw angles up to 30 degrees, whilst measurement of total pressure was more
strongly dependent on yaw angle with the wedge probe under estimating the total pressure
by 1.8 % at 10 degrees, 7.5 % at 20 degrees and 19 % at 30 degrees. Accuracy of total
pressure measurements was estimated to be (20:1 odds) +-0.48 % of total pressure. While
the accuracy of the static pressure measurements was estimated at (20:1 odds) +-0.20 % of
reading, the assumption of no spanwise static pressure gradient overlooks the fact that
the shock waves emanating from the trailing edges of the blades are three dimensional
surfaces and errors of the order of magnitude of 40 % in the local static pressure could
be present. Due to the disposition of the downstream endwall static pressure taps, and
shock waves being a local phenomenon, these uncertainties were expected to affect a small
proportion of the readings.

An indication of the errors introduced by errors in flow angles and local static
pressure may be seen by comparing the ratio of measured exit to inlet mass flow of -the
centre nozzle passage as a function of pressure ratios as shown in Table I below.

Pressure Ratio m2/mI  Ma
1.2 1.06 0.52
1.4 1_.12 0.71
1.6 1.16 0.85
1.9 1.25 1.00
2.3 1.18 1.16

TABLE I

RESULTS AMD DISCUSSION

Inlet Conditions. Inlet turbulence level at midspan was assessed using a constant
temperature hot-wire anemometer mounted at midspan and midpitch, 60 % of an axial chord
length upstream of the blade leading edges. The measured axial turbulence level was 3 %
of the inlet velocity at design conditions. This value is low by actual turbine inlet
standards. No provisions were made to increase the turbulence levels by screens or grids
as it was felt that turbulence decay rates would be large, introducing additional
uncertainties into experimental results.

Inlet traverses were conducted at five mid-pitch locations and 60 % axial chord
upstream. The velocity profiles were essentially flat, with boundary layers being 10 %
blade span in thickness. A detailed spanwise and pitchwise inlet velocity profile
traverse upstream of the centre nozzle passage indicated- local -flow acceleration due to
the proximity of the blade leading edges.

Area and- Hass-Averaged DTo. Figure 5 is a plot of both area and mass averaged values of
DTo -versus isentropic exit Mach number. Note the PRs at which -the discrepancy between the
two curves is -the greatest. They are the same PRs that indicated -the largest errors in
exit mass flow, see Table 1. Though this plot shows an apparent dependence on Mach number
of D-1T it does indicate that D- has an average -nominal positive value of 1.6 -F. This
value of D lomay be attributed to heat transfer from the- vanes and endwalls of the cascade
to the airflow at locally low static temperatures. Infrared pictures were taken of -the
cascade when operating at a PR of 2.30. These pictures indicated- that the cascade was
operating 7 F below the ambient temperature due to the above heat loss mechanism. A
simple, natural convection calculation was carried out to determine the change in total
temperature through the planar cascade due to the heat gain by the pLanar cascade from -the
surrounding ambient air. This calculation indicated- a change in D-9T- of 1.8 F.
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Differential Total Temperature Contours. Figure 6 is a graph of differential total
temperature contour plots between the inlet total temperature (nominally 530 R) and the
local exit total temperature. The plots are for PRs equalling 1.20, 1.40, 1.60, 1,90,
2.30, 3.00 respectively. These data were taken at 23 % of an axial chord length
downstream of the blade row and are plotted as projected on a plane orthogonal to the
inlet flow direction. As noted earlier, the data were taken over 55 % of blade span and
120 % of blade pitch with the traversed area being centered at mid-pitch between the two
blades bounding the centre nozzle passage. The wake is evident between the pitchwise
distances of 0.5 and 2.0 inches. The abscissa axis is the spanwise distance from the
cascade endwall along the blade. Midspan is at 2.2 inches. The ordinate axis is the
pitchwise distance from the stacking axis of blade number 4. Flow from the suction
surface is to the left end of the ordinate. Contour spacing is 2 F over a range of -24
to 14 F. The thick line denotes the zero differential total temperature curve. Contour
lines in the centre of the blade wake are always negative indicating that the local total
temperature is below the inlet total temperature. Contour values elsewhere are as noted.

It is evident from the plots for PRs of 1.20 to 1.90 that the blade wakes are bowed,
with the midspan portion listing to the pressure surface and the endwall wall portion
listing to the suction surface. Bowing of the blade wake is not noted in the plots for
PR=2.30 and PR=3.00 and the flow patterns better define the blade trailing edge as
projected on a surface at 76 degrees. This is attributed to the flow field through the
nozzle becoming better defined as the trailing edge shock waves fully develop. Also note
that the area of maximum DTo depression migrates from the midspan position to near the
endwall and from the pressure surface to the suction surface as the PR increases. The
value of the DTo depression becomes greater and achieves a maximum between the pressure
ratios of 1.60 and 1.90. It then lessens as sonic and finally supersonic flows are
achieved. Table 2 lists the maximum DTo depression as a function of PR.

PR DTo (F)
1.07 -2.3
1.20 -4.5
1.40 -8.1
1.60 -22.0
1.90 -23.8
2.30 -12.7
3.00 -8.1

TABLE 2

Associated with the depression of DTo in the wakes is the elevation in total
temperature at the edge of the blade wakes with DTo rising to values between +4 and +10
F.

A physical mechanism which results in DTo being negative in the blade wake and
positive at the sides of the wake is viscous heating of a high speed boundary layer on the
blade in which the inner layers of the boundary layer experience a static temperature
rise. Assuming an adiabatic blade, the static temperature rise is accompanied by heat
conduction and convection away from the blade and out of the boundary layer. The heat
conducted and convected away from the blade raises the static temperature of the gas
stream outside the boundary layer, resulting in an increase in total temperature outside
the boundary layer. The temperature of the blade surface when steady state is achieved,
will be at the adiabatic wall temperacure. Noteworthy is the fact that at the blade
surface the velocity is zero and thus the adiabatic wall temperature is equal to the local
total and static temperatures.

Taw=Ts(0)=To(0) at y=0

Thus, within the boundary layer, local total temperature is depressed relative to the
freestream total temperature. Extrapolation of this concept leads to the conclusion that
the expected minimum total temperature of the wake behind the blade will be Taw.

Figure 7 is an illustration of non-dimensional Ts* and To* approaching an adiabatic
wall. The illustration is composed of two graphs. The left graph is a plot of the
velocity profile. The right graph is a plot of the non dimensional temperatures Ts* and
To*. The To* profile, a function of Ts* profile outside the boundary layer for a constant
velocity distribution and a function of the velocity and Ts* profile inside the boundary
layer, displays the anticipated behaviour. The To* profile displays an increase in value
at y/-3, reaching a maximum at y/S =.8 and then falling in value to Taw at y/ =0.

In order to compare the simple theory outlined above with experimental results, DTo

may be defined for a given Mach number as follows:

DTo=Taw-Top (1)

The recovery factor Rf, used to describe the relationship between -the freestream total
(Tq. and static (Ts) temperatures and the adiabatic wall temperature (Taw), is redefined
as folloys:

Rf=(Taw-Ts.)/(To.-Ts.) (2)
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Combining equations 1 and 2 with the following isentropic relationship,

To./Ts=1+((k-1 )/2)Ma2  (3)

the following equation relating DTO to Rf and Ma may be derived,

DTo=To(Rf-1)(1-(1+((k-1)/2)Ma2 )- ) (4)

Figure 8 displays two plots, firstly a plot of equation 4 with Rf=.88, a nominal Rf
value for flat plates, [9] and secondly, the minimum measured values of DTo in the blade
wakes for seven values of PR studied. The ordinate is the isentropic exit Mach number
and the abscissa is DTo in degrees F. The experimental and theoretical data display the
same trend for 0 < Ma < 0.7, although the experimental data are more depressed. The
experimental data at 0.7 4 Ma < 0.95 plunge and reach values three times lower than- the
theory would -indicate. At Ma=0.95 the experimental data rise rapidly to values much less
negative than theory would indicate. This is to be expected as the present data are taken
downstream of the blade trailing edges and as such the -wake total temperature will be
partially mixed out. The pattern displayed by DTo versus Ma is similar to that displayed
by the area averaged values of Cpo versus Ma shown in Figure 9. These extreme excursions
in the data are associated with the flow field developing a boundary layer / shock wave
system associated with supersonic flow.

Figures 10 and 11 are graphs of DTo versus pitchwise position and DTo versus spanwise
position respectively. In the spanwise direction the values of DTo are predominantly
positive and increasing in value from the endwall to midspan. There is some dependence
on PR, with the midspan values of DTo for PRs of 1.60 and 1.90 becoming negative whilst
the midspan values for the other PRs are all positive.

Comparison of the two Figures reveals that considerable variation of DTo occurs in
the pitchwise direction, with the depth of the negative depression in the blade wake and
the elevation of DTo in the positive direction on either side of the blade wake strongly
PR dependent. This variation in the pitchwise direction is up to an order of magnitude
larger -than variation in the spanwise direction. It is noteworthy that the shape of the
curves has the same form as that shown in Figure 7; that is, the DTo distribution becomil.g
positive as the wake is approached and then going negative as -the wake is entered,
reaching a maximum negative value at mid-wake. This distribution of total temperature
through the wake is similar to the distribution of total -temperature found within the
Ranque-Hilsch vortex tube (10,11,12]. It is interesting to note that although the vortex
flow is rotational in nature, both wake and vortex flows are characterised by high shear
flow phenomenon.

Differential Total Pressure Loss -Contours. Figure 12 is a graph of total pressure loss
coefficient contour plots, displayed in similar fashion to the previous group of Figures.
Total pressure loss coefficient is defined as follows:

Cpo=(Po1-Po2-)/(Po1-Psm2-)

The downstream mean static pressure Psm2, is obtained by area averaging the readings from
the downstream wall static pressure taps. Contour spacing is 0.05 with a range of 0.05
to 0.6.

Trends in the distribution of Cpo are identical in nature to the DTo trends outlined
above, with the areas of maximum Cpo mapping onto the areas of maximum DTo depression.
Secondary flow losses associated with the passage vortex on the suction surface are very
distinct for PRs up to 1.90 but disappear as the flow becomes sonic.

Migration of the maximum loss area from the midspan to -the endwall region can be
explained by using -Figure 9 which is a plot of area averaged- Cpo versus isentropic Mach
number. In a planar cascade, there is no radial pressure gradient and the flow- could be
expected to initially become sonic at mid passage. Figure 9 displays that as the flow
approaches and exceeds Mach 1 the losses decrease in magnitude; thus, as -the flow becomes
sonic from the midspan area outward to the endwalls, the maximum loss area preceds the
sonic zone's growth.

CONCLUSION

An exit survey of a transonic cold flow planar cascade with highly loaded, high
turnng stator blades has tshuwn that there is modification to the uniform inlet total
temperature distribution -resulting in a radically redistributed total temperature profile
at exit. The redistribution of the total temperature profile is strongly Mach number
dependent with maximum redistribution taking place just prior to -the flow becoming
supersonic. The maximum negatively depressed values of DTo differ from those calculated
by preliminary analysis and indicate that the depressions are not just a function of
adiabatic wall temperature. Pitchwise variation of DTo is up to an order of magnitude
larger than the spanwise variation. The area of maximum negative depression in the DTo
contour plots -is at the same position as the area of maximum Cpo losses, which indicates
the depression in DTo is linked to the production of entropy. The exit contour plots of
DTO map one -to one with the exit contour plots of Cpo. As the data were produced by
independent measurements, this confirms that the redistribution of total temperature is
a real phenomenon and not a measurements problem. The variation of area average Cpo
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versus Ma indicate that the losses increase as the flow attains high subsonic speeds and
then decrease abruptly, once supersonic flow is attained.
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DISCUSSION

Epstein, USA

Your temperature nonuniformity results can be completely explained by the
presence of a spanwise vortex street in the blade wakes. These vortices
have been observed in essentially every turbomachine in which they have
been looked for, both turbines and compressors. The vortices, whose
strength varies with the wake width, and the square of the Mach Number,
generate intense cold spots due to unsteady flow (they move at a velocity
different both from the mean freestream and the wake) - temperature
depressions as low as 80 C for a 300 K mean flow temperature have been
observed in vortex cores in the wake of airfoils at a freestream Mach
Number of 1.4. The presence of the row of vortices has the effect of
depressing the mean temperature of the wake - as is well known from
cylinder studies going back to Eckert in the 1930's. The spanwise
variation is caused by radial transport in the vortex cores. This topic
has been addressed by Kurosaka in JFM, Epstein in JofP-(AIAA), and an MIT
Thesis of Kotedis, among others. Also, the Ranque - Hilsch tube operates
due to unsteady pressure (acoustic) forces as pointed out by Kurosaka.
Similar phenomena exist in your experiment in each blade wake.

Author's Reply:

I would like to thank Dr. Epstein for his comments and excellent
references. Having reviewed the references I think it is premature to
state "your temperature non uniformity results can be completely explained
by the presence of a spanwise vortex street in the blade wakes .... ". My
reasons are as follows:

The original work of Eckert and Weise [Al, A2] concerned the circumferen-
tial variation of local adiabatic surface temperature on a cylinder
immersed in a high subsonic air stream. Eckert and Weise determined that
the recovery factor (based on upstream conditions and the adiabatic
surface temperature) became negative at the trailing edge- of the cylinder.
The theory proposed by Kurosaka et al [A3] to explain the "Eckert-Weise
Effect"; that is "the time-varying static pressure field due to the vortex
movement separates the instantaneous total temperature into hot and cold
spots located around vortices; once time-averaged, however, the total
temperature distribution conceals -the presence of hot spots and takes the
guise of a colder wake"; assumes a-priori that the disposition of the
total temperature on the cylinder should be mimicked in the flow. I
believe that the disposition of total temperature about the cylinder is a
local -effect caused by the- interaction of the cylinder boundary layer and
fluctuating wake. This would also be true for the results of Thomann [A4]
who extended the work of Eckert and Weise to included contour plots of the
recovery factors on the endwall of his test facility.

Another area of concern I have with the theory proposed by Kurosaka et al
is the ability to generate a time-averaged flow in which the total
temperature is depressed within in the wake without a concomitant area of
elevated total temperature. This appears to violate the law of energy
conservation.

The data (Figures 6, 10) distinctly display an area of depressed total
temperature in the wake and a concomitant area of elevated total
temperature at the outside edges of the wake and into the passage flow.
It should be pointed out that my data are time-averaged not timeresolved.
Figure F1 is a contour plot of the recovery factors displayed in a- similar
fashion to Figures 6 and 12. The recovery factor is defined- as:

Rf-(Towp - Ts)/(To-Ts)
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Where Towp is the corrected wedge probe total temperature. The other
variables are defined as in the paper. It is readily apparent that the
recovery factor is less than 1.0 in the wakes indicating that the local
wake total temperature is less than the upstream total temperature whilst
at the edge of the wake and into the flow the recovery factors are greater
than 1.0 indicating an area of elevated total temperature as is expected.
This topography of total temperature is similar in nature to that found on
a flat plate exposed to a high speed flow, to the Ranque-Hilsch tube and
other examples as pointed out by Eckert [A2]. This total temperature
topography is not supported by the -theory of Kurosaka et al.

The final area of concern I have is your comment (attributed to McCune)
that the vorticies strength vary with the square of the Mach Number.
Specifically you state [A5]: "He shows that the pressure field
fluctuations from the vortices change the total temperature distribution
in the fluid and that the amplitude of this effect scales with the square
of the freestream Mach number". Thus, one can conclude that the total
temperature depression in the blade wake should follow a Mach Number
trend, and in fact, shculd vary as the square of the Mach number. If one
combines the Mach number data -from Table 1 and the local total temperature
differential between exit and inlet data (DTo) from Table 2 it is apparent
that the data does have a Mach number trend, but, hardly one describing a
second order relationship.

In conclusion I do not think that my data may be "completely" explained by
the theories proposed to date. There is ample evidence to support that
the energy separation is caused by the -effects of -unsteady pressures and
is enhanced by resonance (acoustic or ultrasonic, McDuffie [A6]). There
is still -no unified theory that explains all the results published to date
and thus the explanation for energy separation still eludes us.

REFERENCES

Al Eckert, E.R.G., 1984, "Experiments on Energy Separation in Fluid Streams,"
Mechanical Engineering, October 1984, pp. 58-65.

A2 Eckert, E.R.G., 1986, "Energy Separation in- Fluid Streams," International
Committee on Heat and Mass Transfer, Vol 13," 1986, pp. 127-148.

A3 Kurosaka, M., Gertz, J. B., Graham, J. E., Goodman, J. R., Sundaram, P.,
Riner, W, C., Kuroda, H., Hankey, W. L., 198-7 "Energy Separation in a
Vortex Street," Journal of Fluid Mechanics, Vol 178, pp. 1-29.

A4 Thomann, H., 1959, "Measurement of the Recovery Temperature in the Wake of
a Cylinder and of a Wedge at Mach Numbers Between 0.5 and 3," FFA Report

84, Stockholm, 1959.

A5 Epstein, A. H., Gertz, J. B., Owen, P. R., Giles, M. B., 1988, "Vortex
Shedding in High-Speed Compressor Blade Wakes," Journal of Propulsion,
Vol 4, No. 3, 1988, pp. 236-244.

A6 McDuffie, N. G., 1979, "Resonance in a Ranque-Hilsch Vortex Tube," ASME
Journal of Heat Transfer, 79-HT-16.



27-16

PR=1 .40

LY//1'

LEGEND

/ 10 PR-1 6 No. Rf

1 81.65

K • 3 0.75
4 8.8
5 8.85G 0 .9

, /7 0.95

le 1.1

S 1l 1.1512 1 .2

PR=1.98 13 1.25

Lii

P -2.3

w
u

-- 2R

z
L --. 1.5 2.5 3.5 4.5 5.5

PITCHWISE DISTANCE FROM STACKING AXIS

CONTOUR PLOT OF RECOVERY FACTOR DISTRIBUTION

------- A~ ........... _ _



27-17

Hennecke, Germany

I want to support Dr. Epstein's written comment. Cases with total
temperature redistribution are, for instance, the flat plate in high speed
flow (your fig. 7) or the Hilsch tube. Relevant to this case, however are
the results for cylinders in cross flow where the unsteady pressure
fluctuations due to V-)n Karman vortex streets cause regions of increased
and decreased total temperature. A relevant paper was recently published
by E.R.G. Eckert where the mechanism is explained. I think the results
can be applied to your cascade.

Author's Reply:

Thank you for your comments, I will obtain the paper you have referenced
and review it.

Moore, USA 27-3

From the discussions of Professors Epstein and Henneke, it is not clear
whether this redistribution of total temperature has ever been measured
before in a turbine blade row. Can the discussors and the author please
clarify this point?

Author's Reply:

AUTHOR - I have been unable to find any reference to the redistribution of
total temperature downstream of a turbine blade row. I would like to
point out that Dr. R.G. Williamson, who observed this phenomenon, in the
early 1980s, at the NRC on data taken on the Highly Loaded Turbine Test
Rig, was also unabl to find any published references-.

L. FOTTNER - As far as I know there is no information on this problem for
actual turbine cascades.

D. HENNECKE - I have not seen those -results on a turbine cascade either.
My comment referred to a cylinder in cross flow.

Sieverding, Belgium

What are the physical reasons for the temperature rise outside of
the wake? Could you make some coimments on the probe blockage effect? Did
the probe span the full blade height for all traverses or was it gradually
immersed. In the latter case the blockage effect increases with
increasing immersion of the probe into the channel.

Author's Reply:

atriue the elevated -temperatures outside of tha wake to t"-but-nt
convection from the heated wake boundaries to the main stream.

The effect of probe blockage was assumed to be minimal due to the large
scale of the facility (4.3 times engine size). Investigations carried out
by Schaub et al (see ref. 6) on the NRC Highly -Loaded Turbine Test Rig
(HLTTR) showed that the probe affected the static pressure distributions
on the downstream suction surface of the blades. This effect is dependent
on both the pitchwise and spanwise location of the probe. The design of
the planar cascade was based on -the HLTTR which was designed -to a nominal
three times engine scale and there must be some effects due to probe
blockage, but I am unable quantify them. The -traverses were initiated
with the probe fully immersed ie. 100% of the blade span, as the traverse
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progressed the probe was retracted until at the end of the traverse the

prcbe had been reteacted 55% of blade span.

Jones, UK

I am not aware of the relative humidity in your laboratory but it is
possible that as the air passing through the cascade came from the
laboratory without drying that condensation may have taken place. These

effects can have an influence on the flow prior to the -formation- to
condensation shocks.

Author's Reply:

The potential problem of condensation shocks was addressed in the design
of the planar cascade. The method of Smoulderen (1956) was used to
determine if condensation shocks would occur within the cascade when
drawing air from the laboratory. The result of this study was negative
i.e., no condensation shocks would occur. As pointed out in the
Introduction of my paper, R.G. Williamson in his investigations on the
HLTTR found a redistribution of the total temperature profile for both
cold and hot gas tests ie. the inlet air was heated to a temperature such
that the static temperature of the air leaving the turbine nozzle cascade
was at ambient rcom temperature, thus alleviating the condensation
problem.

Weyer, Germany

We have to fulfill the energy conservation laws] Thus, did you check - by
integration - the total energy at inlet and outlet and do they agree to

each other?

In a highly turbulent or fluctuating flows that turn in a curved channel,
normal pressure gradients initiate an unmixing -process of high speed and
low-speed (turbulent or fluctuating) flow spots; this might lead to
distinct energy or total temperature distributions as shown.

Author's Reply:

Yes, I did attempt, by integration to compare the inlet and outlet total
energy. Unfortunately, in high shear flows the wedge probe when used to
measure total pressure and temperature may be nulled very accurately, but
unfortunately did not point in the gas flow direction. This lead to
errors in the computed local mass flow (this is shown in Table 1). Thus I
was unable to compare the inlet and exit total energy flow. I did compare
the area weighted energy and ascribed the small difference in total
temperature to heat transfer -from the laboratory to the cascade.
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